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ABSTRACT 


A collection  of  more  than  thirty  case  studies  is  presented  covering 
a wide  range  of  practical  engineering  applications  of  fracture  mechanics 
to  design,  inspection,  maintenance,  and  failure  analysis.  The  case 
studies  are  written  by  individual  specialists  within  industry,  government, 
and  academia  from  the  United  States  and  Great  Britain.  The  collection  is 
divided  into  five  sections  corresponding  to  (1)  Aerospace,  (2)  Joints  and 
Mountings,  (3)  Pressure  Vessels  and  Rotating  Machinery,  (4)  Surface 
Vehicles,  and  (5)  Materials.  Most  of  the  case  studies  are  between  twelve 
and  fifteen  pages  in  length  and  written  to  a standard  format.  The  inter- 
disciplinary nature  of  fracture  applications  is  reflected  in  the  case 
studies,  and  the  reader  is  brought  through  a sequential  development  and 
solution  of  actual  engineering  problems  in  an  interesting  and  economical 
manner. 
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PREFACE 


The  need  to  use  materials  which  will  be  resistant  to  fracture  and  to  design  structures 
such  that  cracks/f laws  will  not  cause  catastrophic  failure  is  well  recognized.  Research 
over  the  jiast  two  decades  has  provided  a core  of  knowledge  on  the  mechanics  of  fracture. 

Iliis  knowledge  is  now  being  used  to  solve  important  engineering  problems  in  the  safe  design 
t structures  which  may  contain  flaws  during  their  service  life.  The  point  has  been  reached 
■It  which  the  accumulated  experience  on  the  applications  of  fracture  mechanics  to  design  and 
failure  makes  possible  the  opportunity  for  a wide  exchange  of  information.  This  will  enable 
newcomers  to  the  field  of  applied  fracture  mechanics  to  learn  how  it  is  actually  utilized. 

It  will  also  provide  fracture  specialists  with  a useful  source  of  new  ideas  on  fracture  ap- 
plications from  areas  outside  their  own  specialization. 

As  part  of  its  role  as  the  11. .S.  Army  Materiel  Development  and  Readiness  Command's 
lliARCOM)  Lead  Laboratory  in  Solid  Mechanics,  the  Mechanics  Research  Laboratory  of  the  Array 
Materials  and  Mechanics  Research  Center,  Watertown,  Massachusetts,  conducted  A J'ui'Vey  of 
-'•■it'tur'e  '-'eohanioi:  Ai-pHcations  in  the  United  dtates  (AMMRC  MS  76-1,  February  1976;  also 
to  he  published  in  engineering  I racture  Mechanics).  An  analysis  of  the  results  of  this 
survey  indicated  that  the  participants  showed  a high  interest  in  developing  a means  for 
increased  exchange  of  fracture  mechanics  data  and  design  methodology.  Cose  r.tudiea  in 
'm'^ture  tleehanies  is  a step  toward  meeting  this  need.  Contributions  were  collected  from 
approximately  fifty  designers,  engineers,  and  scientists  across  the  United  States  and  the 
tfnited  Kingdom  of  6'reat  Britain  who  are  directly  involved  with  some  aspect  of  the  practical 
application  of  fracture  mechanics.  By  this  means,  it  has  been  possible  to  bring  together 
111  one  volume  a wide  range  of  fracture  applications  written  to  a structured  case  study 
format.  As  the  title  indicates,  Caee  Studies  in  Fr'aoture  Meohanias  is  a history  of  the 
experiences  of  engineers  and  scientists  in  the  applications  of  fracture  mechanics  to  engi- 
neering problems  in  design,  maintenance,  and  failure  analysis. 

Many  of  the  authors  indicated  a wish  to  discuss  their  contributions  with  each  other 
and  a small  number  of  fracture  specialists.  With  this  in  mind,  a Forum  on  Case  Studies  in 
Fracture  Mechanics  was  held  at  Ffcissachusetts  Institute  of  Technology  on  the  l6th  and  I7th 
)f  .June  1977.  The  sessions  of  the  meeting  followed  the  five  section  divisions  of  this 
lolume;  Aerospace,  Joints  and  Mountings,  Pressure  Vessels  and  Rotating  Machinery,  Surface 
Vehicles,  and  Materials.  ' 


'.'use  Studies  in  h'raeture  Meahanieo  will  be  of  immediate  use  to  all  individuals  con- 
cerned with  hardware  design  and  failure  analysis.  It  will  also  provide  a valuable  supple- 
men:  for  fracture  mechanics  education  in  the  academic  community.  In  this  way  it  is  hoped 
to  serve  as  a stimulation  for  continued  documentation  and  transfer  of  experience  on  the 
actual  uses  of  fracture  mechanics.  This  could  assist  applications  engineers  in  improving 
the  fracture  resistance  of  future  designs  as  well  as  enabling  the  continued  safe  operation 
of  existing  equipment.  It  could  also  assist  the  research  engineers  and  scientists  in 
identifying  new  problem  areas  and  directions  for  future  investigations. 


At  this  point  we  wish  to  recognize  that  without  the  considerable  efforts  of  the  authors 
of  each  individual  case  study,  this  publication  would  not  have  been  possible.  We  also  wish 
to  acknowledge  the  support  provided  by  both  the  Army  Materials  and  Mechanics  Research  Center 
and  the  Technical  Information  Activities  Program  of  DARCOM  (F..  J.  Kolbl  who  jointly  funded 
the  publication  and  associated  forum.  Recognition  is  also  due  to  Dr.  Roy  Reichenbach  of  the 
Army  Kuropean  Research  Office  for  his  additional  support.  We  are  indebted  to  Mr.  Richard 
Shea,  Chief,  Mechanics  Research  Laboratory,  AMMtC,  for  his  support  and  confidence  in  this 
effort. 


1 


iii 


f 


I 


With  I'e^jard  to  the  forum,  we  would  like  to  recojjnizc  the  efforts  of  the  following 
se-'-'ion  chairmen: 

Professor  R.  I..  Boll,  University  of  Southampton,  Lngland 

Mr,  .1.  I.  Rluhm,  Army  Materials  and  Mechanics  Research  ('enter 

Dr.  Roland  deWit,  National  Bureau  of  Standards 

Dr.  A.  F.  Grandt,  Wr i ght -Patt erson  Air  Force  Base 

Professor  F.  A.  Mc(Mintock,  Missachusetts  Institute  of  Technology 

Professor  .1.  Lyell  Sanders,  .Ir.,  lUirvard  University 

Thanks  are  also  due  to  Dr.  Oscar  Orringer,  Associate  Director  - Aeroelastic  and  Struc- 
tures Research  Laboratory,  for  his  help  in  organizing  the  forum  at  MIT.  One  of  us  (David 
Cartwright)  wishes  to  acknowledge  the  NATO  Fellowship  scheme  of  the  Science  Research  (Council 
in  the  United  Kingdom  which  provided  his  support  during  this  year  at  AkMRC. 

Finally,  we  would  like  to  thank  our  AMMk('  colleagues  who  made  valuable  suggestions  dur- 
ing the  development  of  this  case  study  project,  and  in  particular  to  acknowledge  the  excel- 
lent supjiort  given  by  the  Mechanics  Resc.arch  Uiboratory's  staff,  the  Technical  Reports  Office, 
and  Mr.  Frank  DeAngelis  of  the  Program  Maintenance  and  Data  Kntry  Branch, 


TPR  and  lUC 
21  .June  19" 


L 


INTRODUCTION 


i.'.  . .'f'.ji*;  liJ’.  ■ I'.-  provides  a detailed  documentation  of  accumulated 

experience  in  the  application  of  fracture  mechanics  concepts  and  data.  Ilicse  applications 
include  tlie  design  of  new  hardware  against  fracture,  the  inspection  and  maintenance  of 
e.visting  equipment  for  safe  and  durable  performance,  and  the  analysis  of  past  failures  to 
enlarge  the  understanding  of  fracture  in  actual  engineering  components  and  structures. 

1 lasiiuicii  as  accumulated  experience  is  widely  accepted  as  having  an  important  role  in  the 
new  design  of  most  types  of  engineering  hardware,  it  is  anticipated  that  this  case  study 
v.'llection  will  provide  a detailed,  useful,  and  widely  available  record  of  current  practi- 
cal fracture  mechanics  usage.  I he  enthusiastic  support  by  segments  of  government,  industry, 
iiid  academia  through  the  submission  of  over  thirty  comprehensive  case  studies  to  this  col- 
lection Confirms  the  importance  assigned  to  the  successful  exchange  of  detailed  design 
.nformation  on  fracture.  It  is  hoped  that  both  a format  and  precedent  are  hereby  estab- 
lisiied  which  will  act  as  an  inspiration  to  others  to  document  the  results  of  their  fracture 
ij'p  1 1 ca 1 1 ons  experience  for  the  benefit  and  guidance  of  all.  In  tliis  way  the  exchange  of 
iccimical  information  on  the  incorporation  of  fracture  mechanics  into  actual  engineering 
proi'lems  can  liecome  more  effective. 

I radi t i ona 1 ly , research  into  the  fracture  of  solids  has  mainly  followed  lines  ot  tech- 
nical speciality,  c.g.,  applied  mathematics,  materials  science,  nondestructive  inspection, 
■iiaterials  testing,  etc.  The  results  of  this  research  have  found  ready  outlets  in  the  many 
teclinical  journals  associated  with  the  appropriate  specialities.  However,  applications  in 
practical  engineering  problems  of  fracture  most  often  require  an  interdisciplinary  approach. 
Alsu,  the  (iractical  problems  are  usually  not  as  readily  defined  as  are  many  research  efforts 
in  fracture  mechanics.  Thus,  skills  in  engineering  approximation,  modelling  and  test  design 
■lust  often  he  called  upon  for  the  successful  assessment  of  fracture  control  in  an  engineer- 
ing component.  During  the  practical  application  of  fracture  mechanics,  areas  of  weakness 
jrid/or  insufficient  knowledge  are  often  identified  in  the  fracture  theory  itself.  Unfortu- 
nately, tliese  experiences  have  not  had  numerous  outlets  for  publication  as  have  the  research 
findings.  Ihe  requirement  for  "original  research"  has  made  much  valuable  case  study  mate- 
rial unacceptable  for  journal  publication.  The  present  case  study  collection  is  an  attempt 
to  alleviate  this  situation  and  provide  an  outlet  for  documented  history  of  fracture  mechan- 
ics applications,  which  are  written  by  the  people  directly  involved. 

Because  of  the  importance  placed  upon  accurate  and  logical  documentation  of  technical 
information  on  the  application  of  fracture  mechanics,  a structured  format  for  ease  study 
development  ipresented  helowj  was  provided  to  the  authors  to  assist  them  in  preparing  their 
cont  riiiutions.  Ihis  format  emphasiies  a sequential  flow  of  information  that  is  designed  to 
lead  the  reader  through  each  stage  of  development  of  the  particular  fracture  application. 
Ihis  IS  in  contrast  to  a research  paper,  which  endeavors  to  "tell  the  results"  as  soon  as 
possible.  A basic  idea  in  the  construction  of  this  format  was  the  ordering  of  information 
in  a manner  which  allows  a reader  to  break  away  at  prescribed  points  and  actively  attempt 
to  participate  in  the  formulation,  assessment,  and  concluding  stages  of  the  application. 

Ihe  Italicized  sentences  indicate  the  potential  areas  of  active  involvement  by  a reader  at 
the  corresponding  point  in  the  case  study. 

CASE  STUDIES  FORMAT 

Introduction 

(.il  Historical  Background  - Use  any  important  dates,  times,  places,  eyewitness  ac- 
counts, photographs,  sketches,  etc.,  to  set  the  scene  for  the  study  to  he  considered.  The 
objectives  of  the  investigation  should  be  clearly  stated,  thus  making  evident  the  motivation 
for  using  fracture  mechanics,  bmphasitc  whether  the  case  study  involves  the  assessment  of 
a new  or  existing  design,  the  inspection  and  repair  of  components  in  service,  a failure 
analysis,  or  some  combination  of  these. 

(lij  Technical  Background  - .State  the  preliminary  information  from  which  the  detailed 
tasks  for  the  fracture  analysis  will  subsequently  be  identified.  Specific  fracture  mecha- 
nisms and  accompanying  lines  of  investigation  should  not  be  suggested  at  this  stage.  The 
only  purpose  of  this  section  is  to  present  the  available  evidence.  The  preliminary  intor- 
mation  should  include  a statement  on  the  operating  and  loading  conditions  along  with  any 
special  constraints:  technical,  legal,  economic,  etc. 


V 


*****  ^ 

At  ti'.ic  iitage  a rc-ade:'  of  the  aat'e  eludy  should  be  suffiountL^j  fmiiiur  th  I’., 
orjeotivt's  and  technical  baci-  ^roun-i  to  be  aide  to  fornulatc  dis'-'s  foe  the  intn  f ti  gal  i an 
f :v  '.irtiwlf.  dhese  tasks  u'outd  involve  the  postulation  of  potcntiai  fraatuse  mechani .'’u- , 
t'.i  suggistion  of  correspoytding  lines  of  inquiry,  and  the  ident  i ficition  of  typer  of 
:<  ch>dcal  data  required. 


Formulation 

U)  Definition  of  Tasks  - Based  upon  the  information  provided  in  the  Introduction, 
identify  possible  11)^)011101  ical  mechanisms  for  fracture  and,  wliere  possilile,  formulate  theo- 
retical and/or  empirical  expressions  which  can  be  used  to  examine  the  !iy))otheses . .lustily 
the  use  of  the  expressions  as  far  as  possible  and  explain  any  underlying  assumptions  as 
they  relate  to  the  case  study. 

(ii)  Technical  Data  - Present  the  actual  data  relevant  to  the  case  study.  Ibis  data 
should  include  material  properties,  diagrams  and  tables  characterizing  mater ia 1 /meeban i ca 1 
response,  e.g.,  S-N  curves,  and  important  component  dimensions,  e.g.,  notch  radii,  i.ivi 
data  which  quantifies  any  special  constraints  that  may  be  unique  to  a given  case  study, 
e.g.,  high  costs  of  specialized  materials. 

* « * * * 

At  tnis  stage  a reader  of  the  case  study  should  he  able  tc-  carry  out  calouin  ' ■ .•  i>.i 
-issenile  the  arguments  for  himself.  For  a nets  or  existing  design  or  the  reiair  .f  ; ■ 
lonent  in  service  this  assessment  should  enable  nim  to  identify  tiu:  imp-ort.int  .br'gn  -.ara"- 
eters  Shiah  most  influence  safe  performance  and  life.  In  the  case  of  a faiiur-  o. 
tnis  assessment  should  enable  the  reader  to  explain  the  observed  fai  luj\  . 

* * * * « 


Assessment  > 

> 

Develop  the  theoretical  and  experimental  details  of  tlie  solution.  lirophasize  the  en- 
gineering implications  inherent  in  the  analysis.  Draw  attention  to  gaps  in  current  tech- 
nology, areas  of  uncertainty  in  fracture  mechanics  theory,  factors  which  keep  the  solution 
conservative,  and  any  checks  which  were  made  on  the  solution.  Summarize  the  results  in  a 
suitable  form  for  subsequent  interpretation. 

Tor  a design  or  in-service  repair  application,  interpret  the  results  and  identify  tlie 
important  parameters  which  roost  influence  the  safe  operation  and  life  of  the  components. 

In  the  case  of  a failure  analysis,  use  the  results  either  to  explain  the  observed  failure 
or  to  eliminate  specific  fracture  mechanisms  as  causes  for  the  failure. 

Conclusions 

Indicate  what  steps  were  ultimately  taken  as  a result  of  the  analysis  and  the  experi- 
ence gained.  Where  possible,  give  drawings,  specifications,  and/or  actual  photographs  which 
emphasize  fracture-resistant  aspects  of  the  new  design,  modifications  to  enhance  fracture 
resistance  in  the  existing  design,  and  action  taken  to  preclude  fracture  of  components  in 
service. 


It  is  important  to  note  that  this  CASt  STUDIli.S  FORMAT  was  designed  to  focus  on  a single 
component  or  small  system  for  a detailed  design  or  failure  analysis.  Some  of  the  case 
studies  in  this  collection  will  be  seen  to  address  a more  widely  reaching  philosophy  and 
approach  for  fracture  control  in  large  engineering  systems.  In  cases  such  as  these,  the 
suggested  format  has  less  applicability,  and  the  active  role  of  the  reader  is  correspondingly 
reduced. 
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INVr.STIGATION  OF  CRACKS  IN  NOSE  CASE  OF  AIRCRAFT  ENGINE 

Dr.  Ardis  White 

Department  of  Civil  Engineering 
University  of  Houston 
Houston,  Texas  77004 

INTRODUCTION 


Historical  Background 

Beginning  about  1958,  the  Gulf  Coast  Dusting  Company  began  converting 
Continental  W-670-9A  engines  (used  in  WWII  in  tanks  and  barges)  to  aircraft 
engines  by  increasing  the  length  of  the  crankshaft.  The  converted  engines, 
designated  W-670-240-Gulf  Coast  Dusting  Company  (See  Fig.  1),  are  rated  at 
240  h.p.  There  is  little  difference  between  these  engines  and  the  220  h.p. 
aircraft  engines  of  the  same  type,  and  the  increase  in  horsepower  comes  pri- 
marily from  an  increase  in  the  compression  ratio  (5.4  to  6.1)  and  a slight 
increase  in  r.p.m. 

Until  1965,  no  serious  problems  were  encountered  with  the  W-670-240  en- 
gines, which  are  used  primarily  in  agricultural  aircraft.  A few  crankcases 
did  crack,  but  the  number  of  such  failures  was  not  large  enough  to  be  a seri- 
ous problem.  (There  were  also  a very  few  crankshaft  failures.)  However, 
during  the  season  of  1963,  front  case  cracking  failures  became  numerous, 
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compounded  later  in  the  summer  by  several  crankshaft  failures.  Most  of  the 
cracked  case  failures  occurred  on  the  new  Grumman  AgCat,  using  a McCauley  pro- 
peller. Most  of  the  crankshaft  failures  occurred  on  the  same  airplane,  but 
with  a new  Sensenich  pr^'peller,  introduced  during  the  latter  part  of  1962. 

Many  of  these  engines  have  also  been  used  on  Stearman,  Snow,  and  other 
ai rcraft . 


Technical  Background 

At  the  time  this  investigation  began,  the  engines  under  study  were  prob- 
ably all  more  than  twenty  years  old,  and  considerable  difficulty  was  encoun- 
tered in  obtaining  some  initially  desired  technical  information.  Continental 
Motors  Corporation  personnel  were  most  helpful  in  supplying  information  they 
could  find  regarding  the  lV-670-9  engine,  for  which  the  nose  case  was  of  ALCOA 
195  aluminum  alloy,  with  a T63  heat  treatment.  This  heat  treatment  consisted 
essentially  of  holding  the  metal  at  960°F  ft r twelve  hours,  followed  by  a 
water  quench  and  ageing  at  310°F  at  12-20  hours.  The  ultimate  tensile 
strength  of  the  material  varied  from  about  36,0CJ  to  40,000  p.s.i.  Much  more 
specific  material  property  data  were  obtained,  but  are  not  listed  here,  as  the 
turn  of  events  later  in  the  investigation  did  not  make  much  use  of  them. 

For  those  not  thoroughly  familiar  with  the  operation  of  agricultural  ap- 
plication aircraft,  a few  comments  may  be  in  order.  Usually,  these  planes  are 
loaded  to  the  point  where  they  can  barely  stagger  off  the  ground  (usually, 
"ground"  is  the  literally  correct  word--rarely  do  such  planes  have  the  advan- 
tage of  taking  off  from  a paved  surface  of  any  type).  In  many  full  days  of 
work,  a pilot  may  not  obtain  an  altitude  of  more  than  two  or  three  hundred 
feet.  It  is  an  exciting  type  of  flying  and  insurance  companies  are  usually 
reticent  about  writing  insurance  for  pilots  who  engage  in  such  activities. 

The  base  of  supply  for  such  operations  is  located  as  close  as  possible  to  the 
point  where  the  material  is  to  be  applied  from  the  air,  for  economy  of  time 
and  fuel,  time  being  more  important,  as  sometimes  a day  or  two  can  be  critical 
in  operations  of  this  type.  Once  in  the  air,  the  plane  flies  initially  with 
almost  full  power,  and  the  pilot  levels  out  in  a straight  line  over  the  first 
point  of  application.  At  the  appropriate  instant,  he  releases  the  product, 
completes  the  first  portion  of  the  run,  and  then  increases  the  throttle  to  its 
I full  position  to  gain  speed  atid  momentum  for  the  dramatic  rapid  climbing  turn 

at  the  end  of  the  first  run  to  begin  the  second  run.  After  beginning  the 
second  run,  the  engine  speed  is  decreased  slightly  until  it  is  again  necessary 
to  use  full  throttle  again  as  for  the  first  turn.  If  the  runs  are  fairly 
short,  the  engine  will  be  running  at  full  throttle  almost  all  of  the  time; 
sometimes  the  shape  of  the  field  or  the  presence  of  more  than  one  field  being 
worked  permits  a less  punishing  usage  of  the  aircraft  and  engine. 

FORMUUTION 

Definition  of  Task 

The  definition  of  the  task  was  a very  simple  one--namely,  stop  the  en- 
gines from  cracking.  The  problem  had  been  quite  specifically  defined. 
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inasmuch  as  several  of  the  engine  nose  cases  had  cracked,  and  were  lying  in  a 
pile  behind  one  of  the  aircraft  hangers.  The  decision  as  to  how  to  do  this 
was  not  nearly  so  simple. 


Technical  Data 

Fatigue  was  the  primary  suspect  as  a cause  of  the  cracking,  of  course, 
because  of  the  age  and  usage  of  the  engines,  but  a number  of  unknown  factors 
were  involved.  Neither  the  chronological  age  nor  working  time  of  any  individ- 
ual engine  was  known  prior  to  use  in  some  of  the  subject  aircraft.  .Some  of 
the  engines  had  not  been  used  prior  to  use  in  these  planes.  Previous  atten- 
tion has  been  drawn  to  the  fact  that  although  adequate  material  property  data 
were  available,  they  were  not  subsequently  used  very  extensively. 
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It  was  decided  to  use  electric  resistance  strain  gages  as  a primary  de- 
vice to  obtain  data  to  help  solve  the  problem.  The  steps  involved  in  this 
investigation  were  as  follows: 

(1)  Application  of  strain  gages  at  each  of  the  fillets  at  the  ba'^e 
of  each  of  the  .seven  cylinders  (See  Fig.  2.). 


(2)  Connection  of  the  strain  gages  to  a switching  box,  then  to  an  Ellis 
By\M-l,  and  then  to  a Tektronix  oscilloscope.  The  cockpit  normally  used  for 
the  product  was  steam  cleaned  and  adapted  for  the  equipment  and  space  pro- 
vided for  the  experimenter  to  stand  and  operate  the  equipment.  The  BAM-1  is 
self-powered,  and  the  oscilloscope  was  powered  by  a converter  powered  by  two 
12-volt  storage  luttcries  connected  in  series.  A Polaroid  camera  was  used 
with  the  oscilloscope. 

(3)  The  next  phase  of  the  test  work  involved  actual  flight  of  the  plane. 
Several  flights  were  made,  changing  the  pertinent  variables  and  doing  an  ade- 
quate amount  of  work  to  add  greater  confidence  that  any  one  of  the  gages  would 
provide  as  much  information  as  any  other.  The  conclusions  from  this  work  were 
that  there  was  no  significant  difference  between  the  strain  signals  obtained 
from  the  seven  cylinders,  so  the  switching  box  was  disconnected,  and  a single 
gage  connected  to  the  BAM-1. 


(4)  A large  number  of  flights  were  then  made,  using  different  settings 
of  the  pitch  of  the  propellers  (whose  pitch  could  be  changed  on  the  ground, 
but  not  in  the  air),  and  at  different  operating  speeds.  The  usual  routine  in- 
volved loading  the  polaroid  camera  on  the  ground  (this  could  not  be  done  in 
the  air  because  of  the  slipstream  in  the  open  cockpit),  taking  off  and  reach- 
ing a safe  altitude  of  a few  hundred  feet  and  then  throttling  the  engine  back 
until  the  airplane  was  almost  ready  to  fall  out  of  the  sky.  The  sweep  of  the 
scope  was  then  synchronized  with  the  engine  speed  to  obtain  a photograph  ob- 
tained such  as  that  of  Figure  3 providing  the  signals  from  the  strain  gage. 

A signal  was  then  given  the  pilot  to  increase  the  engine  speed  by  100  r.p.m., 
and  the  scope  again  synchronized  with  engine  speed  and  another  photograph 
made.  This  was  continued  until  the  throttle  had  been  advanced  as  far  as  it 
would  go.  The  airplane  would  then  be  landed,  a new  supply  of  polaroid  film 
loaded,  a change  in  propeller  or  propeller  pitch  made,  and  the  flight  work 
repeated. 
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Figure  3.  Strain  Gage  Signal 
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The  data  taken  consisted  of  the  photographs  just  mentioned,  the  propeller 
type,  the  propeller  pitch,  and  the  r.p.m.  applicable  to  each  photograph.  The 
raw  data  were  thus  available  for  the  solution  of  the  problem,  which  was  ob- 
tained as  follows. 

It  was  immediately  apparent  that  one  of  the  propellers  produced  strains 
greater  than  any  of  the  others.  Further  intensive  questioning  of  the  person- 
nel involved  in  use  of  the  planes  revealed  that  this  particular  propeller  had 
been  in  use  only  a few  months  before  the  beginning  of  the  severe  crack  prob- 
lem. Such  questioning  had  been  done  before,  but  had  failed  to  cause  anyone  to 
remember  this  pertinent  fact. 

A crude,  but  effective,  indication  of  the  amount  of  punishment  taken  by 
the  nose  case  at  the  point  where  cracking  occurred  is  the  height  of  the  enve- 
lope of  the  peak  strains  indicated  by  the  strain  gages.  Lines  were  thus  drawn 
through  the  peaks  at  the  top  and  bottom  of  the  oscilloscope  trace  photographs 
(Fig.  5)  and  the  heights  of  these  envelopes  expressed  in  microstrain.  (The 
system  was  calibrated  before  each  flight.)  It  was  thus  possible  to  plot  a 
curve  (Fig.  4)  showing  the  height  of  the  strain  envelopes  versus  the  engine 
speed.  At  the  recommended  speed  of  2100  r.p.m.,  it  apparently  did  not  make 
very  much  difference  whether  the  short  or  long  shaft  was  used.  It  may  be 
noted  that  the  strain  in  the  nose  case  actually  drops  off  at  full  throttle, 
but  the  airframe  itself  was  subject  to  considerable  vibration  at  that  speed, 
and  the  engine  could  not  be  operated  at  that  throttle  setting  all  the  time. 
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Figure  4 is  the  key  to  the  solution  of  the  problem  of  the  cracking  en- 
gines. The  maximum  strain  envelope  height  (referred  to  as  the  "dynamic 
strain")  was  obtained  at  an  r.p.m.  of  2200  or  2250,  which  unfortunately  hap- 
pened to  be  the  normal  operating  speed  of  the  engine  except  when  advanced  to 
full  throttle  for  turns.  The  obvious  solution  was  to  reduce  the  speed  slight- 
ly, as  the  change  in  dynamic  strain  was  dramatic  with  such  a decrease.  This 
was  not  considered  a viable  solution  by  the  operators  of  the  aircraft,  but 
finally  a compromise  was  reached  whereby  the  reduction  was  accepted,  together 
with  an  increase  in  the  pitch  of  the  propeller.  This  was  not  an  ideal  solu- 
tion, of  course,  as  the  engine  could  not  develop  as  much  horsepower  under 
these  conditions.  It  did  work,  however,  and  the  cracking  began  to  decrease 
considerably.  In  some  cases,  a return  was  made  to  propellers  used  earlier, 
which  also  reduced  the  maximum  strain. 

ADDITIONAL  COMMENTS 


Preoccupation  with  nose  cracks  in  this  study  has  been  evident,  although 
there  were  some  crankshaft  failures.  Furthermore,  the  problem  was  much  more 
complex  than  is  apparent  from  the  presentation,  involving,  in  addition  to  the 
information  already  mentioned,  the  following  (a  partial  listing): 

(1)  The  Continental  W-670  engine  was  originally  designed  for  aircraft 
use,  and  prior  to  and  during  WWII  was  used  extensively  as  the  power  plant  for 
primary  trainer  aircraft  such  as  the  Stearman  biplane.  For  use  in  tanks  and 
barges,  a shorter  crankshaft  was  used,  which  necessitated  extension  of  the 
shaft  for  reconversion  to  aircraft  use.  There  were  two  different  lengths  of 
shaft  extensions  involved  (for  different  propellers),  and  considerable  atten- 
tioii  was  given  to  the  effect  of  this  matter. 

(2)  The  nose  case  cracking  was  a secondary  phenomenon,  the  primary  one 
being  that  of  resonance  of  the  crankshaft;  this  resonance  being  critically  in- 
fluenced by  a large  number  of  factors.  The  physical  system  consists  essen- 
tially of  the  crankshaft,  supported  by  the  two  main  bearings  and  cantilevered 
outward  of  that  point  as  necessary  for  a particular  use.  Such  systems  are  ex- 
tremely sensitive  to  balance  of  the  propeller,  the  angular  position  of  the 
propeller  on  the  shaft  in  aircraft  use,  spark  advance,  and  many  other  factors. 
Crankshaft  failures  of  the  original  W-670  aircraft  engine  during  WWII  was  com- 
mon, and  an  investigation  of  this  problem  was  carried  out  by  Critchlow  [1]  and 
by  Critchlow  f,  Bean  [2].  The  existence  of  this  previous  work  was  learned  in  a 
chance  conversation  with  Mr.  Bean  during  the  course  of  the  investigation.  His 
assistance  and  the  two  references  were  of  great  value  during  the  course  of  the 
remainder  of  the  work. 

(3)  "Make-up"  or  assembly  strains  and  thermal  strains  and  stresses  were 
studi^  and  the  following  summary  of  this  work  is  given  below:  (These  are  ap- 
proximate, as  the  strains  from  a single  gage  perpendicular  to  the  potential 
cracks  were  used,  assuming  uniaxial  stresses.  The  stresses  parallel  to  the 
cracks  we»*e  very  low;  this  being  established  early  in  the  work.) 

Static  assembly  strains:  200  microinches  per  inch  compression. 
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Static  thermal  strains  (during  operation) ; 1000  to  1200 

microinches  tension. 

Dynamic  strains  (oscilloscope  traces)  during  operation: 
plus  and  minus  250  to  300  microinches  per  inch. 

Thus  at  operating  conditions,  the  static  stress  level  was  about  10,000 
p.s.i.,  on  which  is  imposed  plus  and  minus  stresses  up  to  3000  p.s.i. 
(Nothing  was  known,  of  course,  regarding  residual  stresses  due  to  casting, 
machining,  or  any  other  source  prior  to  beginning  of  the  investigation.) 

(4)  The  highest  peak  strains  from  the  oscilloscope  traces  were  associ- 
ated with  firing  of  the  cylinder  near  the  gage  at  operating  (flying)  speeds. 

At  low  speeds  (idling),  cylinder-firing  peak  strains  were  not  predominant. 

(5)  As  the  static  stress  level  at  operating  conditions  was  rather  high, 
the  pattern  and  magnitude  of  the  dynamic  strains  was  very  important  in  affect- 
ing the  fatigue  life  of  the  nose  case.  A slight  decrease  in  magnitude  or 
change  in  pattern  of  dynamic  strains  could  be  very  beneficial,  and  considera- 
tion was  even  given  to  stiffening  and  restraint  of  the  front  crankcase  by 
various  means. 

(6)  Extensive  "detective"  work  rev'^aled  that  the  cracked  case  engines 
had  two  things  in  common; 

(a)  Some  of  the  cases  (perhaps  most  of  them)  had  time  from  either 
barge  or  tank  use  before  being  put  in  use  as  "new"  or  rebuilt  aircraft 
engines. 

(b)  They  were  apparently  all  put  in  use  during  the  time  a new  man 
in  the  company  was  in  charge  of  baking  paint  on  the  cases,  and  it  was 
suspected  that  the  baking  was  done  at  about  400°F.  Metallurgists  con- 
sulted could  not  agree  on  exact  effect  of  use  of  this  temperature  as  some 
thought  annealing  might  occur,  but  the  softer  metal  resulting  might  also 
be  less  susceptible  to  fatigue  failure;  others  thought  it  might  acceler- 
ate age  hardening  and  increase  the  brittleness  of  the  metal. 

(7)  Work  was  done  with  both  "unbalanced"  engines  (as  taken  out  of  pack- 
ing cases)  and  a "balanced"  engine.  The  latter  was  an  engine  with  which  great 
care  was  taken  to  balance  the  crankshaft  with  a "bob"  weight.  This  work  was 
somewhat  inconclusive,  as  other  factors  (such  as  shaft  extension  and  propeller 
combinations)  were  also  involved. 

(8)  Shot  peening  of  the  point  of  cracking  was  considered,  but  was  not 
done.  It  was  not  absolutely  certain  that  the  initial  cracking  occurred  on  the 
outside  of  the  case. 

(9)  Different  engine  mounts  were  tried,  without  much  success. 
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CONCLUSIONS 


One  conclusion  arising  from  this  study  is  that  a combination  of  technical 
detective  work  and  cither  qualitative  and/or  quantitative  work  with  a minimum 
of  equipment  may  sometimes  lead  to  the  solution  of  a perplexing  problem.  Many 
factors  necessary  for  a more  sophisticated  approach  were  unknown,  and  could 
not  be  determined. 

Specifically,  on  the  basis  of  Figure  4,  which  is  representative  of  many 
curves  of  the  same  type  obtained,  it  was  recommended  that  the  propeller  pitch 
be  set  at  14°  and  the  operating  engine  speed  be  limited  to  about  2100  r.p.m. 
Eventually,  these  recommendations  were  followed,  with  a gradual  decrease  in 
the  frequency  of  nose  cracking  to  a point  considered  acceptable. 

Other  recommendations  included  the  use  of  lower  nose  case  paint  baking 
temperatures,  and  the  use  of  engines  without  previous  use  in  barges  or  tanks 
as  long  as  they  were  available. 
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HISTORICAL  BACKGROUND 

Damage  tolerance  design  has  become  a necessity  in  the  design  of  modem  aircraft  although 
its  importance  was  recognized  as  long  as  four  centuries  ago.  Around  the  end  of  the  fif- 
teenth century  the  first  technical  notes  were  written  on  what  must  have  been  the  first  re- 
quirements for  damage  tolerant  design.  These  were  in  notebooks  of  Leonardo  da  Vinci  in 
which  he  discussed  the  physics  of  flight  and  the  design  of  flying  machines.  He  wrote: 

"In  constructing  wings  one  should  make  one  cord  to  bear  the  strain  and  a 
looser  one  in  the  same  position  so  that  if  the  one  breaks  under  strain  the 
other  is  in  position  to  serve  the  same  function." 

About  two  decades  ago  (1954),  after  the  disastrous  foilure  [l]  of  Comet  aircraft  in  the  air 
near  Italy,  structurol  design  engineers  and  research  workers  saw  the  need  of  applying  dam- 
age tolerance  concepts  to  the  design  of  aircraft  structure.  The  United  States  Civil  Aero- 
nautics Board  has  defined  the  damage  tolerant  structure  as  one  in  which: 

"Catastrophic  failure  or  excessive  structural  deformation,  which  could 
adversely  affect  the  flight  characteristics  of  the  airplane,  are  not  prob- 
able after  damage  or  obvious  partial  damage  of  a single  principal  struc- 
tural element. " 

In  1969,  after  the  F-I1 1 failures [2j,  the  United  States  Air  Force  initiated  the  Air  Force 
Structural  Integrity  Program  with  the  coordination  of  the  Aerospace  Industry  Association 
(AIA).  Damage  tolerance  structure  (structural  safety  and  durability)  is  described  in  MIL- 
STO-I530A  [3J  and  associated  Military  Specifications  [4,  S].  The  basic  criterion  is: 

"The  assurance  that  safety  of  flight  structure  of  each  aircraft  will  achieve  and 
maintain  a specified  residual  strength  level  throughout  the  anticipated  service 
life.  Further  assurance  that  the  fleet  can  operate  effectively  with  a minimum 
of  structural  maintenance,  inspection  and  downtime,  etc.” 

However,  the  essence  of  damage  tolerance  design  is  to  ensure  that  the  structure  will  con- 
tinue to  sustain  a high  proportion  of  its  design  load  even  after  damage  has  occurred.  The 
basic  philosophy  of  damage  tolerant  design  is  based  on: 
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1 The  acceptance  that  damage  will  occur  far  one  reason  or  another  despite 
all  precautions  taken. 

2 An  adequate  system  of  inspection  prescribed  so  that  the  damage  (cracks) 
may  be  detected  and  repairs  made  at  a proper  time. 

3 An  adequate  residual  strength  mainrained  in  the  damaged  structure  so  that, 
during  the  period  between  inspections  when  the  damage  is  undetected,  ulti~ 
mate  failure  of  the  structure  is  not  possible. 

In  the  early  fifties,  due  to  a lack  of  comprehensive  damage  tolerance  methodology,  large~ 
scale  component  test  results  were  used  to  develop  empirical  damage  tolerance  methods. 
Although  in  1913  Inglis  [6]  attempted  the  elastic  stress  analysis  of  cracks  in  an  infinite 
plate  under  various  degrees  of  biaxial  tension,  it  is  only  recently  [?]  thot  linear  elastic 
fracture  mechanics  (LEFM)  has  been  used  to  predict  residual  strength  and  crack  growth 
rates  in  damaged  structure. 

The  objective  of  this  study  case  is  a systematic  investigation  of  the  damage  tolerance  de" 
sign  capability  (residual  strength  and  crock  growth)  of  a typical  aircraft  wing  structure 
(new  or  existing)  using  linear  elastic  fracture  mechanics.  The  assumptions  made  and  the 
limitations  applied  are  discussed  in  detail  at  each  step  of  the  development  and  analysis  of 
the  case  study.  A specific  example  in  this  case  study  is  to  establish  inspection  intervals 
fora  typical  aircraft  wing  structure  lower  surface  rear  span  cap. 

TECHNICAL  BACKGROUND 

A first  approach  toward  minimizing  the  risk  of  catastrophic  or  rapid  fracture  in  structures 
is  to  use  materials  with  as  high  a fracture  toughness  as  possible.  This  should  be  consistent 
with  strength,  environment,  etc.,  involved  in  the  specific  application.  In  aircraft  struc~ 
tures,  weight-to“strength  ratio  is  the  most  pertinent  foctor.  Usually,  weight  consider- 
ations dictate  relatively  high  stress  levels  so  that  the  fracture  toughness  available  is  lim- 
ited even  on  a very  carefully  selected  material . Hence  a trade-off  is  required  and  gener- 
ally materials  are  used  at  lower  than  maximum  strength.  This  results  in  a weight  sacrifice. 

Another  way  to  ensure  damage  tolerant  design  is  to  employ  ingenious  design  innovations 
rather  than  material  specifications.  In  general,  in  a damage  tolerant  design  concept  the 
following  points  must  be  considered  skillfully: 

a Moterial  selection  or  control  (materiol  should  be  os  flaw  tolerant  as 
possible). 

b Design  concepts  (multiple  load  paths). 

c Stress  level  selection  and  control  (fatigue  cracks  should  not  propagate 
rapidly  during  the  service  life). 
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d Inspection  procedures  - cracks  must  be  detected  prior  to  any  impairment  of 
the  load  carrying  capacity  of  the  structure. 

e Process  control  - control  during  manufacturing  and  processing  to  ensure  that 
the  initial  flaws  ore  small  and  the  basic  fracture  properties  are  not  impaired 
by  manufacturing  processing. 

f Environment  effect  - resistance  to  stress  corrosion  cracking  must  be  evalu- 
ated and  controlled. 

g Fracture  toughness  control  - variation  of  fracture  toughness  and  other  asso- 
ciated parameters  within  the  heat -treatment  range  must  be  thoroughly  char- 
acterized . 

h Static  and  fatigue  design  allowables  must  be  evaluated  carefully. 

STRESS  INTENSITY  FACTOR 


The  basic  development  of  linear  elastic  fracture  mechanics  is  well  documented  [S  - I4j. 
However,  in  order  to  systematically  use  fracture  mechanics  in  the  design  and  onalysis  of 
a structure,  the  stress  intensity  factor  K and  the  influence  of  various  parameters  on  it  must 
be  completely  understood  as  the  crocking  rate  is  dependent  upon  it.  The  stress  intensity 
factor  K in  the  ideal  case  of  an  infinite  plate  containing  a central  stroight  crack  of  length 
2a  and  subjected  to  plane  stress  o acting  uniformly  and  perpendicularly  to  the  crock  is  ex- 
pressed as: 

K (I) 

where 

K is  the  stress  intensity  factor  (KSI  v/  IhT ) 
a is  the  remote  stress  (KSI) 
a is  the  half  crock  length  (in) 

THICKNESS  EFFECT 

The  critical  stress  intensity  factor  is  very  much  dependent  on  material  thickness  B.  In  real 
structure  there  is  a large  variation  in  thickness  at  various  sections,  therefore  variation  of 
Kc  with  thickness  must  be  evaluated.  Figure  I displays  the  variation  of  Kc  versus  B for 
7075-T651 1 . There  are  three  distinct  regions  which  exhibit  three  characteristic  type  of 
failure  modes,  namely,  plane  stieu,  mixed  mode  and  plane  strain.  This  curve  is  devel- 
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FINISHED  THICKNESS  AFTER  MACHINING  B,  IN. 

FIG.  I STRESS  INTENSITY  FACTOR  AS  A FUNCTION 
OF  THICKNESS  FOR  7075-T6511  EXTRUSION 

oped  using  a limited  number  of  test  specimens.  The  right  hand  side  of  the  curve  can  be 
accurately  established  using  the  ASTM  standard  E-399  specimen,  but  currently  there  is  no 
standard  specimen  for  the  mixed  mode  and  plane  stress  regions. 

PLASTICITY  EFFECT 


As  discussed  previously,  linear  elastic  fracture  mechanics  is  based  on  linear  elasticity. 
Virtually  all  materials  exhibit  some  ability  to  deform  plastically  without  fracture.  If  the 
size  of  the  plastic  zone  around  the  crack  tip  is  very  much  smaller  than  all  other  signifi- 
cant dimensions  of  the  structure  and  the  crack  length,  the  value  of  K elastically  calcu- 
lated is  not  very  much  changed.  However,  when  the  plastic  zone  becomes  larger,  as  in 
a relatively  ductile  material,  the  value  of  K becomes  questionable,  and  the  effects  of 
plasticity  can  be  formul  ated  as  follows: 


for  plane  stress 


for  plane  strain 


(2a) 

(2b) 


where  fp  is  the  plastic  zone  radius  at  the  tip  of  the  crack,  K is  the  fracture  toughness 
stress  intensity  factor,  is  the  material  yield  stress. 
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CRACK  GROWTH  EQUATION 


The  use  of  fhe  concept  of  fracture  mechanics  in  the  design  and  analysis  of  structure  as- 
sumes the  existence  of  initial  flaws  or  cracks.  These  cracks  under  repeated  service  load- 
ing conditions  propagate  and  become  unstable  (fast  fracture)  when  critical  length  is  at- 
tained The  rate  of  crack  propagotion  depends  on  many  factors,  such  as  material,  envi- 
ronment, service  load  spectrum,  crack  geometry  and  local  structural  configuration.  It  is 
shown  [lb]  that  fora  particular  material  the  crack  growth  rate  (da/dN)  can  be  described 
as  a function  of  stress  intensity  range  AK  as  shown  in  Fig.  2.  At  present,  there  are  large 
numbers  of  crack  growth  equations.  The  Forman  crack  growth  equation  [l?],  given  below 
will  be  used  in  the  present  case  study. 


da/dN  = 


c (AK)^ 

(1  - R)  K^  -AK 


(3) 
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FIG.  2 CRACK  GROWTH  RATE  AS  A FUNCTION  OF  STRESS  INTENSITY 
FACTOR  RANGE  FOR  7075-T651 1 EXTRUSION 


where,  da/dN  is  the  rate  of  crock  growth,  c and  n ore  material  constants,  AK  is  the  stress 
intensity  range,  R is  the  stress  ratio  defined  as  minimum  stress  divided  by  maximum  stress 
and  Kf  is  a critical  stress  intensity  factor.  The  stress  intensity  range  AK  -fioj no  . /3y 
where  Ao  is  the  stress  range,  a is  the  crack  length  and  /Sj  is  the  product  of  various  bound- 
ary condition  correction  factors. 

The  value  of  c and  n (material  constants)  in  Eq.  3 can  be  calculated  from  constant  ampli- 
tude test  data  by  applying  the  following  rectification  technique  to  the  Forman  equation. 

log  |(1  - R)  K^  -AK  ~ c + n log  AK  . (4) 


For  any  two  coordinate  points,  soyAK.,  (da/dN).  andAK^.  ^ da/dN 
represent  a segment  of  the  crack  growth  rate  curve,  one  can  solve  two 
tions  for  c and  n . 


, which 
aneous  equa 


LOAD  INTERACTION 

The  crack  growth  analysis  under  constant  amplitude  cycling  is  fairly  straightforward.  On 
in-service  structure  the  load  conditions  are  quite  complex.  High  and  low  loads  are  mixed. 
Therefore,  to  calculate  the  crack  growth  the  load  interaction  must  be  taken  into  account. 
There  are  quite  a few  load  interaction  or  retardation  models  to  account  for  the  lood  se- 
quence effects.  In  this  case  study,  only  the  Willenborg  model  [iS]  will  be  discussed  and 
used.  A peak  load  in  the  spectrum  creates  a plastic  zone  ahead  of  the  crack  tip  This 
plastic  zone  can  cause  retardation  in  the  crack  growth  because  there  ore  compressive 
stresses  in  the  plastic  zone  caused  by  tension  stresses  in  the  surrounding  elastic  material . 

In  other  words,  the  crack  is  operating  at  on  effectively  smoller  oltemoting  stress  until  the 
crack  grows  through  the  peak  stress  plastic  zone. 

The  Willenborg  retardation  model  accounts  for  the  retardation  effects  by  modifying  the 
stress  intensity  range  AK  and  the  stress  ratio  R in  the  constant  amplitude  da/dN  data  to  an 
effective  stress  intensity  range  AKgff  and  an  effective  stress  ratio  Reff  • The  effective 
stress  intensity  range  and  stress  ratio  are  calculated  as  a function  of  the  size  and  location 
of  the  current  yield  zone  and  the  yield  zone  produced  by  the  peak  load.  After  the  appli- 
cation of  a peak  overload  the  plastic  zone  can  be  calculated  using  Eq.  2a  or  2b.  If  a 
peak  stress  ff]  is  encountered  in  the  spectrum  followed  by  another  stress  cycle  02  such 
that  02  <<<^1,  the  peak  stress  o\  will  produce  a plastic  zone  ahead  of  the  crack  tip. 

Following  the  overload,  the  crack  will  continue  to  grow  under  a cyclic  loading  A<r2  = 
*^2Max  ” *^2Min'  rate,  however,  is  delayed  as  long  as  no  subsequent  maxi- 

mum stress  greater  than  is  applied  and  as  long  as  the  growth  remains  within  the  zone  of 
plasticity  caused  by  the  overload  a] . Assume  that  a third  stress  level  <^3  = o^p  (less  than 
<7j)  occurs  following  the  last  cycle  of  <T2  growth  has  not  completely  progressed 
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now  inserting  the  value  of  r from  Eq,  5 in  the  above  equation,  we  get; 


FIG.  3 YIELD  ZONES  FOLLOWING  OVERLOAD  o] 
FOR  ANY  APPLIED  STRESS  Ogp 
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CTgp  may  be  thought  of  as  the  effective  portion  ofo]  remaining  following  the  application 
of  <T]  . As  retardation  is  a function  of  the  differences  in  applied  stresses,  the  amount  that 
02  is  reduced  is  the  difference  a^p  “ <^2  (Max)  at  any  crack  length,  i .e.. 


o 


red 


a ~o  (Max) 
op  I 


(7) 


The  effective  reduced  stress  is  dependent  onOo  variable  with  current  crack  length. 
Thus,  following  the  overload,  <^2  (Max),  O2  (Min)  are  reduced  by  the  amount  r^red- 
These  values  are  used  to  compute  the  reduced  crack  growth  rate. 

The  limitations  of  this  model  are: 

1 It  does  not  take  into  account  the  negative  stresses  (compression  stresses), 

2 It  cannot  handle  the  negative  overload  effects. 

3 It  does  not  differentiate  between  single  or  multiple  overloads. 

DESIGN 

For  an  efficient  damage  tolerant  design  structure,  the  designer  must  select  a material  as  a 
compromise  with  strength  and  weight.  Ideally,  a material  with  high  yield  strength  and 
high  fracture  toughness  is  desired.  However,  in  reality  this  is  not  possible,  as  it  is  gener- 
ally known  [l9]  that  fracture  toughness  K^.  decreases  with  increasing  yield  strength  for 
aluminum  and  many  other  materials.  This  variation  is  in  part  due  to  the  inherent  charac- 
teristics of  impurities  associated  with  the  monufacturing  processes  of  the  moterial . 

Another  important  parameter  in  the  design  of  a structure  is  the  establishment  of  an  accept- 
able operating  stress  level  so  that  critical  length  cracks  do  not  occur  for  a specified  num- 
ber of  flight  hours.  Generally,  for  7000  series  aluminum  aircraft  wing  structure,  the  de- 
signer chooses  50  to  65  percent  of  the  yield  strength  of  the  material  as  a design  limit 
stress . 

Using  linear  elastic  fracture  mechanics,  and  the  available  nondestructive  inspection  (NDI) 
capability  for  detecting  flaws  the  designer  can  screen  for  the  suitability  of  a particular 
material . Using  the  criterian  that  the  structure  will  be  inspected  and  crack  lengths  must 
be  stable  up  to  limit  load  stress  and  neglecting  plasticity  effects,  the  following  relation- 
ship can  be  established  between  applied  stress  and  critical  crack  length. 

<T  = - for  very  wide  plate 

y/ira 


I 
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(8) 


Comparing  the  critical  crack  length  a to  the  crock  detection  capabilities  of  the  NDI 
techniques  available  for  a particular  design,  the  material  can  be  accepted  or  rejected, 
i .e.,  if  the  crack  becomes  critical  before  it  can  be  detected,  another  material  will  need 
to  be  selected,  stress  levels  lowered,  or  design  for  the  "non-inspectoble  category"  as  de- 
fined in  MIL  83444  [4]. 


ANALYSIS  PROCEDURE 


The  analysis  of  crack  propagation  requires  a working  knowledge  of  the  stress  intensity  fac- 
tor and  the  various  other  parameters  in  influencing  it.  Therefore,  it  is  appropriate  at  this 
stage  to  discuss  the  "boundary  condition"  correction  factors  needed  in  the  case  study  to 
modify  the  stress  intensity  factor.  The  majority  of  cracks  in  a typical  wing  structure  ema- 
nate from  fastener  holes  as  corner  cracks,  where  the  influence  of  the  hole  and  the  fastener 
load  transfer  become  important.  There  are  no  exact  classical  solutions  for  lood  transfer 
effect  on  the  crack  growth,  however  through  recent  application  of  detailed  finite  element 
models  excellent  two-dimensional  approximations  of  load  transfer  correction  factors  have 
been  derived.  Assuming  no  load  transfer,  the  modified  stress  intensity  factor  fora  quar- 
ter circular  corner  crack  emanating  from  the  fastener  hole  can  be  written  as  follows: 


FIG.  4 CIRCULAR  CORNER  CRACK  AT  THE 
FASTENER  HOLE 


where  /3f  is  the  front  surface  (the  free  surface  coincident  with  the  initiation  location  of 
the  crack)  correction  factor.  This  factor  is  (20j  1.12.  /3|j  is  a factor  accounting  the  in- 
fluence of  the  back  surface  [2lj  of  the  panel  on  a part-through  corner  crack.  accounts 
for  the  influence  of  hole  and  is  a function  of  a/  j.  where  a is  the  crack  length  and  r is  the 
radius  of  the  hole.  may  be  modified  to  account  for  the  influence  of  a fastener  filled 
hole  and  load  transfer.  For  a comer  crack  emanating  from  the  fastener  hole,  crack  growth 
predictions  are  more  correct  if  /S.  is  considered  a function  of  a//?r,  where  l/\/^comes 
from  the  location  of  a point  at  45“  on  the  quarter  circular  corner  crack  [22^. 

3p  and  ore  the  plasticity  and  width  correction  factors  given  by  [23]  and  [24],  respec- 
tively . 


M 


(a/c)^  Sin^d  + Coi^d 


where  c is  the  visible  crack  length  and  6 is  the  angle  locating  a specific  point  on  the 
crack  front  with  respect  to  the  axis  of  symmetry.  For  a quarter  circle  crack,  M = 1 . 


66  = tt/2  for  a = c 


Assuming  a wide  panel  where  finite  width  correction  is  not  necessory  and  considering  the 
plasticity  effect  minimum  so  that  this  correction  can  also  be  ignored,  by  using  the  quoted 
values  of  /3f  and  tA/<p  , Eq . 9 for  a quarter  circular  crack  becomes: 


K = a/^.  1.12  /3b,  /3b,  2/n 
= .712  (Ty/na 


(10) 


Further  geometric  correction  factors  needed  fora  specific  problem  are  given  in  the  next 
section . 


CRACK  GROWTH  ANALYSIS 

The  damage  tolerant  design  of  an  aircraft  wing  structure  requires  a reliable  method  of  pre- 
dicting the  crack  growth  from  some  defined  initial  crack  length  to  the  size  where  unstable 
crack  growth  is  imminent.  In  order  to  perform  the  crack  growth  analysis  using  linear  elas- 
tic fracture  mechanics,  the  following  information  is  required. 
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1 


Sfrucfural  geomefry 


t 


2 Crack  geometry 

3 Spectrum  stresses 

4 AAaterial  crack  growth  and  crack  stability  data 

5 Initial  crack  size 

The  accuracy  of  the  crack  growth  predictions  depends  upon  accurate  da/dN  versus  AK 
data  and  the  modified  stress  intensity  factors  discussed  previously.  do/dN  versus  AK  for 
a typical  material  is  shown  in  Figure  2.  It  can  be  observed  that  the  log-log  curve  has 
three  characteristic  regions;  lower,  middle,  and  upper.  The  lower  region  corresporKis  !o 
the  limiting  stress  intensity  factor  value  Kj.^,  known  as  the  threshold  stress  intensity  factor, 
below  which  value  crack  growth  does  not  seem  to  propagate  for  that  particular  material . 
The  middle  region  of  the  curve  corresponds  to  the  stable  crack  growth  region,  where  the 
rate  of  the  crock  growth  seems  to  be  lineor.  The  upper  region  is  near  to  the  unstable 
crack  growth  point  and  the  limi  ting  value  is  the  critical  intensity  factor  . 

The  stress  ratio  R and  the  environment  have  a significant  effect  on  this  curve.  In  addition 
the  scatter  in  the  basic  crack  growth  data  most  be  taken  into  account  by  repeating  o reol- 
istic  number  of  tests.  The  initial  test  crack  length  should  be  within  the  nondestructive  in- 
spection (NDI)  capability  [253- 

For  analysis  the  number  of  cycles  or  flight  hours  required  for  growth  of  the  initial  flaw  to 
critical  dimensions  are  calculated  by  a process  of  integration  using  Eq.  3.  The  stress  in- 
tensity range  AK  corresponding  to  the  initial  crack  length  Oj  and  crack  geometry  is  calcu- 
lated using  Eq.  9,  assumi ng  that  the  crack  starts  from  the  fastener  hole.  This  value  of 
stress  intensity  range  AK  is  used  with  constant  amplitude  laboratory  test  data  to  determine 
the  crack  growth  rate,  da/dN.  The  crack  extension  increment  Aa;  during  a period,  AN, 
can  be  calculated  by  integrating  Eq.  3.  This  value  of  crack  extension  Aa;  is  added  to  the 
initial  crack  length  Oj  to  determine  the  new  stress  intensity  range  and  a new  crack  growth 
rate.  Eq.  3 is  again  used  for  another  period  to  give  further  crock  extension  and  iteration 
process  is  repeated  until  the  critical  crack  length  is  achieved. 

In  order  to  take  into  account  the  retardation  effect  discussed  previously,  the  stress  inten- 
sity range  and  R value  must  be  modified  using  Eq.  7,  and  the  same  iteration  process  ap- 
plied. 


DAMAGE  TOLERANCE  DESIGN  CRITERIA 

Fracture  mechanics  analysis  is  carried  out  on  two  types  of  structures:  (1)  new  design  and 
(2)  existing  structure.  These  currently  have  different  criterio.  On  existing  structure, 
analysis  is  carried  out  to  determine  inspection  requirements,  or  safe  operating  life,  while 
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analysis  of  new  design  is  carried  out  to  meet  a specific  set  of  criteria 

General  requirements  and  detail  criteria  are  defined  in  Refs.[3  - Sjfor  both  types  of 
structures  The  example  problem  described  in  this  case  study  consists  of  existing  structure 
operating  under  a defined  spectrum.  The  pertinent  features  of  the  criteria  applicable  to 
existing  structure  are: 

a Whot  locations  should  be  onalyzed?  The  locations  ore  chosen  by  reviewing  test 
article  failures,  particularly  the  fatigue  test  articles.  If  no  test  article  informo- 
tion  is  available,  the  analysis  points  must  be  selected  by  using  static  and/or  fa- 
tigue analysis,  by  study  of  service  or  fatigue  failures  on  similar  structures,  or  by 
examination  of  drawings 

b What  size  flaws  should  be  assumed  in  the  analysis?  The  size  and  configuration  of 
the  initial  flaw  is  a very  pertinent  parameter  in  the  fracture  analysis.  Some  ratio- 
nale, arwlytical  or  arbitrary  must  be  used  to  select  an  initial  flaw  size  and  shope. 

A great  deal  of  guidance,  particularly  for  militory  aircraft,  can  be  found  in  [^4] 
where  the  size  ond  configurotion  of  the  initial  flaws  are  specified  as  a function  of 
the  category/slow  crack  growth,  fail~safe  multielement,  or  fail-safe  crack  orrest). 
For  example,  in  the  "slow  crack  growth  category,"  the  specified  initial  flaw  in  a 
hole  is  an  .05  inch  crack.  For  thickness  greater  than  .05  inch,  the  assumed 
flaw  is  0 .05  inch  radius  corner  flaw,  and  for  thickness  less  then  or  equal  to  .05 
inch,  the  flaw  is  a .05  inch  th rough -the-thickness  flaw.  Various  other  flaw  sizes 
are  similarly  defined.  The  criteria  allows  reduction  of  the  assumed  initial  flaw  by 
taking  into  account  special  fastener  and  inspection  procedures.  The  criterio  olso 
differentiate  between  the  assumed  initial  flaw  and  the  detectable  flaw.  An  as- 
sumed initial  flaw,  o|,  or  equivalent  initial  flow,  is  the  result  of  manufacturing 
and  fabrication  processes  and  a regression  analysis  of  test  results.  The  detectable 
flaw,  is  a flaw  that  a particular  inspection  technique  can  be  expected  to 

detect.  The  time  to  the  first  inspection  is  calculated  using  the  assumed  initial 
flaw  established  by  specification  or  by  agreement  while  the  second  and  the  subse- 
quent inspection  intervals  are  determined  using  the  detectable  flaw,  ajgf,  corre- 
sponding to  the  applicable  NDI  inspection  technique. 

In  the  example  problem  shown  later  the  assumed  initial  flaw  is  an  .001  in  radius 
corner  flaw  in  a hole.  In  this  instance,  the  smoll  flow  is  chosen  just  to  generate 
the  crack  growth  curve  over  the  small  flaw  range  and  does  not  represent  a realistic 
initial  flaw  for  establishment  of  the  inspection  interval . 

c Whot  maximum  load  level  will  crack  instobility  be  checked  against?  The  maximum 
expected  load  level  may  or  may  not  be  in  the  crack  growth  spectrum . If  crack  ar- 
rest doe  to  peak  loads  (retardation)  is  considered,  it  can  be  unconservative  to  in- 
clude maximum  expected  peak  loads  or  limit  load,  since  the  peak  loads  may  not 
actually  occur  on  a specific  airplane.  MIL-A-83444  [4]  defines  the  load  levels 
for  which  crack  instability  must  be  analyzed.  The  maximum  expected  load  level 
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is  defined  as  a function  of  "degree  of  inspectobilify  and  inspection  interval,  " i.e., 
the  shorter  the  inspection  the  less  likely  o limit  load  will  be  encountered  during 
the  interval . 

in  the  example  problem,  limit  load  is  used  to  determine  the  first  (initial),  the 
second  and  subsequent  inspection  intervals. 

d Crock  metamorphosis?  Since  there  is  a large  number  of  possible  crock  growth 
paths,  the  most  critical  (fastest  growing)  should  be  analyzed.  Test  data  and/or 
finite  element  models  and  analysis  must  be  used  to  determine  the  most  critical 
crack  path.  As  expected,  crocks  start  at  peak  stress  points  and  propagate  in  a 
direction  perpendicular  to  the  maximum  principal  stress.  MIL-A-83444  lends  sig- 
nificant guidance  on  determining  crack  path  through  specific  requirements  on  con- 
tinuing damage. 

e What  safety  factors,  ond/or  test  will  be  used  to  verify  accuracy  anolysis?  Obvi- 
ously,  safety  factors  and  verification  level  are  related.  If  aTiigh  level  of  confi- 
dence can  be  established  in  the  analysis  technique,  a lower  safety  factor  can  be 
used  than  if  a low  or  questionable  level  of  verification  exist. 

Safety  factors  should  also  be  related  to  inspection  technique;  for  example,  if  a 
complex  NOI  inspection  technique  is  required  to  detect  relatively  small  flaws,  a 
higher  safety  factor  should  be  used  than  if  a simple  NDI  technique  is  used  to  de- 
tect large  flaws.  Crack  growth  rote  is  more  accurately  predicted  if  load  sequenc- 
ing effect  (retardation)  is  accounted  for  in  the  analysis;  however,  some  form  of 
spectrum  test  should  be  perfonned  to  verify  the  ability  of  the  retardation  model  to 
predict  the  crock  behavior.  In  the  example  problem  a safety  factor  of  2 is  used 
on  the  inspection  intervals. 

EXAMPLE  APPLICATION 

The  example  given  below  displays  the  use  of  fracture  mechanics  in  analyzing  on  existing 
structural  element.  The  crack  growth  analysis  procedure  is  equally  applicable  to  new  or 
existing  structure.  The  only  difference  is  the  damage  tolerant  design  criteria  which  is 
briefly  discussed  in  the  last  section. 

EXAMPLE:  Using  fracture  mechanics  procedures  described  in  the  previous  sections,  per- 
form residual  strength  and  crock  growth  analysis  for  the  given  existing  structural  element 
of  a front  beam  cap  on  the  lower  surface  of  a typical  aircraft  wing.  The  analysis  will  con- 
sist of  deriving  stability  curves  (critical  stress  Of.f  versus  critical  crack  length  a^r)  and 
growth  curves  (crack  length  versus  flight  hours).  Using  the  stability  curves,  establish  crit- 
icol  crack  lengths  for  limit  load  stress  (33  KSI)  and  establish  the  flight  hours  associated 
with  crack  lengths  at  this  stress. 
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Structural  element:  As  shown  in  Figure  5,  the  grain  directions  ore  perpendicular  to 
crack  and  parallel  to  load  direction 
Material:  7075-T651 1 extrusion 

Yield  stress  = 70  KSI 

Fracture  toughness  K^.  for  .2  inch  thickness  from  Figure  1 is  equal 

to  64  KSI  yin  

Plain  strain  fracture  toughness  K^j.  from  Figure  1 =23.0  KSI^ln 
da/dN  versus  AK  is  given  in  Figure  2,  constant  amplitude  data  for 
R = 0 

Spectrum  Stresses:  Shown  in  Table  I , adjusted  to  represent  stresses  perpendicular  to 

crack  growth  and  the  sequence  of  missions  is  shown  in  Table  III- 

Assume  four  phases  of  crack  growth  analysis,  start  with  Phase  I part-through  quarter  circu- 
lar comer  crack  from  the  wall  of  the  hole  and  teiminating  at  the  back  surface  of  the  ele- 
ment For  Phase  II,  the  initiol  crack  is  a 0.2  inch  single  edge  through  crack  from  the 
edge  of  the  hole  and  terminating  at  the  edge  of  the  element.  Initial  crack  length  for 
Phase  III  is  a 0.005  part-through  quarter  circular  corner  crack  from  the  second  wall  of  the 
hole  and  terminating  at  the  back  surface  of  the  element.  The  beginning  crack  length  for 
Phase  IV  is  1 .356  inch  edge  crack  which  is  composed  of  edge  distance,  hole  diameter  and 
the  element  thickness. 

SOLUTIONS 

Crack  configurations  and  stress  intensity  factors  for  each  phase  are  given  below,  using  Eq. 
8 with  appropriate  geometric  correction  factors: 

Phase  I Quarter  circular,  part-through  comer  crock  from  the  edge  of  a hole  of  initial 
crock  length  o;  = .001  inch. 

K = .712  • ^h  • /Ssg 

Phase  II  Through  single  crack  from  the  edge  of  a hole  - initial  crack  length  for  this 
phase  is  .2  inch  equal  to  the  thickness  of  the  part,  a;  = .2  inch. 

K = 3h  3sg  • 

Phase  III  Quarter  circular,  part-through  corner  crack  from  the  opposite  edge  of  the  hole 
wall  of  initial  length  a;  = .005  inch. 

K = 712  iSb  /3,g 

Phase  IV  An  equivalent  edge  crack  of  initial  crock  length  of  a;  = 1 .356  inch. 

K = /9j  /3sg 
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TABLE  I CRACK  GROWTH  SPECTRUM 


MAX  MIN  CYCLES  MAX  MIN  CYCLES  MAX  MIN  CYCLES 

SIRESS  STRESS  FLIGHT  STRESS  STRESS  FLIGHT  STRESS  STRESS  FLIGHT 

KSI  KSI  KSI  KSI  r.SI  KSI 


MIS  C 

20  327 

-3  949 

1 00 

MIS  7 

16  302 

9 282 

MIS  1 

« 974 

- 997 

1,00 

4.8)6 

2 616 

219  00 

10  294 

6 002 

2 002 

29  00 

1 ) 282 

1 ■> 

7 0S7 

t 057 

4 00 

1 4 4v6 

8 224 

- 129 

1 00 

13  827 

9 974 

-2  214 

to 

16  302 

MIS  8 

18  7|7 

MIS  2 

1 1 sa6 

-1  159 

1 00 

6 049 

4 049 

293  00 

10  424 

7 359 

3 359 

40  00 

1 1 73 1 

8 345 

2 345 

6 00 

12  742 

9 726 

865 

1 00 

13  751 

1 ) 586 

-1  314 

10 

14  699 

15  94? 

MIS  3 

to  670 

-1  067 

t 00 

18  7)7 

7 030 

5 030 

42C  00 

8 030 

4 030 

60  00 

MIS  9 

)8  541 

6 988 

2 908 

10  00 

10  479 

to  670 

1 257 

1 00 

) ) 706 

12  670 

MIS  * 

13  286 

-I  329 

1 00 

13  643 

0 573 

6 573 

473  00 

54  578 

9 860 

5 860 

85  00 

15  759 

10  906 

4 906 

16  00 

)8  54) 

1 1 9)6 

3 916 

3 00 

13  286 

2 265 

( 00 

MIS  10  16  556 

1)  )70 

MIS  5 

13  735 

•1  373 

1 00 

12  )7I 

7 449 

5 449 

314  00 

13  )55 

8 59? 

4 592 

55  00 

)4  130 

9 621 

3 621 

10  00 

15  067 

10  55) 

2 551 

2 00 

16  556 

II  576 

1 411 

1 00 

(3  735 

-I  205 

10 

MIS  II 

7 769 

7 769 

MIS  6 

15  767 

-1  577 

1 00 

7 769 

to  206 

8 206 

567  00 

7 769 

I)  561 

7 56) 

116  00 

)3  828 

12  607 

6 607 

25  00 

8 750 

13  629 

5 629 

6 00 

8.758 

14  591 

4 591 

1 00 

0 758 

15  767 

3 329 

1 00 

8 758 

-)  630 

1 00 

MIS  11 

8 758 

000 

1 00 

7 282 

335  00 

S 373 

3 373 

1032  00 

6 294 

72  00 

6 626 

2 626 

155  00 

5 282 

16  00 

7 769 

) 769 

26  00 

4 236 

4 00 

8 758 

758 

5 00 

2 452 

1 00 

10  889 

-1  257 

1 00 

• 342 

10 

13  B28 

-3  994 

10 

-)  872 

) 00 

MIS  12 

7 697 

-1  367 

' 00 

8 424 

478  00 

7 697 

000 

1 00 

7 731 

107  00 

7 697 

000 

1 00 

6 742 

25  00 

7 697 

000 

1.00 

5 75) 

6.00 

13  605 

‘1  367 

1 00 

4 699 

).00 

8 690 

000 

1 00 

3 392 

! 00 

8.690 

000 

1 00 

27) 

10 

8.690 

000 

1 00 

-)  854 

) 00 

8.690 

000 

1 .00 

8 479 

383  00 

5 332 

3.332 

1006  00 

7 706 

91  00 

6 565 

2 565 

153  00 

6 670 

22  00 

7 697 

1 ,697 

26  00 

5 643 

6 00 

8 690 

690 

1 00 

4 578 

) CO 

10  791 

•1  305 

t 00 

3 309 

1 00 

13  665 

“4  030 

10 

273 

10 

W 656 

I 00 

9 170 

32)  00 

8 17) 

66  00 

7.155 

24  00 

6 )30 

7 00 

5 067 

2 00 

3 475 

1 00 

•1  383 

1 00 

000 

1 00 

000 

1 00 

000 

1 00 

000 

) 00 

000 

1 00 

.000 

1 00 

000 

1 00 

000 

1 00 

TABLE  II  GEOMETRIC  CORRECTION  FACTOR  FOR  VARIOUS  PHASES 


PHASE 

1 

PHASE  II 

PHASE  III 

PHASE  IV 

fl,  ft.  flb  ft 

Pi  ft 

g?  gc  A ft.  A 

Pi  ft, 

: gf 

0 

Pi 

0 

0 

Pt 

0 

Pi 

001 

4.01 

.200 

1 80 

005 

10.23 

1 356 

) 63 

003 

3 85 

250 

1 75 

007 

10.04 

).40 

1.63 

005 

3 70 

.300 

1.70 

009 

9 86 

1.50 

1.54 

00? 

3.56 

350 

1 69 

020 

8 83 

) .60 

) 45 

009 

3.42 

400 

1.70 

040 

7 53 

) 70 

1 .39 

020 

2.86 

450 

1.76 

060 

6 5) 

I 80 

1.36 

040 

2 33 

500 

1.84 

.080 

5 79 

1.90 

) 35 

060 

2.06 

550 

I 93 

100 

5.24 

2.00 

1 .47 

.060 

1.88 

.600 

2 06 

120 

4.88 

2.10 

1 65 

. 100 

1.75 

650 

2.27 

uo 

4 70 

2 20 

1 .63 

120 

1 67 

700 

2.54 

160 

4 54 

2 30 

1.63 

MO 

1.61 

750 

2.84 

180 

4 53 

2 40 

1.62 

160 

1 58 

800 

3.27 

200 

4.89 

2.50 

1.58 

lao 

1 62 

850 

3.82 

2.60 

) 57 

TOO' 

1.78 

90D' 

4.80 

- 

' - 

- -'t-.ro— 

~rr5e— 

950 

7 to 

2.80 

1 .54 

I 000 

2.90 

).53 

3.00 

1.53 
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TABLE  III  SEQUENCE  OF  MISSIONS  IN  500  HRS  PASS 


< 


C) 


^ 5 

O 

to 


S 9 
8 p 


o 


1 

7 

25 

a 

49 

4 

73 

12 

97 

2 

? 

8 

26 

6 

50 

7 

74 

8 

98 

1 

J 

1 

27 

II 

51 

12 

75 

7 

99 

12 

4 

7 

28 

1 

52 

H 

76 

5 

100 

5 

12 

29 

12 

53 

II 

77 

2 

101 

7 

6 

; 

30 

7 

54 

5 

78 

4 

102 

B 

; 

5 

31 

B 

55 

7 

79 

1 

103 

9 

B 

II 

32 

2 

56 

1 

80 

8 

104 

2 

9 

H 

33 

5 

57 

2 

81 

7 

105 

7 

10 

9 

34 

7 

58 

12 

82 

12 

106 

1 1 

1 > 

; 

35 

\ 

59 

B 

83 

1 1 

107 

12 

1? 

1 

36 

V 

60 

7 

84 

9 

lOB 

1 

13 

12 

37 

12 

6l 

0 

85 

7 

109 

B 

u 

2 

38 

B 

62 

3 

86 

8 

1 10 

5 

l5 

7 

39 

1 1 

63 

5 

87 

2 

1 1 1 

•7 

1<> 

B 

40 

7 

64 

1 

88 

5 

1 1? 

7 

\7 

1 1 

41 

2 

65 

7 

39 

1 

113 

12 

M 

5 

42 

5 

66 

12 

90 

12 

1 14 

8 

IV 

1 

43 

12 

67 

B 

91 

7 

1 15 

7 

?0 

7 

44 

7 

68 

2 

72 

10 

116 

9 

?l 

12 

45 

2 

69 

1 1 

93 

8 

117 

) 

77 

4 

46 

B 

70 

9 

94 

1 1 

118 

1 1 

?3 

2 

47 

1 

71 

7 

95 

3 

119 

4 

^4 

7 

48 

9 

72 

1 

96 

7 

120 

12 
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FIG.  5 STRUCTURAL  DETAILS  AT  THE  LOCATION  OF  ANALYSIS 
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and  3h  discussed  before,  /3j  is  the  geometric  correction  factors  for  the  slot  ef“ 

feet  (edge  crock  plus  the  hole)  and  is  calculated  using  a cracked  finite  element  model  [26j . 
Note  that  a/'\/^should  be  used  for  ond  /Sj  for  part-through  Phoses  I and  III  for  an 
equivalent  crack  length  at  45°  or  at  the  mid  point  of  the  quarter  circle.  /Sj  Is  the  stress 
gradient  correction  factor  due  to  the  adjacent  structural  changes  and  it  is  calculated  using 
the  finite  element  model.  /3^  is  the  secant  width  correction  factor.  The  various  Beta 
factors  (geometric  boundory  correction  factors)  are  given  in  Table  II. 

The  above  stress  intensity  factors  are  modified  to  take  into  account  the  load  interaction 
effect  (variable  amplitude  spectrum)  by  using  Eq.  7 . The  Forman  equation  and  the 
Willenborg  retardation  model  described  in  the  previous  section  are  used  to  evaluate  the 
crack  growth . A computer  program  ^27j  is  used  on  a 500  hour  repeating  block  spectrum 
to  analytically  generate  a crack  grawth  curve.  The  computer  program  "crack  growth"  uses 
a numerical  integration  technique  [28-29J  to  generate  a da/dF  versus  a curve  where  dF  is 
an  increment  of  the  500  hour  block . Using  Eq.  10  and  making  appropriate  geometric  cor- 
rection factors  for  each  phase,  the  critical  stress  for  critical  crock  length  can  be  calcu- 
lated The  results  are  plotted  in  Figure  6.  For  limit  load  stress  (33  KSI),  the  critical 
crack  length  is  1.3.  The  crack  length  versus  flight  hours  is  plotted  in  Figure  7.  The  crit- 
ical crack  length  for  limit  stress  is  shown  on  the  graph. 


The  primary  objective  of  this  analysis  is  to  ensure  the  safety  of  the  structure  Hence,  the 
inspection  of  the  structure  in  an  economical  way  plays  an  important  role.  Economy  of  the 
inspection  procedure  depends  on  the  procedure  used  and  upon  the  cri  ticality  of  the  struc- 
ture The  inspection  intervals  are  established  using  a detectable  crack  length  (based  on 
the  particular  inspection  procedure  used)  and  the  critical  crack  length.  Assume  for  the 
present  case  study  the  initial  flaw,  Oj,  is  .05  and  ajgt  15  inch  and  the  critical  crack 
length,  a^,  at  limit  load  is  1.3  inches. 

Based  on  the  above  assumptions,  the  required  inspections,  including  a safety  factor  of  2, 
and  protecting  the  aircraft  for  limit  load,  the  intervals  are  as  follows: 

Initial  inspection  = Time  & a^.  = 1.30  - Time  vS  a;  = .05 

2 

- 23450  - 19000  = 4450  - 2225  Hrs 

2 2 

2nd  and  subsequent 

inspections  = Time  @ Oc  = 1.30  - Time  @ ajef  = . 15 

2 

= 23450  - 21500  = 975  Hrs. 

2 

Note;  Inspection  interval  calculated  as  an  example  only,  not  to  represent  any  specific  aircraft. 
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CRITICAL  STRESS,  K.S.I. 


CRITICAL  CRACK  LENGTH,  INS. 


FIG.  6 CRITICAL  STRESS  AS  A FUNCTION  OF  CRITICAL  CRACK  LENGTH 


FLIGHT  HOURS  FLIGHT  HOURS 

(a)  (b) 


FIG.  7 CRACK  LENGTH  AS  A FUNCTION  OF  FLIGHT  HOURS 
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CONCLUSIONS 


1 Basic  fracture  mechanics  concepts  and  a sample  analysis  is  described  to  establish  in- 
spection intervals  that  v/ill  ensure  the  safety  of  «n  existing  aircraft  structure.  Longer 
inspection  intervals  can  be  realized  by  lowering  the  operating  stress  levels  (aircraft 
restrictions)  or  if  the  short  inspection  intervals  are  confined  to  a few  "hot  spots"  a 
"local  beefup"  may  effectively  be  used  to  locally  lower  the  stress.  Any  reduction  in 
operating  stress  level  has  o very  significant  effect  on  crack  growth  since  the  minimum 
value  of  n for  an  aluminum  alloy  in  the  Forman  equation  is  approximately  3,  which  is 
to  say  that  the  "time  to  grow"  will  increase  as  the  cube  of  the  stress  reduction. 

2 Parameters  such  as  load  transfer,  spectrum  derivation,  load  sequence  effects  (retarda- 
tion) and  special  boundary  conditions  which  effect  crack  growth  choracteristics  are 
discussed  only  briefly  in  the  text.  There  are  a number  of  sophisticated  techniques 
currently  being  developed  and  used  to  handle  these  parameters  and  are  available  in 
the  "literature"  but  are  considered  outside  the  scope  of  this  case  study. 

3 Fundamental  fracture  mechanics  methodology  thot  more  occurotely  predicts  the  be" 
havior  of  crack  growth  is  developing  at  a very  rapid  rote.  Therefore,  the  analyst 
should  be  aware  of  the  current  "state  of  the  art"  on  such  things  as  retardation  models, 
effects  of  cyclic  rate,  threshold  K’s  and  other  parameters  effecting  crack  growth 
behavior. 
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INTRODUCTION 

( i ) Historical  Background 

The  aircraft  under  study  was  a twin-engine  plane  which  had  been  in 
service  for  approximately  nine  years  and  crashed  during  a normal  descent. 
Inspection  of  the  wreckage  showed  that  the  initial  structural  failure 
occurred  by  an  upward  bending  mode  of  the  right  wing  outer  panel  and  that 
this  failure  was  initiated  by  rapid  crack  propagation  which  originated 
from  existing  fatigue  crack(s). 

The  purposes  of  this  post-mortem  analysis  were  to: 

a)  Establish  the  actual  structural  geometry,  including  the 
extent  of  fatigue  damage,  prior  to  the  failure  of  the  wing. 

b)  Predict  the  actual  failure  load  (g-factor)  under  the  appli- 
cation of  aerodynamic  forces  associated  with  the  most  severe 
design  conditions. 

( i i ) Technical  Background 

The  wing  beam  structure  consisted  of  a single  box  of  laminated 
aluminum  7075-T6  sheets  and  extrusions  bonded  together  into  the  geometry 
shown  in  Fig.  1.  The  moment  of  inertia  of  the  original  uncracked  structure 
at  this  cross-section  is  1409  in^  and  the  principal  axis  of  the  moment  of 
inertia  is  located  at  10.68  inch  above  the  stringer  in  the  center  of  the 
access  door  and  is  almost  parallel  to  the  lower  sheet  chord  line. 

The  design  ultimate  moment  for  the  equivalent  stowage  condition  at 
the  time  of  the  crash  but  with  slightly  less  fuel,  is  570,000  ft-lbs. 

An  actual  test  conducted  by  the  manufacturer  with  simulated  load  distri- 
bution on  the  wing  demonstrated  that  this  section  of  the  wing  without  any 
fatigue  cracks  could  withstand  an  applied  moment  of  639,000  ft-lbs. 

The  inboard  portion  of  the  right  wing  of  the  plane  was  retrieved  at 
the  crash  site  and  the  fatigue-fracture  surface  that  existed  both  fore 
and  aft  of  the  access  door  in  the  lower  surface  of  the  right  wing  was 
examined . 

The  right-hand  wing,  outboard  from  the  fracture  surface,  was  not 
recovered  at  the  crash  site  but  was  later  found  after  much  of  the 
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Figure  1 Cress-section  of  VJing  Box  at  Fractured  Section 

preliminary  analysis  was  completed.  Major  fatigue  cracks  wore  found  in  the 
lower  skin  of  the  right  wing  both  fore  and  aft  of  the  access  door,  in  the 
inboard  wing  stub  and  in  the  vicinity  of  the  bolt  holes  marked  lA,  2A,  IF 
and  2F  in  Figure  2. 

Figure  3 shows  a typical  macroscopic  detail  of  the  fatigue  cracks 
fore  and  aft  of  the  No.  1 access  door  in  the  lower  wing  where  macroscopic 
beach  marks  are  clearly  evident,  consequently  the  length  of  the  fatigue 
cracks  can  be  estimated. 

Since  the  wing  section  surrounding  the  No.  1 access  door  was 
identified  as  fatigue  critical  area  by  the  manufacturer,  this  section  of 
the  wing  was  subjected  to  periodic  X-ray  Inspection  every  500  hours  of 
flight  time.  A review  of  these  X-ray  records  indicated  the  following. 

1.  X-ray  inspection  of  the  right  wing  at  the  access  door  21  months 
prior  to  the  wing  failure  revealed  no  cracks. 

2.  X-ray  inspection  of  the  right  wing  at  the  access  door  6 months 
later  revealed  that  a crack  existed  at  bolt  hole  lA  and  had  grown  at 
least  as  far  as  the  vertical  section  of  the  J stringer. 

3.  Two  X-ray  inspections  of  the  right  wing  at  the  access  door  in  the 
next  12  months  showed  that  the  crack  had  extended  from  bolt  hole  lA  to  2A. 
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FORMULATION 


( i ) Macroscopic  and  Microscopic  Examinations  of  Fracture  Surfaces 

The  macroscopic  details  of  the  fatigue  fracture  surfaces  on  the 
salvaged  outer  wing  panel  are  shown  In  Figure  4.  These  fracture  surfaces 


Figure  4 Fracture  Surface  Aft  of  Access  Door,  Outer  Wing  Panel 


on  the  outer  wing  are  close  to  the  rivet  hole  2A  shown  in  Figure  2.  The 
areas  of  fatigue  fracture  aft  of  the  rivet  in  each  doubler  and  in  the  toe 
of  the  hat  section  matched  with  the  corresponding  fracture  surface  on  the 
inboard  wing  stub. 

Two  stage  plastic  replicas  were  prepared  by  standard  shadowing 
techniques  to  permit  their  examination  in  a JEM-7  transmission  electron 
microscope  that  was  equipped  with  a tilting  stage.  The  first  series  of 
replicas  was  taken  from  the  Inboard  wing  stub,  and  the  second  series  of 
replicas  was  taken  from  the  fracture  surfaces  of  the  salvaged  outer  wing 
panel.  Representative  fractographs  from  the  first  series  of  replicas  are 
shown  in  Figure  5 and  reveal  the  presence  of  micro-strlations  that  are 
typical  of  a fatigue  fracture  which  has  grown  under  a sequence  of  random 
loadings.  Figure  6 Indicates  the  approximate  positions  from  which  replicas 
were  taken.  The  length  of  the  fatigue  crack  aft  of  the  No.  1 access  door 
is  shown  as  3.125  Inches  on  Figure  6. 

Fractographs  that  are  representative  of  the  second  series  of  replicas 
are  shown  in  Figure  7 and  illustrate  that  the  fatigue  fracture  in  the  skin 
of  the  outboard  wing  Is  identical  in  nature  to  the  fractures  in  the 
doublers  of  the  inboard  stub.  This  fracture  surface  also  shows  random 
micro-stria t Ions. 
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Figure  5 Typical  Fractograph  of  Fractured  Surface 
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Figure  6 Position  of  Replicas  in  Relation  to  Fatigue  Crack 


Figure  7 Typical  Fractograph  of  Fractured  Surface 


(ii)  Fractographic  Analysis 

By  combining  the  details  of  the  fractographic  analysis  from  the 
inboard  wing  and  the  outboard  wing  panel  with  the  X-ray  records  dating 
back  to  at  least  21  months  prior  to  the  wing  failure,  it  was  possible  to 
construct  the  sequence  of  fracture  events  preceding  the  final  structural 
failure  of  the  wing. 

At  least  15  months  prior  to  the  wing  failure,  fatigue  cracks  nucleated 
at  hole  lA  and  grew  towards  the  edge  of  the  access  door,  as  shown  in 
Figure  8.  Another  series  of  cracks  nucleated  at  hole  lA  diametrically 
opposite  to  the  first  cracks  and  proceeded  aft  to  hole  2A.  Shear  lips 
in  the  toe  of  the  J stringer  and  the  doublers  are  consistent  with  fatigue 
crack  growth  processes.  A final  series  of  fatigue  cracks  nucleated  in  all 
the  doublers  and  the  skin  and  grew  aft  towards  the  hat  section.  At  a 
distance  of  at  least  3.25  inches  from  the  edge  of  the  access  door  opening, 
the  fracture  mode  changed  from  a predominantly  fatigue,  plane  strain  mode 
to  a shear  mode  of  failure.  It  should  be  noted  that  this  transition  occurs 
at  the  same  place  in  all  the  doublers  and  the  wing  skin  indicating  that  a 
crack  at  least  3.125  inches  long  existed  aft  of  the  access  door  prior  to 
the  final  failure  of  the  wing  while  the  aircraft  was  in  flight.  The  con- 
sistent nature  of  the  pattern  of  macroscopic  "beach  marks"  on  the  crack 
surfaces  between  holes  lA  and  2A  indicates  that  the  doublers  and  the  toe 
of  the  J stringer,  between  these  two  holes  were  cracked  all  the  way  through 
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Figure  8 Fntiguc  Fracture  Aft  of  the  Access  Door 


at  least  as  e.irly  as  the  second  from  last  X-ray  examination.  Aft  of  hole  2A 
the  macroscopic  "beacli  marks"  are  very  consistent  and  the  matching  of  the 
areas  of  flat  fatigue  in  the  wing  skin  with  the  contiguous  areas  in  the 
adjacent  doublers  is  evidence  indicating  that  a fatigue  fracture  grew 
s imul tanemis ly  in  all  the  doublers  and  the  wing  skin. 

( i i i ) Fstimate  of  Critical  Crack  Length  at  Wing  Failure 

Based  on  the  above  optical  and  electron  microscopic  examination  and 
fractography  analysis,  the  following  conclusions  were  reached: 

1.  A fatigue  crack  at  least  3.125  inches  long  existed  in  the  lower 
wing  surface  aft  of  the  access  door.  A similar  investigation  showed  that 
anotlu-r  fatigue  crack  at  least  2.625  inches  long  existed  forward  of  the 
same  acci-ss  door  in  the  lower  wing  surface  prior  to  the  in-flight  failure 
of  till'  right  wing. 

2.  Botli  fatigue  cracks  grew  by  random  loading  which  produced  micro- 
striatic’ns  on  the  fractured  surface.  Such  micro-str iat ions  are  evidence 
of  progri’ss  i VI’  crack  growth  over  an  extended  period  of  time.  In  the  case 
of  the  aft  crack  this  period  extended  over  at  least  14  months  prior  to  the 

.ICC  i dent  . 

3.  A comparison  of  both  microscopic  fracture  surfaces  and  macroscopic 
details  showed  that  the  aft  fatigue  crack  existed  in  the  J stringer,  all 
doublers,  and  wing  skin  prior  to  the  final  wing  failure. 
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(i ) Residual  Strength  Analysis  of  the  Wing 

In  order  to  determine  the  stress  Intensity  factor  associated  with  the 
crack  geometry  established  by  microscopic  examination  and  fractography 
analysis,  a two-dimensional  finite  element  analysis  of  the  Idealized  wing 
structure  was  conducted.  Figure  9 shows  the  plan  view  of  the  lower  panel 
of  the  wing  in  the  vicinity  of  the  fracture  surface.  The  complex  cross- 
section  of  the  wing  panel,  as  shown  in  Figure  8,  was  idealized  Into  an 
assembly  of  axial  force  members  and  plane  surface  elements  of  different 
thicknesses  in  this  two-dimensional  finite  element  analysis.  The  hat 
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section  was  treated  by  lumping  the  webs  of  the  hat  into  an  axial  force 
member.  It  was  assumed  that  the  door  was  designed  such  that  the  stringers 
could  be  continued  through  the  door.  A 3-inch  crack  was  assumed  to  exist 
on  both  sides  of  the  door  at  the  fracture  surface.  Under  these  conditions 
the  problem  becomes  a symmetric  problem  about  the  axis  of  stringer  6 and 
only  the  aft  part  of  the  panel  was  analyzed.  That  portion  of  the  panel  was 
divided  into  finite  elements,  as  shown  in  Figure  10. 


Figure  10  Finite  Element  Idealization  of  Lower  Wing  Panel  shown  in  Fig.  9 

The  boundary  condition  used  in  this  finite  element  analysis  was  the 
actual  stress  state  which  had  been  previously  measured  in  an  uncracked 
wing.  This  stress  state  is  also  shown  as  the  prescribed  boundary  con- 
j dition  In  Figure  10.  The  stresses  Increase  approximately  linearly  at 

I 
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the  rate  of  0.0059O  Ib/in^  per  inch,  where  O Is  the  stress  In  Stringer  7. 

The  stress  in  J Stringer  7 was  found  to  be  1.32  times  the  stress  near  the 
door,  as  calculated  by  the  elementary  theory. 

The  calculated  stress  at  Station  189  inches,  identified  in  Figure  9, 
for  the  weight  condition  at  the  time  of  failure  of  the  airplane  in 
Stringer  7,  also  identified  in  Figure  9,  is  47,000  psl  for  the  design 
load  which  corresponds  to  a load  factor  of  4.5  g.  The  calculated  stress 
is  therefore  10,400  psi  per  g.  Assuming  the  same  stress  concentration 
factor  as  measured  at  the  adjacent  door,  the  true  stress  at  the  Stringer  7 
in  the  uncracked  airplane  would  be  1.32  times  10,400  or  13,800  psi  per  g, 
and  thus  a was  taken  to  be  13,800  psl  per  g. 

The  stress  intensity  factor  for  the  cracked  structure  was  determined 
by  the  conventional  procedure  of  "pressurizing"  the  crack  with  the  stresses 
which  exist  in  the  corresponding  portion  of  the  uncracked  wing  and  then 
computing  the  strain  energy  release  rate.  For  the  crack  length  of  3 inches, 
a notmallzed  stress  Intensity  factor  of  K/o  = 2.5  in*5  was  obtained. 

In  these  calculations,  the  J section  was  assumed  to  be  fully  cracked. 
Additional  calculations  were  conducted  in  which  the  outstanding  leg  of  the 
J section  was  not  cracked.  The  stress  intensity  factor  was  reduced  by  less 
than  6 percent  and  thus  the  above  approximation  of  a fully  cracked  J section 
did  not  materially  change  the  stress  intensity  factor.  The  solution  showed 
negligible  reactions  along  the  line  of  symmetry  in  Figure  10,  indicating 
that  the  two  cracks  at  Stringers  5 and  7 could  be  analyzed  separately.  The 
stress  state  was  also  nearly  symmetric  about  the  line  a-b  of  the  crack. 

The  small  shear  stress  which  would  exist  along  a-b  in  the  uncracked 
structure  was  neglected. 

For  7075-T6  aluminum,  the  handbook  value  of  fracture  toughness  for  this 

thin  gage  is  approximately  K^.  = 70,000  psi»^  [1],  Since  K = 2.5a/ln,  the 

crack  will  propagate  at  that  load  which  would  produce  a stress  at  Stringer  7 

of  the  uncracked  structure  of  amount  o = = 28,000  psi.  As  shown 

previously  o » 13,800  corresponded  to  a one^g  design  condition  and  thus 

onset  of  crack  propagation  would  occur  at  a load  factor  of  n = ^§*999  = 2.03 

1 J , oUU 

The  above  study  showed  that  the  3-lnch  pre-existing  crack  will  become 
critical  at  a load  factor  of  2 g.  Further  calculations  are  necessary  to 
predict  crack  arrest  due  to  static  unloading  of  the  crack  tip  stress  field 
of  the  stringers.  For  this  purpose,  stress  intensity  factors  for  various 
crack  lengths,  from  2.8  to  4.8  Inches  were  calculated  and  at  least  through 
Stringer  8. 

Since  the  first  finite  element  study  had  shown  the  stresses  to  be 
nearly  symmetric  about  the  line  a-b  of  the  crack,  only  the  portion  of  the 
panel  from  the  fracture  surface  Inboard  of  23.2  in,  which  is  longer  and 
wider  than  the  previous  panel,  was  used  in  this  second  series  of  finite 
element  analyses.  Symmetry  conditions  were  used  along  the  fracture  surface. 
The  boundary  conditions  used  are  therefore  the  same  as  those  shown  in  Fig.  10 
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In  this  idealization  the  actual  shape  of  the  stringers  and  the  doublers 
was  taken  into  account.  The  thicknesses  of  plane  stress  elements  were  the 
mean  thickness  in  the  region  of  the  elements.  The  construction  of  the 
access  door  was  more  accurately  modeled.  The  portion  of  the  hat  sections 
which  was  lumped  into  an  axial  force  member  was  slightly  reduced.  These 
changes  provide  increased  accuracy  of  perhaps  one  or  two  percent. 

The  crack  is  assumed  to  increase  at  the  same  rate  in  all  layers  of  skin 
and  doublers.  When  the  crack  tip  reaches  the  web  of  the  hat  stringer,  two 
possibilities  arise.  The  crack  may  continue  to  propagate  in  the  skin  and 
doublers  leaving  the  hat  section  Intact,  or  the  crack  may  propagate  into 
the  web  of  the  hat.  Both  situations  were  investigated. 

If  the  crack  did  not  propagate  into  the  hat  section,  the  above 
idealization  of  the  hat  section  would  provide  a lower  estimate  of  the  wing 
strength.  The  hat  section  at  Stringer  8 was  therefore  lumped  into  axial 
force  members,  one  half  at  each  side.  A finite  element  analysis  was  then 
made  for  various  crack  lengths. 

The  stress  which  develops  in  the  hat  section  is  the  stress  which  would 
exist  if  the  wing  were  uncracked  plus  the  extra  stress  due  to  the  presence 
of  the  crack.  The  stress  if  the  wing  were  uncfacked,  as  described 
previously  is  27,600  psi  in  the  Stringer  7 at  a load  factor  of  2 g.  The 
stress  in  the  hat  section  is  .865  times  the  stress  in  Stringer  7 and  thus 
0^  is  23,900  psi  at  a load  factor  of  2 g.  The  extra  stress  corresponding 
to  a stress  of  27,600  psi  in  the  J-section  was  found  by  the  finite  element 
solution  to  be  as  follows: 

Crack  Length  I Inches  Extra  Stress  Op  psi 


3.0 

3.2 

3.4 

3.5 


14.100 

24,000 
37,400 

56.100 


The  total  stress  in  the  hat  section  as  the  crack  tip  approaches  the 

hat  stringer  is  o + o : 

o e 


Crack  Length  H Inches 


Stress  in  the  Hat  Section  psi 


3.0 

3.2 

3.4 

3.5 


38.000 
47,900 
61,300 

80.000 


Since  7075-T6  has  a tensile  strength  of  about  77,000  psi,  the  stringer  can 
be  expected  to  fall  and  the  crack  will  propagate  into  the  web  of  the  hat 
section. 
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A second  analysis  was  done  assuming  that  the  crack  would  propagate 
Into  the  hat  section.  The  crack  was  assxjmed  to  grow  at  the  same  rate  In 
the  skin,  doublers,  and  flange  of  the  hat  section  until  the  web  of  the  hat 
is  reached.  The  crack  is  assumed  to  then  grow  in  the  hat  up  to  the  crown, 
and  then  propagate  at  the  same  rate  in  the  skin,  doublers  and  crown  of  the 
hat.  The  first  model  of  the  hat  can  be  used  to  investigate  this  situation. 
This  is  shown  in  Figure  11  for  the  load  factor  2 g;  the  load  for  which  it 
was  earlier  found  that  K = for  a crack  length  of  3 inches. 


Little  is  known  about  the  stress  intensity  factor  which  causes  a 
propagating  crack  to  arrest.  Available  experimental  results  are  limited 
to  laboratory  materials,  such  as  plastics  and  reactor  grade  steels,  [2,  3,  4], 
reported  to  have  arrest  stress  intensity  factors,  varying  from  0 to 

15  percent  lower  than  the  fracture  toughness  of  the  material.  The  arrest 
stress  Intensity  factor,  is  said  to  be  influenced  by  the  stress  wave 

effects  and  therefore  varies  with  this  problem  [2,  3].  Nevertheless,  one 
can  expect  that  if  a maximum  arrest  stress  intensity  factor,  say  84  percent 
of  the  fracture  toughness,  is  a necessary  condition  to  arre  t a crack  in  a 
single  test  specimen,  a similar  or  even  smaller  stress  intensity  factor 
would  be  necessary  to  arrest  a running  crack  in  a complex  structure  such 
as  the  wing,  which  is  subjected  to  dynamic  loading. 

With  the  reasoning  outlined  above,  an  arrest  stress  Intensity  factor 
of  58.8  ksl  /in  is  used  in  conjunction  with  the  results  in  Figure  11  to 
estimate  the  subsequent  behavior  of  the  propagating  crack.  Crack 
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propagation  Initiates  at  a load  factor  of  2 g (point  F on  the  graph).  Under 
the  load  of  2 g,  the  crack  will  propagate.  The  termination  of  the  doublers 
at  A,  in  Figure  11,  causes  the  crack  to  accelerate;  but  as  the  crack 
approaches  the  hat  section,  it  will  slow  down.  The  decrease  in  stress 
intensity  factor  to  63  at  B,  a decrease  to  90  percent  of  K , is  insufficient 
to  arrest  the  crack.  The  stress  intensity  factor  exceeds  ?he  critical  value 
for  all  subsequent  lengths,  and  the  crack  continues  to  propagate. 

At  the  crack  length  of  H = 3.8  inches,  where  the  computation  was 
terminated,  the  stress  intensity  factor  is  approximately  28  percent  above 
the  fracture  toughness  of  = 70  ksi  /in.  Extrapolating  this  stress 
intensity  factor  versus  crack  lengths  curve  to  the  2nd  web  of  the  hat 
section  will  yield  an  approximate  stress  intensity  factor  higher  than  the 
K = 63  ksi  /in  computed  previously.  Following  the  same  reasoning  as  before, 
the  running  crack,  although  simultaneously  decelerated  at  the  2nd  web  of 
the  hat  section,  will  continue  to  propagate  through  this  barrier. 

Subsequent  arrest  of  this  propagating  crack  under  the  assumed  constant 
applied  load  of  2 g is  not  possible  since  the  static  stress  intensity  factor 
would  have  Increased  approximately  40  percent  due  to  the  doubling  of  the 
crack  length  alone.  In  addition.  Stringer  9,  in  comparison  with  Stringer  8 
will  not  offer  any  Increased  resistance  to  crack  arrest,  since  these 
stringers  are  approximately  identical  structurally.  Experimental  results 
supporting  this  reasoning  can  be  found  in  Reference  5. 


CONCLUSION 


The  design  stress  analysis  by  the  manufacturer  had  indicated  that  the 
stress  in  the  J-section  at  the  fracture  section  would  be  10,400  psi  per  g. 
Subsequent  measurements  of  the  stress  at  the  J-section  showed  a stress 
concentration  factor  of  1.32.  Therefore,  the  stress  at  the  point  where 
the  crack  occurred  is  about  14,000  psi  per  g.  The  finite  element  analysis 
shows  that  the  fatigue  crack  3 inches  long  will  propagate  when  the  load  is 
such  that  the  true  stress  in  the  uncracked  wing  would  be  28,000  psi.  The 
fatigue  crack  will  therefore  begin  to  propagate  at  a load  factor  of  2 g. 

A separate  finite  element  analysis  shows  that  the  crack  will  not  arrest 
at  Stringer  8,  but  will  continue  to  propagate.  Thus  the  ultimate  load 
factor  for  the  wing  with  the  3 inch  fatigue  crack  is  2 g.  The  wing  was 
designed  to  withstand  a 4.5  g load  factor. 
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APPENDIX 


Approximate  Estimation  of  Critical  Stress  Intensity  Factor 

The  stress  intensity  factor  of  the  subject  crack  can  be  estimated  by 
available  analytical  solutions.  Such  an  estimate  serves  as  a check  on 
the  more  precise  results  obtained  by  the  finite  element  analysis  as  well 
as  being  an  indicator  for  areas  where  detailed  further  analysis  by  the 
finite  element  method  are  needed.  The  first  step  in  such  approximate 
analysis  is  to  reduce  the  actual  wing  structure  to  a problem  for  which 
an  analytical  solution  is  available.  The  final  results  are  critically 
dependent  on  this  idealization  process;  which  required  considerable 
engineering  judgment. 

First,  the  lower  skin  shown  in  Figure  9 was  assumed  to  be  a tension 
member  subjected  to  uniaxial  tension.  Furthermore,  the  built-up  structure, 
as  shown  in  Figure  8,  was  assumed  to  be  in  a state  of  plane  stress  and  the 
stress  concentrations  due  to  abrupt  discontinuity  in  thickness  and  riveted 
joints  were  ignored.  The  result  of  this  idealization  is  an  infinite  strip 
with  two  longitudinal  edge  stiffeners  on  both  sides,  as  shown  in  Figure  12. 


Figure  12  Cross-section  of  Idealized  Cracked  Plate  with  Cross-section 

Shown  in  Figure  8 

In  this  idealization,  half  of  the  stringer  rigidity  of  the  hat  section  is 
concentrated  at  its  leg  closest  to  the  crack  tip.  In  addition,  the  sudden 
change  in  skin  thickness  is  accounted  for. 

Available  analytical  solutions  related  to  this  problem  as  derived  by 
Islda  [6,  7,  8]  can  be  represented  as  K = F(A)  o/jra,  where  A is  the  ratio 
of  crack  length  2a  to  characteristic  plate  width  of  2b.  F(A)  which  is  the 
correction  factor  to  the  stress  intensity  factor  of  an  infinite  plate  with 
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a crack  of  length  2a  and  subjected  to  uniaxial  tension,  O,  varies  with  each 
problem  and  can  be  obtained  directly  or  Indirectly  from  References  [6,  7,  8], 
Since  the  analytical  solution  to  the  problem  represented  by  Figure  12  does 
not  exist,  a solution  is  constructed  from  the  solutions  of  two  known 
problems  represented  by  Figures  13a  and  b.  The  product  of  the  two  F(A)'s 
derived  from  these  problems  should  be  close  to  the  F(X)  of  Figure  12. 


(b) 


Figure  13  Further  Idealization  of  Cracked  Plate 

From  Figure  13a  we  obtain  A = ^ = .8826  and  a thickness  ratio, 
tl  ° 

& » — ” .6371  with  which  we  estimate  F_(A)  - 1,28  [7],  From  Figure  13b, 

^2  ^ A 

we  obtain  ^ ^ “ •6818  and  an  area  ratio  dk  " —r  “ .5218  with  which  we 

estimate  F{j(A)““  ,97  [8],  The  resultant  correction  factor  for  the  problem 

represented  by  Figure  12  is  F(A)  - Fg(A)*F^j(A)  - 1.24,  which  agrees  closely 

with  the  finite  element  results  of  F(A)  » 1.15. 
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I I-LVCniRI  MICILWICS  COW^I.IA)  ION  STUDY 
i>\  I'lUCKI  l>  A)R(:RM  I STRIJCTIJli)  S 


■ J.  M.  (Ih.ini; 

kdckui'll  IntcTti.'it  ioii.'il  (Y)r|)(>i;it  ion 
l.o--  \tii;<.-lc-s,  (!.i)  i I'oj-ni.'i 


i 


i .vrw  )iHi(:i  i()\ 

In  tIk'  ff'-c.i  i\ii , di.'\  r iopiiK-Mt  , test,  .'Uitl  dv.iDj.it  ion  > ph./'C  <D  .1 

.1  i id  la  ft  sc'Vt'ral  tid-'ip.n  vc'ii  I'uat  ion  U-st  (D\l)  art  idles 

uhidh  io|'rdS(,'nt  iiiainr  juii't  ions  ol  Tlie  aiixrall  uere  tun  It,  arul  latiaiie  tests 
uei'e  eeiKliKteJ  in  the  stnietmal  lalioratorv . I he  fatidiie  test  lda(.linL’,s  uefe 
vai  iahle  aiiiplitiule  loads  v%hicli  simulated  the  desii’.n  I'lieht  In'  I'liel't  stfess 
s]ieetra  of  eaeh  test  article.  One  such  D\d  article,  identified  as  |)\T  J 
Aft  lusela.ee/l.iiipenna.itt'  Specimen  lshov\n  in  liuure  1),  uas  tested  in  llOii.  After 
the  application  ol  ‘d'li  flnihts  of  the  fatiitue  spectrum  loadin^t,  a I-“/8  inch 
crack  uas  vletecttxl  on  the  exterior  surface  of  the  sideplate  of  t lie  luo'i  r.onta  1 
vc'i'tical  Stahl  li;:er  support  fittinit.  The  stabiliser  support  fittin.it  tmd  the 
cracked  reuion  are  illustrated  in  figure  d. 

Ihis  stabiliser  support  1 ' t mg  is  classified  as  an  airiOane  sal'et)  of 
Might  structure  which  is  a wr-Kled  assembly  of  111’  t'Ni  Uio  .dl'  steed  forgings 
heattreated  to  l‘dO  did  ksi  ultiimite  tensile  strength.  flie  Re|nihl  ic  steel  allo\ 
was  selected  because  of  its  excellent  toughness/strength  characteristics,  fhe 
weld  loint  was  in  a double  U-groove  I'onfigurat ion.  because  of  the  large  thick 
ness  of  the  Jiart,  iiKire  than  IDO  weld  jiasses  we-re  required  to  make  the  Joint. 
WeUl  run  out  holes  were  proviiied  at  the  intr-rsect  ion  of  the  web  to  tlw  flange 
on  both  sides  of  the  support  fitting,  A stress  reliel  oiierat  ion  at  'daO  p 
foi'  d houis  was  jierformed  after  the  welding. 

Tlie  cracked  region  was  sectioned  off  from  the  test  article.  Hie  test 
article  was  repair-welded  ;ind  put  back  into  test.  It  acciuiiulated  more  th;ui 
two  life-times  of  the  aircraft  as  of  the  end  of  HMD.  I ractograph ic  ;uial\sis 
was  conducted  on  the  cracked  section,  fhe  crack  was  deteniiined  to  originate 
from  the  inner-surface  of  the  weld  ninout  hole.  The  initial  flaw  was  identi- 
fied as  .-in  intergranular  .anomaly,  elliptical  in  shape.  Ilie  initial  crack 
depth  was  0.02  inch,  fracture  meclninics  analysis  was  perfonned  in  order  to 
study  the  fatigue  crack  growth  behavior  in  the  welded  airfnune  structure 
under  the  flight  spectnim  lo.ading. 

The  fracture  mechanics  analysis  was  made  empUning  the  modified  version 
of  an  existing  crack  growth  calculation  computer  routine,  the  fllCiRfi  program 
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gurc 


( rci'creiKo  1),  developed  in-tiousc  at  Rockwell  International.  Ill  is  crack  growth 
computer  |)rogram  is  essentially  a special  intc/^ration  routine  where  an  initial 
crack  size,  aj,  is  >>iven  and  the  cyclic  crack  growth  rate,  da/dn,  is  integrated 
to  yield  the  relationship  between  "a"  and  ''n”  for  a structure  containing 
cracks  subjected  to  a given  stress  spectrum. 

Ilie  l^aris-type  fatigue  crack  growth  rate  equation  freference  2)  with  Walker 
stress  ratio  correction  (reference  3)  is  employed  in  the  liPI'dRO.  For  tension- 
tension  cyclic  loadings,  it  is  expressed  as; 


where  (;,  m,  <md  n are  experimentally  determined  constants;  R =^min/^max 
the  cyclic  stress  ratio;  and  4K  is  the  stress  intensity  factor  range. 

For  tension-compression  load  cycles,  the  crack  growth  rate  equation 
pro[X)sed  by  (diang  (reference  4)  is  used: 


4^=  c:  fd-R)^  K 1 , R < 0 (2 

dn  max J 

where  C and  n are  the  s;ime  constants  as  in  equation  1 for  the  tension-tension 
load  cycles;  is  the  stress  intensity  factor  corresponding  to  tlie  maximum 

cyclic  stress;  and  q is  the  acceleration  index,  which  is  a constant  for  a 
specific  negative  stress  ratio  determined  from  constant  ampl i tude,  negat i ve-R 
loading  tests. 


FORMUl-ATION 

To  account  for  the  effect  of  the  residual  stress  existing  in  the 
welded  structure  on  the  fatigue  crack  growth  behavior,  the  preceding  rate 
equeitions  were  modified.  iTie  modification  was  on  the  stress  intensity  factor 
and  the  stress  ratio  in  the  rate  equations  by  employing  the  "effective" 
stress  approach  proposed  by  (ihang  in  his  study  of  the  growth  behavior  of 
cracks  in  the  residual  stress  region  of  cold-worked  boltholes  (reference  5).  llie 
"effective  stress  intensity  factor"  in  terms  of  the  effective  stress,  of, 
for  a surface  flaw  is  expressed  as: 
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K = Mj.  (a/c)  NIj^  (a/2c. 


(3) 


uherr  a is  tlio  crack  dcptli,  2c  is  the  crack  length,  t is  the  thickness,  w is 
the  widtli  of  the  stnicture,  :ind  Mf  ;ind  are  the  fiont  face  and  hack  face 
correction  factors,  i-espect  ively.  Ilie  Mp  and  M|.,  for  various  a/c  and  a/t  values 
are  shown  in  tables  1 ;ind  11.  llicy  are  derived  from  the  results  reported  by 
Koliayashi  and  Moss  (reference  b),  and  Sh;iJi  and  Kolxiyashi  (reference  7).  is 
the  widtli  correction  factor  while  Tada’s  modified  secant  function  (reference  8) 
is  adopteti,  whicli  takes  tlie  followinj>  fomi; 


M = 
w 


(41 


fable  I.  Surface  (.'rack  front  face  (Correction  factor 


a/c 

0 

0.  1 

0.2 

0.4 

0.(1 

0.8 

1.(1 

"f 

1.12 

1.11 

I.l 

1 . 08 

1 . 0(1 

1.04 

1.0,1 

fable  II.  Surface  Crack  Back  face  Correction  factoi’ 


a/t 

3 

0 

0 

0 

2 

0.7, 

0.4 

0 

5 

0 

5 

0 

T 

0 

8 

0 

p 

0 

1 

1 

0 

1 

02 

1.04 

1.05 

1 

08 

1 

1.5 

1 

■) 

c 

I 

5(i 

1 

■7(1 

0 

2 

1 

0 

1 

0 

1.02 

1.0,5 

1 

06 

I 

1 

1 

1(1 

1 

07 

1 

55 

0 

4 

1 

0 

1 

0 

1.02 

1.01 

1 

04 

1 

07 

1 

1.5 

1 

20 

1 

37 

0 

6 

1 

0 

1 

0 

1.0 

1.01 

1 

02 

1 

05 

1 

09 

1 

1(1 

1 

28 

0 

8 

1 

0 

1 

0 

1.0 

1.01 

1 

02 

1 

04 

1 

07 

1 

1.5 

1 

24 

1 

0 

1 

0 

1 

0 

1.0 

1.0 

1 

01 

1 

02 

1 

05 

1 

10 
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The  quantity  "Q"  i.s  a combined  factor  which  is  expressed  in  terms  of  the 
elliptical  shape  normalizing  factor, 0,  and  the  ratio  of  the  effective  stress 
to  the  material  yield  strength,  S/Cy^,  as: 


Ir 


( 


Q = - 


(S) 
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\;ilu(.‘S  t)t'  0 are  tlie  complete  elliptical  intcjtral  of  the  secoiul  kind, 
which  c.in  he  expz'essed  as; 

0-  f (Vl  (l-4r)  sin^e)  dd,  ^ = a/2c  fhl 

o ' 

lor  a structure  containinj;  the  residual  stress  under  a remotely  applied 
tensile  stress,  <^aa , the  effective  stress  is  expressc'd  as: 

CT  = )<^  ■^  O-  (X  ) ( ~) 

CO  res 

ishere  y(\)  is  the  stress  gradient  for  a nonunifonii  stress  field,  and  '^res''"* 

1-  the  residual  stress  distribution,  either  compression  or  tension. 

Ihe  stress  ratio,  R,  is  also  modified  to  account  for  the  effect  of 
lesidiial  stresses.  In  tenns  of  the  residual  stress,  tlie  "effect  i\'e  stress 
rat  io”  is  exiu'essed  as: 


R 

(T 


max 


g(x)a  + <r  ,(x) 
. 1 es 

m 1 n 


g ( X la  + a ( X ) 

* res 

max 


(81 


wheie  r*jjj^^and  '"ioimujii  cyclic  stresses  remotely 

ajipliixl  to  the  structure. 

Ihe  modification  of  the  stress  intensity  factor  ;ind  the  stress  ratio  to 
account  tor  the  iesidu.il  stress  plays  the  key  role  in  the  prediction  of  tlie 
latigue  cr.'ick  growth  heli.ivior  in  welded  structures.  I■igure  3 illustrates 
■-ciwmat  ica I ly  the  ch.anges  of  tiie  peak  stress  and  tlie  stress  ratio  v.ilues  due 
to  the  existence  of  tlie  comiiressive  residual  stress  or  the  tensile  residual 
stress.  Ihe  reduction  of  the  jicak  cyclic  stress  and  stress  ratio  lias  been 
known  .as  the  iiuijor  caus.it  ive  factor  in  the  fatigue  life  im]irovemetit  of  cold- 
woi'kcxl  fastener  holes  (references  .8,  . ihe  detrimental  effect  of  the  tensile 

residu.il  stress  to  the  crack  growth  has  been  obseri'ed  b\-  other  investigators 
(reference  lO). 
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In  tonus  of  the  ot'l'ootiv'o  stress  intensity  fnotor  K ;ind  effeotive  stress 
ratio  R,  the  crack  j^rowth  rate  equations  1 and  2 become: 


dn 


= t; 


M 


(1-R) 


1 -m 


, R ^0 


[(1-R)''  K 1 

L max  J 


R < 0 


(d) 


(10) 


Notice  that,  if  the  residual  stress  vanishes,  the  foregoing  rate  equations 
will  resume  their  original  fomi. 

The  existing  crack  growth  computer  program  lil'f'GRC)  was  modified  to  adopt 
the  crack  growth  rate  equations  9 and  10  for  analytical  predictions  of  the 
surface  crack  growth  behavior  in  the  welded  structure. 

CRy\(:K  GROKIll  rRHDlCriON  .^Nl)  ThST  DATA  CORRldAlTON 

Grack  growth  analytical  predictions  were  perfonned  by  employing  the 
modified  version  of  lilT-CiRO  which  accounts  for  the  effects  of  residual 
stresses,  llie  inputs  to  the  computer  prognun  are  (1)  the  material's  crack 
growth  rate  constants  and  its  fracture  properties,  (2)  the  initial  crack 
configuration  and  sizes,  (.3)  the  geometry  of  the  cracked  section,  (4)  the 
applied  stress  spectnim  and  the  limit  stress  level,  (.'ij  the  stress  gradient, 
and  (b)  the  residual  stress  distribution. 

As  described  previously,  the  crack  was  dctcimiined  to  originate  from  the 
inner  surface  of  a weld  runout  hole  to  grow  through  the  thickness  of  the 
sideplate  of  the  spindle  support  fitting  as  illustrated  in  figure  2.  The 
key  data  were: 

Thickness  (t)  = 1.07  inches 

Width  (w)  = 8 inches 

Grack  depth  (aj  = (J.02  inch 

Crack  length  (2c)  = O.Ob  inch 

ITliptical  shape  normalizing  factor  (4>)  = 1..^25 

ITie  crack  growth  rate  constants  of  the  HI’  9Ni-4Co-.2C  steel  employed  in 
the  predictions  are  as  shown  in  figure  4.  The  growth  rate  data  were  generated 
from  the  compact  type  {(Tf)  specimens  under  constant  amplitude  loading.  The 
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da/dN  (INCH/CYCLE) 


traiture  tou^linc-ss  .nul  otlirr  material  properties  inputeJ  in  the  computer 
pi'o>;ram  uere: 

Plane  strain  tougliness  = K’S  ksi  -/in. 

I'lane  stress  touj^hness  (K  ) = 2a()  ksi  \^in. 

YieKl  streiiiitti  (<r  | = 180  ksi 

>’S 

The  t'atiitue  s|K'Cti‘um  apj)!  ied  on  the  test  article  was  the  horizontal 
'stabilizer  spindle  support  spectriun  in  f 1 it>ht-hy- i'l  i.itht  foniiat.  ligure  S 
shous  the  llKT  specti'um  chai't  of  the  test  spectriun.  liach  flight  of  the  spectriun 
contains  13vS  load  steps  and  2a0  cycles,  fhe  nuiximiuii  nominal  spectnun  stress 
wa'^  o8  ksi,  which  appl  ieil  once  every  100  flights.  I'he  test  flight  siiectrum 
was  ufilizeil  in  the  anlvtical  crack  growth  predictions. 

fhe  stress  gradient  across  the  thickness  of  the  sideplate  was  deteniiined 
fiirougli  tlie  known  solutions  of  the  static  str<'ss  anali'sis.  lor  a given  crack 
size  a(xi  measured  from  the  surface  as  indicated  in  figure  2,  the  corresiiond- 
ing  stress  gradient  g(x)  employed  in  the  analytical  prediction  were: 


a(x),  inch 

K(x) 

U.O 

1 . 50 

0.  1 

1.32 

0.2 

1.23 

0.3 

1.18 

0.5 

1.14 

1 .0" 

1 . 30 

fhe  residual  stress  distribution  across  the  thicl 

'-idejilate  containing  the  tlouhle  U groove 
the  \ ray  diffraction  measurements  as : 

weld  joint  w; 

a(x),  inch 

a ( X ) , 1 

res 

0 

-20 

0.25 

+ 40 

0.  5 

-20 

0.'5 

+ 40 

i.ir 

-20 

the  uncracked 
estimated  from 
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SpinJli.-  Su|i|)u 


1 


Sc\ci  :il  coiiiput c r nins  wei't.'  m.uk'  h;isc'(.l  on  <.1  i I rtTont  assiiiiii)t  ions  on  tlu’ 
t u t'iH'ss  of  tlu'  iesi(.liial  stress  in  eonjunetion  with  the  preeetl i iij^  input  >. 

I'lie  I'irst  run  was  liaseJ  on  tlie  assiiinption  that  tlie  rc'sitlual  stress  tlid  not 
tia\  e an>-  effect  on  the  fat  ij^iie  ci'ack  j>rowtii  behavior.  It  implies  tliat  the 
applied  cyclic  stresses  were  the  only  tlrivinjt  force  to  the  crack  j;rowth.  The 
result  of  the  analytical  prediction  was  plotted  in  figure  (i.  Hie  test  data 
( refi'rence  11)  obtained  from  tlie  fractographi c analvsis  were  also  plottcxl  for 
com|iarison.  leased  on  the  |)i'ed ictetl  result  as  shown  in  the  l'it;ure,  it  would 
take  2,l2(t  fl  iv;hts  to  .yrow  the  surface  crack  with  an  initial  s i .-.e  a;  = ii.nd  to  its 
critical  sire,  fomjiared  to  the  test  data,  the  prediction  was  ofl  bv  a factor 
of  1.  from  tliis  exercise,  it  ivas  concluded  that  the  resitlual  stress  tlid 
affect  the  crack  growth  behavior. 

Ihe  secontl  computer  lain  was  inatle  by  assioiiing  that  the  estimated  residual 
stress  was  KJO  percent  effective,  figure  ~ shows  the  pretlicted  crack  growth 
beliavior  compared  to  the  test  data,  it  indicates  the  pretliction  was  still  off 
by  a large  percentage. 


fhe  subsetpient  ctmiputer  runs  were  matle  based  on  the  assumptions  that  the 
residual  stress  was  relaxed  tinder  fatigue  loading  and  also  was  red istrilmted 
as  the  crack  jirop.agat  ing  through  the  residual  stress  region,  l.imited  rese.arch 
reitorts  anti  technical  jiapers  have  suggested  the  relaxation  and  redistribution 
of  the  residual  stress  when  the  crack  is  subjectetl  to  fatigue  loading  ( re  I'e  fences 
I2,l.s,l4).  However,  there  is  no  rel  iable  analyt  ical  model  available  to  tletermiiu' 
the  luiiount  of  relaxation  and  the  red  istr  ilnit  ion  patterai.  f'urthennore , it  is  vert- 
difficult,  if  not  impossible,  to  measure  the  residual  stress  ti  i st r i hut  ion  with 
;i  crack  ju-opagat  i ng  through  the  region.  fhus,  various  residual  stress  distribu 
tion  (latteins  which  acciainted  for  the  relaxation  and  redistribution  effects 
wett’  .-issumed  and  inputed  in  the  computer  program.  1 igurt-  S shows  two  residual 
sti'ess  distribution  |i;itterns  where  good  correlations  wert'  obtained.  The  sol  iil 
line  in  the  figure  re[iresents  tlie  liest  aiialvtical  [irr-d  ict  ion. 

CO.NCl.llDINC.  Ul-MMtKS 

A i.-;ise  study  of  emjiloying  the  state-of  tlie  art  linear  elastic  fracture 
mechanics  technolog)-  to  correlate  the  fatigue  crack  gi-owth  behavior  in  a 
cracked  aircraft  striictirre  has  been  presented,  from  the  results  of  this  stud)-, 
t he  fo 1 1 ow I ng  were  cone  1 uded : 

I.  fhe  use  of  I racture  mechanics  jirovidcs  a valuable  tool  for-  the 
understariil i ng  of  the  fatigue  crack  growth  behavior-  in  a webleil 
a i rcraft  st ructure. 

J.  Residual  str’esses  |day  a very  irirportant  r'ole  in  tire  crack  growth  of 
the  welded  structure,  fompr'essive  resirlual  str-esses  slow  down  the 
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DETECTED  CRACK 
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WELD  HUNOUT  HOLE 
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NUMBER  OF  FLIGHTS 


i-i'ack  j;routh,  uliik'  tcnsiU-  ifs  itlua  1 stfcsses  spcetl  up  the  crack 
fate. 


5.  Ivcsuiiial  ^ti'csscs  l.■oulcl  be  lolaxcxl  iiiuler  c\-clic  loatlinj;  ami  cuuki 
be  f(,\i i s 1 1' i I'liteil  uherr  tire  cr  ack  pr'opajtat es  thfoiiph  the  r-eitiutr. 
lire  aineurrt  of  relaxat  iort  ;trtd  the  redi  st  f rhut  ion  patter'n  of  the 
residual  stress  shouKl  bt'  accounteil  for  in  the  an;tl)tical  predic 
tiorr.  Irrrthei'  fese.rrch  itt  this  at'ea  is  trfatxl . 
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INTRODUCTION 


The  U.S.  Air  Force  is  currently  in  a transition  period  with  respect  to 
the  philosophy  of  airframe  structural  integrity.  New  guidelines  based  on 
fracture  mechanics  [1]  are  being  applied  to  design,  test  and  force  management 
of  aircraft  now  under  development.  These  criteria  were  developed  as  a result 
of  service  experience  with  older  aircraft,  which  were  designed  for  fatigue  by 
Palmgren-Miner  damage  summation  [2,3]  based  on  material  data  from  experiments 
which  determined  the  number  of  cycles  to  failure  in  carefully  prepared  test 
spec imens . 

Early  designs  for  jet  aircraft,  such  as  the  B-47  (on  the  drawing  boards 
in  the  1940's),  the  commercial  707,  and  the  original  B-52  (manufactured  from 
1955  to  1962)  did  not  even  have  a full-scale  fatigue  test  to  verify  the  analy- 
sis.* Full-scale  fatigue  testing  subsequently  became  a standard  procurement 
requirement  (without  a life  guarantee)  for  Air  Force  aircraft.  These  tests 
often  disclosed  short-life  structural  details  which  had  been  qualified  bv  cal- 
culation and/or  laboratory  tests,  but  which  had  to  be  redesigned  to  achieve 
reasonable  life  in  the  airframe.  However,  further  surprises  occurred  in  ser- 
vice. For  example,  the  F-111  fleet  had  details  redesigned  on  the  basis  of 
early  failures  In  the  full-scale  fatigue  test,  and  subsequent  fatigue  testing 
was  conducted  to  greater  than  40,000  cyclic  test  hours.  In  spite  of  these 
precautions,  an  F-111  was  lost  in  1969  on  a training  mission  from  Nellis  AFB, 
Nevada  due  to  catastrophic  fracture  in  the  wing  with  only  105  flight  hours 
accumulated.  The  C-5A  was  the  first  Air  Force  aircraft  to  have  a contractual 
life  guarantee  (full-scale  fatigue  test  to  four  service  lives),  but  the  air- 
frame experienced  general  cracking  at  about  one  half  of  a simulated  lifetime. 
(At  this  point  in  time,  the  fleet  had  already  accumulated  a substantial  number 
of  flight  hours.) 


★ 

In  the  case  of  the  B-52,  a full-scale  fatigue  test  was  added  to  the  program 

after  several  aircraft  were  lost  during  low-level  penetration  training,  a 
mission  which  had  not  been  specified  In  the  original  operational  concept. 


I 
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Intensive  structural  reviews  of  the  F-111  [4]  and  C-5A  [5]  brought  to 
light  the  importance  of  damage-tolerance  (the  resistance  of  the  airframe  to 
propagation  of  flaws  already  present  when  the  airplane  enters  service)  as  a 
subject  distinct  from  resistance  to  crack- Initiation.  The  philosophy  of  assum- 
ing the  presence  of  initial  damage  was  subsequently  embodied  in  the  Air  Force 
structural  integrity  criteria  [1],  and  has  since  been  applied  in  retrospect  to 
other  existing  fleets  which  have  experienced  cracking  In  service  and/or  which 
are  planned  to  be  flown  beyond  the  original  operational  safety  limit  estimates 
[6-18].  Damage-tolerance  assessments  of  older  aircraft  continue  to  be  required 
as  fatigue-cracking  problems  develop  in  these  fleets,  particularly  in  view  of 
today's  policy  of  extending  the  fleet  service  life  when  cost  effective  compared 
with  new  equipment  buys. 

Interpretations  of  the  Air  Force  MIL-A-83444  damage-tolerance  requirements 
have  been  published  elsewhere  [19].  The  purpose  of  this  paper  is  to  highlight 
unknown  factors  in  the  technical  analyses  of  older  aircraft  fleets,  factors 
which  result  from  the  complexity  of  the  systems,  physical  processes  and  analyt- 
ical requirements.  Recommendations  for  management  to  protect  the  structural 
integrity  of  the  force  must  take  these  factors  into  account.  In  the  body  of 
this  paper,  several  aircraft  case  histories  are  cited  to  illustrate  the  com- 
i plexitles  associated  with  four  major  areas  which  strongly  influence  structural 

’ integrity  assessment  and  decision  making,  viz:  risk  analysis,  inspection 

intervals  and  techniques,  definition  of  load  histories,  and  ground  testing. 

LIMITATIONS  OF  RISK  ANALYSIS 

Risk  analyses  are  made  when  fleet  service  experience  indicates  that 
structural  integrity  might  be  in  question.  Some  examples  were  alluded  to  in 
the  introduction.  Fracture  risk  analyses  involve  integration  of  empirical 
crack  growth-rate  (da/dn)  equations  over  the  estimated  typical  service  history 
of  the  aircraft,  and  beyond,  to  project  the  probable  range  of  crack  sizes  which 
may  exist  in  the  fleet  at  future  times. 

However,  even  under  the  assumptions  that  enough  growth-rate  data  in  the 
proper  chemical  environments  are  available  for  good  empirical  da/dn  fits,  and 
that  both  past  and  projected  aircraft  load  histories  are  well  defined  (we 
return  to  this  point  later),  future  crack-size  distributions  can  be  estimated 
only  to  the  confidence  with  which  the  initial  crack-size  distribution  is  known. 
In  some  cases,  e.g.  risk  analysis  of  the  F-111  following  the  Nellis  accident 
[20],  no  specific  data  for  the  fleet  were  available  and  the  analysis  had  to  be 
based  upon  general  data.  In  other  cases,  there  have  been  opportunities  to 
obtain  fleet-specific  estimates  by  teardown  inspection  of  critical  parts  from 
one  or  a few  airframes.  A teardown  inspection  is  costly,  time  consuming,  and 
may  result  in  loss  of  the  airframe  for  future  service.  Each  critical  part 
must  be  removed  from  the  structure,  cleaned  and  etched,  and  subjected  to  low- 
power  optical  microscopy  to  identify  the  current  size  and  shape  of  each  crack. 
From  several  dozen  to  several  hundred  of  these  cracks  are  selected  for  scanning 
electron  microscope  (SEM)  fractography.  SEM  strlatlon  counts  are  then  corre- 
lated with  da/dn  calculations  to  "retrograde"  the  crack.  The  strlatlon  count 
is  usually  lost  close  to  the  true  initial-flaw  size,  which  can  be  estimated  by 
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extrapolating  the  da/dn  calculation.  One  is  then  able  to  construct  an  esti- 
mate for  the  initial-flaw  size  distribution  from  the  entire  teardown  sample 
(with  da/dn  calculations  alone  on  those  cracks  not  studied  by  SEM)  by  using 
standard  methods  of  statistical  analysis.  The  estimation  procedure  appears 
straightforward  as  outlined  here,  but  is  complicated  in  practice  by  the  fact 
that  some  cracks  in  the  sample  may  have  initiated  during  service  [21]. 

In  spite  of  the  time  and  cost  required,  the  gathering  of  fleet-specific 
data  is  vital  to  avoid  bias  of  the  analysis  by  neglect  of  unexpected  damage 
modes.  The  tendency  of  cracks  to  cluster  and  the  effects  of  steel  chips  dur- 
ing drilling  of  steel/aluminum  stackups  in  the  F-5  airframe  may  be  cited  as 
examples  [14], 

Figure  1 illustrates  a typical  reconstruction  of  an  equivalent  Initial 
flaw  size  distribution  based  on  a sample  of  104  cracks  found  during  teardown 
inspection  of  an  F-4  airframe  [22).  A Johnson  distribution  [23]  was  fit  to 
these  data  by  moment  matching.  One  may  estimate  from  this  distribution  that 
the  probability  of  having  an  initial  flaw  larger  than  0.03  inch  is  2.5x10“®, 
Hence,  one  might  infer  that  the  occurrence  of  0.03-inch  or  larger  Initial 
flaws  is  highly  unlikely,  since  the  product  of  this  probability,  the  number  of 
airplanes  in  the  F-4  fleet,  and  the  number  of  critical  locations  per  airplane 
is  less  than  one.  The  foregoing  analysis  is  typical  of  the  results  that  have 
been  obtained  for  other  aircraft,  and  similar  inferences  could  be  drawn  for 
those  fleets  as  well. 

However,  it  is  unwarranted  and  dangerous  to  conclude  that  initial  cracks 
larger  than  0.03  inch  will  not  occur  in  a fleet.  In  reality,  initial-crack 
distributions  are  bimodal.  What  is  observed  in  a teardown  inspection  is  pri- 
marily the  more  populous  mode  of  "average  quality"  flaws  caused  by  the  routine 
physical  processes  associated  with  metalworking  (e . g ., surface  scratching  by 
drill  bits).  These  data  cannot  be  used  to  estimate  occurrence  probabilities 
for  the  much  less  populous  mode  of  rogue  flaws*  which  result  from  unintended 
processes.  That  rogue  flaws  do  occur  is  established  by  occasional  observa- 
tions, often  in  the  course  of  accident  investigations.  The  F-111  accident  at 
Nellis  AFB  mentioned  in  the  introduction  is  an  example.  The  cause  of  this 
accident  was  determined  to  be  an  Initial  flaw  nearly  one  inch  long  on  the  sur- 
face of  the  lower  skin  of  the  wing  carrythrough  box.  The  flaw,  shown  in  Fig. 
2,  is  about  90  percent  through  the  skin  thickness;  the  light  band  surrounding 
the  initial  flaw  is  the  region  of  fatigue  propagation  which  took  place  during 
the  105-f 1 Ight-hour  life  of  this  airplane. 


We  have  adopted  the  term  "rogue"  from  the  literature  of  deep-water  sailing. 
Masters  of  small  ocean-going  ships  must  watch  intently  for  the  occasional 
rogue  wave  (larger  than  usual,  seldom  occurring)  which  can  swamp  and  sink  a 
ship  running  before  the  wind  in  a stormy  sea.  The  connotations  of  infre- 
quency, unusual  size,  and  domi.nance  as  a danger  are  appropriate  for  cracks  as 
well  as  waves. 
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FIGURE  1.  INITIAL  CRACK  SIZE  DISTRIBUTION 


The  F-IH  flaw  Is  considered  to  be  an  extreme  case  in  terras  of  size,  but 
does  not  stand  as  an  isolated  Instance.  Figure  3 Illustrates  a case  of  ini- 
tial tool  damage  (about  0.03  inch  deep)  near  the  wing  root  fillet  of  an  F-5 
which  suffered  wing  failure  at  about  1,000  flight  hours.  Figure  4 Illustrates 
several  initial  flaws  discovered  during  manufacturing  inspections  of  other  air- 
craft. These  flaws  would  have  been  rogue  cracks  in  service,  had  they  escaped 
detection.  The  figure  indicates  the  nature  of  several  unintentional  processes 
which  caused  these  flaws. 

Another  limitation  of  risk  analysis  arises  from  the  complexity  of  air- 
frame construction  details,  making  it  difficult  to  preassess  the  true  degree 
of  fall-safety  in  the  structure.  Fail-safety  is  an  issue  primarily  for  the 
large  airframes  of  bombers  and  transport  aircraft,  which  have  traditionally 
been  designed  with  coimnercial  aircraft  structural  safety  regulations  (FAR, 

Part  2‘h)  as  guidelines.  A perspective  view  of  part  of  the  C-5A  structure 
(Fig.  b)  illustrates  the  complexity  of  large  airframes  which  conform  to  FAR 
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FIGURE  3.  TOOL  DAMAGE  WHICH  CAUSED  F-5  LOSS 


IV\ANUFACTURING  FLAWS: 
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FIGURE  4.  TYPICAL  INITIAL  MANUFACTURING  FLAWS 
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Part  25.  Fail-safety  in  these  multi-panel  wing  structures  has  traditionally 
been  assessed  by  calculating  the  residual  strength  capability  of  the  wing, 
assuming  complete  chordwise  failure  in  one  panel. 

Two  additional  assumptions  are  made  implicitly:  that  the  adjacent  panels 
are  undamaged  at  the  time  of  the  failure,  and  that  the  cracked  panel  will  be 
discovered  and  replaced  before  the  airplane  experiences  a high  load.  The 
average  quality  metalwork  Inevitably  associated  with  production  lines  makes 
the  first  assumption  unconservative.  Current  assessments  of  transport  fleets 
now  assume  that  "average  quality"  initial  flaws  (Fig.  1)  occur  in  all  panels 
and  that  one  rogue  flaw  can  occur  in  any  single  panel.  Also,  rogue  flaws 
could  occur  in  two  adjacent  panels  in  a ship-lap  type  design  where  both  panels 
contain  common  fastener  holes,  any  one  of  which  may  have  been  damaged  during 
the  assert&ly  drilling  and  reaming  operation.  A time  to  loss  of  fall-safety  is 
established  by  estimating  the  flight  hours  required  to  grow  the  average-quality 
cracks  to  a size  which  would  result  In  immediate  fracture  due  to  the  overload 
caused  by  failure  of  the  first  panel  (or  two  panels  in  the  case  of  the  common 
rogue  flaw  in  ship-lap  designs)  [10,18]. 

The  second  assumption  that  the  cracked  panel  will  be  discovered  and 
replaced  is  also  unconservative,  but  Is  less  amenable  to  quantitative  analysis. 
Although  first-panel  failures  in  wet-bay  wing  structure  are  likely  to  be  seen 
by  the  escape  of  fuel,  the  bays  near  and  inboard  of  the  fuselage  are  usually 
dry  and  often  difficult  to  inspect.  Hence,  there  are  concerns  with  respect  to 
the  transport  fleets  that  a single  dry-bay  panel  failure  could  go  undetected 
until  the  airplane  experiences  a high  load,  or  that  a buildup  of  such  failures 
could  degrade  the  fail-safety  of  the  wing  below  the  expected  once-per-f 1 ight 
load.  Acoustic  sensor  detectors  are  now  under  development  to  reduce  this  risk. 

In  the  final  analysis,  fall-safety  is  never  completely  proved  until  a 
part  has  failed  in  service  without  causing  the  loss  of  the  airplane.  Failures 
of  single  KC-135  wing  skin  panels  on  a number  of  different  airplanes  during 
flight  operations  over  the  past  20  years  have  illustrated  in-flight  fail 
safety.  Also,  a number  of  wing-attach-lug  failures  on  the  F-A  without  loss  of 
the  aircraft  have  illustrated  in-flight  fail-safety.  However,  in  1973  an  F-A 
accident  at  Nellis  AFB  was  caused  by  a lug  failure  which  went  undetected. 

Within  six  flights  the  adjacent  lug  failed,  causing  the  loss  of  the  wing  and 
the  aircraft  (see  Fig.  6).  This  further  illustrates  the  point  that  a struc- 
ture truly  is  not  fail-safe  unless  the  failed  part  is  discovered  expeditiously. 

Proof  testing  has  been  proposed  as  an  approach  to  the  management  of  risk 
in  existing  aircraft  fleets.  However,  it  is  generally  not  preferred,  except 
as  a last  resort  when  there  is  an  Imperative  strategic  reason  to  keep  the 
force  flying.  Proof  testing  is  most  effective  for  steel  structure,  in  which 
cracks  can  be  triggered  during  a ground  test  by  applying  low  temperature  and 
limit  load.  This  procedure  takes  advantage  of  the  smaller  critical  crack  size 
due  to  reduced  fracture  toughness  at  low  temperature.  Proof  testing  is  less 
effective  for  aluminum  structure,  and  in  fact  must  be  supplemented  by  post- 
test flight  restrictions  to  increase  the  critical  crack  size  in 
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service  . The  F-111  fleet  now  undergoes  periodic  low-temperature  proof  test- 
ing [24].  The  aluminum  wings  of  the  B-52D  fleet  were  proof  tested  when  fleet 
inspections  indicated  a high  degree  of  fatigue  cracking.  In  this  case,  the 
SAC  peacetime  mission  requirements  could  be  met  with  payload/ flight  restric- 
tions sufficient  to  buy  a reasonable  time  interval  until  a major  modification 
could  be  accomplished.  The  complexity  of  proof  testing  is  well  illustrated  by 
the  B-52D  test  fixture  (Fig.  7) . 

INSPECTIONS  AND  INTERVALS 


The  approach  to  maintaining  fleet  structural  integrity  by  inspection  can 
be  summarized  as  follows.  The  manufacturing  inspection  method  defines  a 
"detectable"  crack  size  Cracks  larger  than  a^gt  ate  presumed  to  be 

discovered  and  removed  from  the  airframe.  The  subsequent  safe  operational 
limit  for  the  airplane  is  then  defined  as  the  time  to  grow  a crack  from  a^gt 
to  agr,  the  critical  size  for  fracture  corresponding  to  a specified  residual 
strength  load  level  which  is  generally  equal  to  or  greater  than  limit  load. 

This  safety  limit  is  determined  by  spectrum  crack  growth  calculations  and 
laboratory  tests,  and  the  inspection  interval  is  established  as  a fraction  of 
the  safety  limit.  The  application  of  this  concept  to  proof  test  inspections 
is  obvious  (a^jgg  in  this  case  is  the  smaller  agj-  assr^  'ated  with  the  low  tem- 
perature and/or  test  loads  larger  than  subsequent  flight  loads).  Naturally, 
the  inspection  interval  thus  derived  must  be  a reasonable  number  of  flight 
hours  to  make  economic  and  operational  sense. 

The  same  concept  has  been  applied  to  in-service  aircraft  nondestructive 
inspection  (NDI) . The  inspection  interval  is  generally  required  to  be  one 
half  the  safety  limit  to  allow  two  chances  to  find  a given  crack  before  it 
reaches  critical  size.  However,  additional  factors  also  need  to  be  considered, 
and  these  factors  are  often  times  difficult  to  quantify. 

The  rationale  for  the  establishment  of  inspection  intervals  assumes 
implicitly  that:  (])  every  critical  location  is  checked  at  every  inspection; 

(2)  cracks  larger  than  are  found  (at  the  worst,  in  t e second  inspection); 

(3)  Inspections  are  performed  on  schedule,  and;  (4)  the  inspection  procedure 
is  benign.  These  assumptions  are  convenient  for  the  purpose  of  mathematical 
risk  analysis  (e.g.,Ref.  25),  but  are  often  violated  in  the  real  world. 

In  many  of  the  military  aircraft  designed  and  fabricated  in  the  1950's 
and  1960's  the  critical  crack  sizes  are  very  small  (e.g.,the  cracks  become 
critical  before  they  grow  out  from  beneath  the  head  of  the  fastener)  and,  of 
course,  the  crack  that  must  be  detected  during  NDI  is  even  smaller.  These 
complications  have  generally  forced  the  use  of  fastener  removals  and  inspec- 
ti(?ns  of  the  holes  using  an  eddy  current  probe. 


* 

The  only  way  to  reduce  critical  crack  size  in  the  test  of  aluminum  structure 
is  to  Increase  the  applied  load.  However,  the  test  can  be  performed  only 
slightly  above  limit  load.  Otherwise,  the  structure  will  undergo  general 
plastic  yielding. 
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To  further  complicate  the  inspection  problem,  some  of  the  larger  aircraft 
contain  numerous  critical  fastener  holes.  For  example,  it  has  been  estimated 
that  there  are  about  22,000  critical  fastener  holes  in  the  lower  surface  of 
the  C-5A  wing.  Likewise,  there  are  several  thousand  critical  holes  in  other 
aircraft  such  as  the  KC-135  and  B-52D.  Even  some  of  the  smaller  fighter  air- 
craft have  several  hundred  to  several  thousand  critical  holes. 

Obviously,  nondestructive  Inspections  of  large  numbers  of  fastener  holes 
per  aircraft  can  be  extremely  expensive,  tedious,  time  consuming  and  subject 
to  error.  The  pressures  to  minimize  maintenance  costs  and  impacts  on  opera- 
tional readiness  combined  with  the  Inherent  technical  and  human  limitations  of 
the  NDl  procedures  all  contribute  to  concern  about  what  crack  size  might  actu- 
ally still  exist  in  the  airframe  after  in-service  inspection.  This  concern 
has  been  a significant  factor  in  the  decisions  that  have  been  made  by  the  Air 
Force  during  the  past  few  years  to  protect  the  safety  of  several  types  of 
operational  aircraft  (e.g.,the  proof  testing  of  the  F-111  and  B-52D  aircraft, 
and  the  major  modification  programs  on  the  B-52D,  KC-135  and  C-5A) . 

In  spite  of  the  fact  that  there  very  often  is  no  practical  alternative 
but  to  rely  on  in-service  inspections  and  the  safe-crack-growth  concept  for 
protecting  the  safety  of  the  older  operational  aircraft,  it  is  important  that 
the  major  uncertainties  be  recognized.  Also,  these  must  be  taken  into  account 
when  making  judgments  with  regard  to  probable  post-inspection  crack  sizes, 
safe-crack-growth  Intervals,  and  modification  requirements. 

First,  it  should  be  recognized  that  there  is  often  uncertainty  as  to 
whether  all  critical  areas  in  each  airframe  are  actually  inspected  when  they 
need  to  be.  Due  to  incomplete  fatigue  testing  and/or  insufficient  post-test 
teardown  inspection, all  critical  areas  may  not  have  been  identified,  and  due 
to  economic  and  operational  pressures,  all  identified  critical  areas  may  not 
be  inspected  as  completely  or  as  frequently  as  desired.  The  desire  to  reduce 
costs  and  aircraft  downtime  combined  with  the  sheer  monotony  of  inspecting 
thousands  of  uncracked  holes  could  lead  to  missing  the  one  or  two  important 
cracks  that  may  be  present.  Clearly,  one  might  conclude  that  the  probability 
of  missing  the  rogue  crack  is  high,  and  that  thorough  inspections  are  jeopar- 
dized by  the  incentive  to  reduce  maintenance  costs' and  aircraft  downtime. 

Second,  there  is  significant  uncertainty  as  to  what  is  the  maximum  unde- 
tectable flaw  size,  because  of  the  imperfect  reliability  of  the  NDI  procedures. 
Figure  8 (drawn  to  full  scale)  illustrates  the  difficulty  of  detecting  cracks 
which  are  small  but  still  in  the  rogue  category.  Figure  9 summarizes  the 
results  of  a test  in  which  fastener  holes  were  inspected  by  eddy-current 
probes,  after  which  the  parts  were  given  a teardown  inspection  to  estimate  the 
true  crack  population  more  closely.  These  results  clearly  demonstrate  the 
very  low  reliability  for  detection  of  rogue  cracks  in  the  range  O.OA  to  0.08 
Inch.  Furthermore,  detection  reliability  for  a single  inspection  appears  to 
level  off  at  about  80  percent  for  very  large  rogue  cracks.  In  addition,  com- 
parison of  the  results  for  single  and  dual  Inspections  indicates  a significant 
number  of  cases  in  which  the  same  crack  is  missed  by  both  inspections.  One 
may  thus  postulate  the  existence  of  some  cracks  which  are  immune  to  eddy-current 


I 


1.5.13 


i/^z” 


FIGURE  8.  THE  CRACK  DETECTION  PROBLEM 
(11/16- INCH  DIA.  FASTENER  HOLES) 


probe  detection  for  physical  reasons  (cracks  at  faying  surfaces  are  logical 
candidates) . The  risks  of  overlooking  such  cracks  are  obviously  not  reduced 
in  the  manner  which  a simple  probability  analysis  would  indicate.  Efforts  to 
improve  NDI  technology  have  tended  to  ignore  the  detectability  problem  by  con- 
centrating on  reduction  of  the  smallest  crack  size  which  can  be  detected.  The 
real  question  which  proponents  of  "improved"  NDI  techniques  must  face  is,  "What 
is  the  largest  crack  size  that  can  be  missed?" 

Finally,  there  is  uncertainty  about  the  effectiveness  of  the  fastener 
hole  rework  procedures  and  a concern  about  being  too  conservative  in  establish- 
ing inspection  Intervals  where  fastener  removal  inspections  are  involved. 

There  are  risks  that  the  structure  may  be  damaged  during  fastener  removal,  hole 
overslzlng  and  fastener  Installation  operations.  Also,  most  areas  designed 
with  nominal  edge  margins  will  not  allow  more  than  one  or  two  oversize  opera- 
tions. Thus,  too-frequent  inspections  could  lead  to  unnecessarily  early 
structural  replacement  or  retirement. 

Based  on  the  foregoing  discussion,  we  believe  it  is  clear  that  one  cannot 
establish  an  Inspection  plan  without  recognizing  the  real-life  limitations  of 
in-service  inspection,  nor  can  one  afford  to  be  so  conservative  as  to  cause  an 
excessively  high  maintenance  burden,  jeopardize  aircraft  operations,  and  per- 
haps cause  early  retirement  of  the  aircraft.  Truly,  the  formulation  of  a rea- 
sonable plan  still  remains  in  part  in  the  province  of  engineering  judgment 
guided  by  past  experience. 
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0-0 SINGLE  INSPECTION 


FIGURE  9.  CRACK  DETECTION  RELIABILITY 


LOAD  HISTORIES 


The  preparation  of  a typical  load  history  to  represent  aircraft  service 
for  the  purpose  of  fatigue  design  aiiJ  testing  is  an  exacting  task  which 
requires  detailed  analysis  of  each  flight  segment  (take-off,  climb,  cruise, 
etc.)  and  each  mission  (air/air  combat,  training,  ferrying,  etc.)  which  the 
aircraft  is  expected  co  fly  [26].  This  task  is  much  more  complex  for  military 
than  for  commercial  aircraft  because  the  latter  do  not  have  the  mission  variety 
required  by  combat  and  combat-support  roles.  The  difference  is  well  illus- 
trated by  comparing  the  boelng  747  design  load  mission  profiles  with  those  of 
the  C-5A  (Table  1)  . 
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Structural  integrity  problems  not  anticipated  in  design  and  test  sometimes 
arise  because  of  the  changes  in  missions  of  a military  aircraft.  For  example, 
the  T-38  fleet  was  estimated  to  have  an  operational  life  limit  of  15,000  flight 
hours  of  Air  Training  Command  usage  based  on  the  results  of  the  original  full- 
scale  fatigue  test.  About  three  years  ago,  a number  of  T-38's  were  assigned 
to  the  Tactical  Air  Command,  and  It  was  found  that  the  limits  for  these  air- 
craft are  much  lower  (see  Table  II).  These  new  estimates  were  based  on  usage 
data  for  the  missions  involved.  The  most  severely  used  are  the  solo  airplane 
flown  by  the  Thunderblrd  aerobatics  team  and  the  aircraft  assigned  to  fly  the 
"aggressor"  mission  in  the  Dissimilar  Air  Combat  Training  Squadron.  The  latter 
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Table  II.  T-'38  Estimated  Operational  Life  I.imits 


Usage  Category 

Safety  Limit  (Fit.  Mrs.) 

Air  Training  Command 

1 5 , 000 

Tactical  Air  Command: 

Solo  T-Bird 

350 

Diamond  T-Bird 

1 ,550 

LIF 

1 ,020 

DACT 

800 

group  is  followed  closely  by  the  Lead-In  Fighter  Squadron,  in  which  pilots 
newly  assigned  to  TAG  are  given  their  initial  training  in  air  combat  tactics. 

While  the  T-38  TAG  experience  illustrates  the  potential  effect  of  a major 
change  in  aircraft  usage,  there  normally  are  significant  usage  variations 
within  a specific  force  even  when  the  aircraft  is  flown  basically  in  the  roles 
for  which  it  was  designed.  This  variation  can  only  finally  be  determined 
after  the  aircraft  has  accumulated  a significant  amount  of  service  experience. 
Table  III  illustrates  the  effects  of  variations  in  usage  on  the  safe-crack- 
growth  life  of  the  F-4,  where  the  baseline  spectrum  is  a composite  of  several 
usages  generated  to  represent  the  typical  or  average  aircraft  (i.e.,it  can  be 
thought  to  be  comparable  to  a design  spectrum  for  a new  aircraft). 


Table  III.  F-4C/D  Estimated  Operational  I,ife  Liraics 


Spectrum 

•k 

Safety  Limit  (Fit.  Hrs.) 

Aircraft  Structural  Integrity 
Program  Baseline 

8,000 

Air  Combat  Missions  Baseline 

6,800 

Non-ACM  Baseline 

8,800 

Southeast  Asia 

7,500 

RF-4C  (Southeast  Asia) 

10,600 

RF-4C  (Train.ing) 

14,400 

*With  recommended  modifications  and  inspections. 

Although  it  is  relatively  easy  to  develop  a representative  operational 
spectrum  for  the  older  operational  aircraft  (assuming  that  there  is  adequate 
force  tracking  Information),  the  problem  of  estimating  what  the  design  load 
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spectra  should  be  beforehand  Is  much  more  difficult.  For  example,  in  prepar- 
ing the  spectra  for  the  Air  Force's  new  F-16  fighter  aircraft  mission  profiles 
and  mission  mixes  were  estimated  by  the  operational  command,  past  load-factor 
exceedance  data  from  older  fighter  aircraft  were  reviewed,  and  estimates  as  to 
the  possible  increase  in  load-factor  exceedances  associated  with  the  new  "high 
g"  inclined  seats  had  to  be  made.  While  it  is  believed  that  the  resulting 
spectra  will  be  representative  of  the  actual-force  usage,  this  cannot  be  con- 
firmed until  actual  operational  data  are  obtained  downstream.  The  Air  Force 
Structural  Integrity  Program  (ASIP)  has  the  requirement  that  the  contractor 
evaluate  these  flight  data  after  three  years  of  operational  usage  and  develop 
new  operational  spectra.  These  data  will  then  be  compared  to  the  originally 
estimated  design  spectra,  and  the  aircraft  life  estimates  and  force  maintenance 
plan  will  be  updated  accordingly.  Obviously,  should  the  flight  data  indicate 
that  the  usage  is  much  more  severe  than  originally  estimated,  the  impacts 
could  be  significant. 

Another  factor  that  can  have  a significant  effect  on  the  design-loads 
spectra  is  the  actual  operational  weight  of  the  aircraft.  Increased  weight, 
of  course,  increases  aircraft  loads  and  reduces  life.  Thus,  it  is  important 
that  potential  weight  growth  be  properly  assessed.  An  operational  practice 
has  often  been  overlooked  in  estimating  fuel  weights.  In  developing  the  load 
spectra  it  has  sometimes  been  assumed  that  the  aircraft  fuel  weight  will  be 
that  required  to  perform  the  specific  mission  plus  reserves.  In  fact,  the 
fuel  tanks  are  often  topped  off  prior  to  every  flight,  thus  resulting  in  much 
heavier  aircraft. 

For  slow-crack-growth  designs,  where  safety  depends  on  preestablished 
periodic  inspections,  it  is  essential  that  Individual  aircraft  be  tracked, 
that  the  actual  usage  be  compared  with  that  assumed  in  the  inspection-interval 
calculations,  and  that  the  intervals  be  adjusted  accordingly.  This  precaution 
is  particularly  important  for  aircraft  which  can  be  subjected  to  a wide  varia- 
tion in  usage.  However,  obtaining  usage  data  is  a difficult  problem.  Typi- 
cally, 10  to  20  percent  of  each  type  of  Air  Force  aircraft  are  equipped  with 
multichannel  recorders,  which  obtain  sufficient  flight  data  to  allow  reason- 
ably accurate  estimates  of  load  spectra.  However,  the  remainder  of  the  force 
has  much  less  sophisticated  recording  equipment.  For  example,  fighter  aircraft 
are  generally  equipped  with  counting  accelerometers  (g-counters)  from  which 
exceedance  data  are  obtained.  To  translate  n^  exceedances  into  stress  exceed- 
ances, which  actually  grow  the  cracks,  it  is  necessary  to  make  estimates  of 
where  in  the  sky  (l.e.,  speed  and  altitude)  the  actual  maneuver  occurred  and 
what  the  actual  weight  of  the  aircraft  was.  For  example,  the  F-4  n^  exceed- 
ance curves  (Fig.  10)  indicate  much  less  usage  variation  than  what  is  found  by 
crack-growth  calculations  based  on  stress  exceedances  (Table  III).  Obviously, 
such  estimates  are  subject  to  errors  which  could  lead  to  either  overestimating 
or  underestimating  appropriate  inspection  Intervals. 

For  transport  aircraft  (other  than  the  C-5A  which  has  100  percent  multi- 
channel recorders)  individual  aircraft  force-tracking  typically  has  been 
accomplished  with  the  use  of  flight  logs  supplemented  with  a limited  number  of 
Vgh  or  multichannel  recorders.  Probably  the  most  significant  data  obtained 
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FIGURE  10.  F-4C  LOAD  FACTOR  FREQUENCY 


from  these  logs  are  the  reported  numbers  of  landings  which,  of  course,  are 
extremely  important  to  these  types  of  aircraft  (i.e.,  much  of  the  fatigue 
damage  is  due  to  the  ground-air-ground  cycle).  However,  even  here  it  has  been 
found  that  there  can  be  Inaccuracies  in  reporting  which  can  lead  to  errors  in 
individual  aircraft  life  estimates  and  inspection  requirements. 

Aircraft  tracking  has  typically  been  plagued  with  equipment  malfunctions 
and  incomplete  reporting,  both  of  which  result  in  gaps  in  the  data  thus  neces- 
sitating estimation  of  the  actual  aircraft  usage.  Due  to  the  increased  empha- 
sis placed  on  aircraft  tracking  as  a result  of  new  ASIP  requirements,  it  is 
anticipated  that  many  of  the  past  problems  will  be  substantially  diminished  in 
the  future.  Never thele&s , there  will  continue  to  be  uncertainties  requiring 
engineering  judgments  when  establishing  individual  aircraft  maintenance  needs 
and  life  estimates. 

Major  mission  changes,  usage  variation  within  the  design  mission  profiles, 
and  weight  growth  are  factors  which  make  the  true  safety  limit  of  a fleet  an 
unknown  at  the  beginning  of  service.  The  safety  limit  estimate  (based  on 
design  spectra)  must  be  updated  with  actual  usage  spectra  prepared  from  indi- 
vidual a i rcraf t-t racking  data  gathered  during  service.  Meanwhile,  the  pool  of 
remaining  saf^'  operational  hours  which  might  be  extended  by  modifications  con- 
tinues to  .shrink.  Tliis  reduction  in  safe  operational  hours  forces  the  fleet 
manager  Into  a costly  program  of  maintenance  actions  and/or  major  structural 
modifications  as  the  only  viable  option  by  the  time  a structural  integrity 
problem  has  been  diagnosed  and  solutions  have  been  assessed. 
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Compre'ionsive  ground  testing  is  essential  to  assess  both  the  economic  life 
and  flight  safety  of  an  aircraft.  In  particular,  a full-scale  fatigue  test  of 
the  airframe  is  absolutely  essential;  it  is  Impossible  to  analyze  the  fatigue 
performance  of  every  potentially  fatigue-critical  location  in  time  to  Influence 
the  design.  (Recall  the  complexity  of  the  airframe,  as  Illustrated  by  Fig.  5.) 
Also,  fatigue  prediction  is  still  an  expensive  and  Inexact  art,  even  with  the 
aid  of  modern  computers.  Hence,  the  design  must  be  progressed  by  estimating 
which  will  be  the  most  critical  locations  in  the  airframe  and  subjecting  these 
to  analysis  and  prediction. 

F.ssentially  all  full-scale  fatigue  tests  have  disclosed  some  local  problem 
areas  not  previously  identified  by  analysis.  For  example,  the  A-10  fatigue 
test  article  (Fig.  11)  revealed  a design  deficiency  in  one  of  the  fuselage 
wing-attachment  frames  (Fig.  12).  The  subsequent  analyses  showed  that  the 
loadings  due  t<5  speed  changes  had  not  been  properly  accounted  for.  This  loca- 
tion was  not  considered  critical  on  the  basis  of  the  original  calculations. 

Figure  11  also  illustrates  the  complexity  of  a full-scale  fatigue  test, 
even  for  a small  airplane.  Because  of  funding  limitations,  there  is  generally 
only  one  full-scale  fatigue  test  article  available  for  a program,  and  it  must 
accommodate  all  mission  profiles. 

The  aircraft  manufacturer  faces  a basic  dilemma:  the  detail  design  must 
be  completed  before  full-scale  fatigue  test  results  establish  that  the  design 
meets  the  required  fatigue  performance.  This  dilemma  can  be  partially  resolved 
by  the  use  of  design  development  tests  (DDT).  DDT  articles  are  intended  to 
represent  typical  structural  details  and  to  be  tested  in  the  laboratory.  They 
are  inexpensive,  and  they  provide  data  quickly  for  design  modifications,  but 
they  do  not  represent  the  structure  as  a whole.  In  recent  designs  an  inter- 
mediate phase  of  design  verification  tests  (DVT)  has  been  added.  DVT  articles 
are  full-scale  representations  of  major  portions  of  the  airframe,  and  are  sub- 
jected to  both  static  and  fatigue  tests.  The  B-1  bomber  provides  a good 
example  of  the  parallel  progress  of  design  with  subcomponent  and  major 
component  testing  (Figs.  13  through  13). 

In  the  case  of  a large  complex  airframe  like  the  B-1,  an  Iterative  proce- 
dure between  design  and  test  must  be  followed  in  order  to  attain  a reliable 
structural  design  at  minimum  cost.  Many  DDT's  were  tested  during  the  early 
stages  of  the  program,  so  that  the  structural  designers  had  reliable  data  at 
their  disposal.  Once  the  design  concept  evolved  in  reasonably  final  form, 
DVT's,  which  are  much  more  complex  and  expensive,  were  then  tested  in  order  to 
guarantee  performance  and  to  reveal  design  deficiencies  early  enough  for 
economical  modifications. 

While  it  has  been  argued  that  full-scale  fatigue  testing  of  an  aircraft 
sh  Id  be  delayed  until  the  production  configuration  of  the  aircraft  has  been 
st,.i.  i 1 ized  (and  in  some  cases  even  until  operational  usage  data  has  been 
obtained),  this  approach  has  one  serious  shortcoming.  If  major  problems  are 
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encountered  during  the  test,  as  was  the  case  for  the  C-5A,  the  Air  Force  is 
then  faced  with  a costly  retrofit  program.  Recognizing  this  shortcoming,  the 
Air  Force  requirements  now  state  that  one  lifetime  of  testing  shall  be  com- 
pleted prior  to  full  production  go-ahead  (DSARC  IIIB)  and  two  lifetimes  of 
testing  (or  the  economic  life  should  it  occur  first)  shall  be  completed  prior 
to  first  production  aircraft  delivery.  Also,  there  are  requirements  for 
damage- tolerance  testing  of  critical  safety-of-fllght  portions  of  the  airframe 
amd  comprehensive  teardown  inspection  after  completion  of  testing.  Should 
there  be  major  structural  changes  made  between  the  development  flight-test 
aircraft  and  the  full-scale  production  aircraft,  it  is  a requirement  that 
these  changes  be  subsequently  fatigue  tested — desirably  at  the  full-scale 
component  level. 

CONCLUDING  REMARKS 

The  achievement  of  aircraft  structural  integrity  is  a complex  task  which 
requires  engineering  judgments  and  management  decisions  based  on  estimates  of 
what  the  technical  data  will  eventually  show  when  it  is  obtained.  The  current 
Air  Force  structural  Integrity  requirements  (as  described  in  MIL-STD-1530A  and 
supporting  specifications)  recognize  much  more  of  this  complexity  than  did 
past  criteria,  but  still  cannot  be  treated  as  being  inflexible.  In  fact,  the 
current  requirements  allow  a significant  amount  of  flexibility.  We  have 
attempted  to  illustrate  the  complexity  with  examples  from  existing  Air  Force 
aircraft,  and  have  pointed  out  a number  of  existing  uncertainties  which  require 
application  of  judgments  based  on  past  experience.  While  risk  and  sensitivity 
analyses  can  be  extremely  helpful  in  making  these  judgments,  they  should  not 
be  treated  as  gospel.  We  briefly  summarize  some  of  the  more  important  points 
here. 


The  rogue  flaw  occurs  frequently  enough  to  be  an  airplane-killer.  Opti- 
mistic conclusions  that  rogues  are  not  in  the  fleet,  based  on  inspections  of  a 
few  airframes,  are  not  justified  in  view  of  the  blmodal  nature  of  initial  crack 
size  distributions. 

New  fleets  and  new  methods  of  construction  are  often  accompanied  by 
unexpected  damage- Initiation  modes.  One  case  involving  the  F-5  fleet  has  been 
mentioned.  Many  other  examples  are  available  which  illustrate  their  specific 
nature.  The  stress  corrosion  susceptibility  of  high  strength  titanium  alloys 
in  a number  of  different  environments  which  were  thought  to  be  benign  (e.g., 
methanol,  freon,  cleaning  fluids  and  some  propellents)  was  not  anticipated 
when  the  alloys  were  first  used.  In  the  Boeing  727,  joints  in  certain  areas 
were  both  riveted  and  cold-bonded  to  Improve  their  load- transfer  characteris- 
tics and  thus  reduce  fatigue  cracking.  However,  the  bondline  attracted  mois- 
ture and  caused  severe  corrosion. 

Fail-safety  is  usually  taken  as  the  design  approach  for  large  airframes. 
However,  the  degraded  load-carrying  capability  after  failure  of  one  component 
can  be  an  unconservative  estimate  of  the  true  situation.  First  failures  are 
not  always  caught  and  repaired  quickly,  as  the  analysis  assumes.  In  addition, 
fall-safety  will  degrade  with  time,  as  cracks  propagate  In  adjacent  components. 
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The  latter  situation  Is  further  complicated  by  variations  of  fracture  tough- 
ness from  one  component  to  another. 


Proof  tests  generally  have  limited  utility  as  an  Inspection  procedure, 
and  are  thus  used  only  as  a last  resort.  Hence,  most  fleets  must  depend  on 
NDI  to  maintain  flight  safety-  Unfortunately,  NDI  may  not  check  every  criti- 
cal location  at  every  Inspection,  may  miss  cracks  It  Is  supposed  to  find,  may 
not  always  be  performed  on  schedule,  and  may  be  partially  destructive  In  spite 
of  Its  name. 

Force  damage- tolerance  Is  always  assessed  In  terms  of  estimated  load 
spectra,  which  have  In  some  cases  turned  out  to  be  underestimates  of  usage  in 
actual  service.  The  lag  time  involved  in  getting  actual-usage  spectra,  diag- 
nosing the  looming  flight-safety  problem,  defining  a "fix",  and  assessing  Its 
utility  may  in  some  cases  approach  the  remaining  safe-operational  life  of  the 
force.  This  situation  tends  to  severely  limit  the  possible  options. 

Aircraft  structures  contain  r - 'S  complex  details  which  are  potential 
sources  of  in-service  fatigue  pn  - Early  full-scale  testing  is  essential 
to  disclose  the  critical  details  an..  old  costly  retrofits.  On  the  other 
hand,  many  of  the  details  may  not  be  finalized  early  in  the  development  pro- 
gram when  the  testing  is  needed.  Thus,  it  may  be  necessary  to  repeat  some 
fatigue  testing  when  the  production  configuration  is  finalized. 

The  foregoing  summary  is  not  an  exhaustive  list  of  the  complexities  which 
affect  airframe  life  and  safety,  but  we  believe  it  to  cover  the  most  important 
ones.  Certainly  the  presence  of  these  factors  Implies  that  the  application  of 
structural- integrity  criteria  to  force  management  must  be  supplemented  by  good 
engineering  judgments  based  on  the  specific  operational  characteristics,  air- 
frame design,  and  service  problems  of  a particular  fleet. 
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FLAW  PROPAGATION  STUDIES  OF 
THE  MINUTEMAN  III  THIRD 
STAGE  ROCKET  MOTOR 
by 

wmiam  L.  Hufferd  & Harold  R.  Jacobs 
University  of  Utah 
Salt  Lake  City,  Utah  84112 

INTRODUCTION 

The  Minuteman  III  Stage  III  motor  for  the  WS  133B  weapon  system  was 
designed,  developed  and  qualified  by  Aerojet  Solid  Propulsion  Company  (ASPC) 
in  the  1960‘s.  Subsequently,  Aerojet  has  manufactured  and  delivered  to  the 
operational  force  175  Stage  III  motors  of  the  1147372-69  or  89  configurations. 
The  Aerojet  Stage  III  motor  consists  of  a solid  rocket  motor  with  a single 
fixed  submerged  nozzle.  The  propellant  grain  design  incorporates  a forward 
release  flap  but  is  bonded  to  the  cylindrical  section  and  aft  dome.  The  pro- 
pellant designation  is  ANB-3066. 

During  processing  of  the  motor,  the  problem  of  casting  motors  without  aft 
apex  voids  (voids  within  two  inches  forward  of  the  nozzle  bolt  ring)  arose. 
Prior  to  developing  a casting  technique  to  minimize  these  voids,  a number  of 
motors  were  cast  with  large  apex  voids.  Motors  with  voids  having  a height 
greater  than  0.2  inch  but  less  than  0.4  inch  and/or  a total  void  area  greatei 
than  20  square  inches  were  potted  with  SD-844-4  adhesive.  Potting  was  accom- 
plished by  first  drilling  two  3/8  inch  diameter  holes  through  the  propellant 
at  each  end  of  the  void  to  be  potted.  The  adhesive  was  then  forced  in  one 
hole  under  pressure  until  it  came  out  the  hole  at  the  other  end.  In  most 
instances  one  or  more  holes  would  miss  the  void  and  additional  holes  would 
be  required.  The  blind  holes  were  also  potted  by  forcing  as  much  SD-844-4 
adhesive  as  possible  into  the  hole.  It  was  later  determined  that  many  of 
these  "Missed"  holes  were  only  partially  filled  and  even  for  those  that  were 
successfully  filled  the  mismatch  of  properties  with  the  propellant  caused 
local  stress  risers. 

In  1969  TRW  carried  out  an  investigation  of  the  anomalous  ballistic  per- 
formance of  FTM-203  and  FTM-301  and  the  burn-through  of  Qr-3  [1].  The  investi- 
gation concluded  that  the  ballistic  anomalies  and  the  QT-3  burn-through  were 
most  likely  caused  by  an  "unzipping"  phenomenon  which  was  defined  as  a shear 
failure  of  the  propellant-liner-insulation  bond  system  in  the  motor  aft  end. 
During  the  course  of  this  investigation,  ASPC  incorporated  an  aft  end  re- 
strictor in  the  motor  to  modify  the  geometry  of  the  burning  propellant  (Figure 
1).  The  modified  geometry  increased  the  time  required  for  the  burning  front 
to  reach  the  location  of  maximum  stress  in  the  motor  and  reduced  the  stress 
transmitted  to  the  bond  line. 

In  subsequent  flight  and  static  test  programs,  it  became  evident  with  the 
failures  of  motors  FTM-310,  TMS-7  and  OT-41  that  motors  with  aft  restrictors 
could  also  burn-through.  As  a result  of  the  OT-41  failure  on  December  2,  1972, 
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TRW  recomnended  a program  to  SAMSO  to  investigate  the  cause  of  Stage  III  burn- 
throughs  with  motors  containing  the  aft  end  restrictor  and  to  establish  the 
impact  of  these  failures  on  the  operational  force.  The  program  planning  was 
developed  by  SAMSO  and  TRW  and  reviewed  with  the  Aerospace  Corporation,  OOAMA, 
AFRPL  and  ASPC.  The  ASPC  supported  the  subsequent  investigation  by  conducting 
correlation  analyses,  material  property  tests  and  motor  cold  pressurization 
tests  [2].  In  addition  to  the  normal  system  engineering  and  technical  direc- 
tion support  provided  SAMSO,  TRW  modeled  and  analyzed  the  Stage  III  motor 
using  the  data  generated  by  Aeroject  to  support  the  assessment  of  Stage  III 
operational  motors  [3]. 

The  significant  findings  of  the  investigations  included: 

(1)  "The  Stage  III  propellant  is  highly  notch  sensitive  relative  to 
fracture  initiation.  The  potting  in  the  potted  void  motor  intro- 
duces higher  propellant  strains  due  to  the  strain  concentration 
factor  associated  with  the  holes  (approximately  two  to  three  times 
higher).  A strain  concentration  factor  of  2.3  was  demonstrated  in 
the  cold  pressurization  tests  which  was  consistent  with  analytical 
predicted  factors.  Based  upon  these  findings,  it  was  concluded 
that  all  potted  void  motors  will  develop  a cracked  grain  during 
firing.  From  the  test  results  the  crack  path  in  the  propellant 
appears  to  be  a variable  which  explains  why  not  all  potted  void 
motors  burn-through"  [3]. 

(2)  "Without  the  presence  of  potting  holes,  the  aft  end  propellant  is 
not  sufficiently  strained  to  cause  grain  cracking  which  would 
account  for  the  ballistic  anomalies  associated  with  the  non-potted 
motors.  The  analysis  predicts  separation  of  the  aft  end  propellant- 
insulation  bond  line  for  both  void  and  no-void  motors.  However, 
bond  line  separations  are  more  likely  to  occur  in  the  presence  of 
apex  voids.  The  results  of  the  cold  pressurization  tests  confirm 
the  existence  of  this  failure  mode.  Unfortunately,  none  of  the 
tests  demonstrated  a clean  separation  mode  since  grain  cracking 
preceded  bond  line  separation  in  all  cases.  The  bond  line  was 
sufficiently  overloaded  by  the  altered  bond  line  separation  in  all 
cases.  The  bond  line  was  sufficiently  overloaded  by  the  altered 
load  path  due  to  the  grain  cracks  resulting  in  premature  separation. 
Without  notches  in  the  grain  propellant  cracking  is  not  predicted. 

The  bond  line  separations  observed  in  the  cold  pressurization  tests 
would  have  undoubtedly  occurred  at  higher  pressured  levels  as  ob- 
served in  motor  tests  and  as  predicted  analytically"  [3]. 

(3)  "The  propagation  of  the  bond  line  separation  appears  to  be  con- 
strained to  the  apex  area  and  several  inches  outboard  of  the  apex. 
This  was  observed  in  the  cold  pressure  test  results.  The  propagation 
analyses  agree  with  observations.  Provided  that  there  is  not  signi- 
ficant change  in  the  aging  trends,  there  is  a very  low  probability 
that  bond  line  failure  mechanism  will  lead  to  aft  dome  burn-through" 
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Based  upon  these  findings  TRW  recommended  to  SAMSO  that: 

(1)  "The  potted  void  motors  be  removed  from  the  operational  force"  [3]. 

(2)  "The  non-potted  void  and  no-void  motors  in  the  operational  force 
be  retained"  [3]. 

(3)  The  Stage  III  Surveillance  Program  be  updated  to  track  the  pro- 
pellant grain  cracking  and  bond  line  separation  failure  modes. 

Another  investigation  of  the  Stage  III  motor  was  also  conducted  by  the 
Chemical  Systems  Division  (CSD)  of  United  Technologies  Corporation*  [4].  The 
CSD  task  included  demonstration  of  a new  grain  analysis  computer  code,  the 
Texas  Grain  Analysis  Program  (TEXGAP)  on  the  Stage  III  motor. 

During  this  same  period  of  time  (i.e.,  1970-73)  the  University  of  Utah 
was  conducting  investigations  to  asses  if  a flaw,  crack  or  debond  would  pro- 
pagate mechanically  due  to  combustion  induced  pressure  loadings  at  a faster 
rate  than  the  burning  rate  [5,6].  Thus,  in  January  1974  a task  was  added  to 
assess  the  Third  Stage  Minuteman  III  motors  susceptabil ity  to  failure  due  to 
burning  flaws  [7,8].  This  investigation  considered  the  above  findings  and 
recommendations  within  the  context  of  the  results  of  the  crack  criticality 
study.  Assessment  was  made  of  two  modes  of  failure: 

1)  Cracking  of  the  grain  in  association  with  aft  end  voids. 

2)  Aft  end  bond  line  failure. 

This  analysis  study  differed  from  that  of  TRW  and  CSD  in  that  pressure  in- 
creases due  to  burning  were  considered  in  flaws  having  access  to  the  main 
chamber. 

FORMULATION 

The  propellant  grain  analyzed  was  a finocyl  slotted  design  with  a for- 
ward relief  flap.  Except  in  the  slotted  section  the  unflawed  motor  is 
symmetric.  Flaws  in  a propellant  motor  are  normally  unsymmetric;  however, 
experience  has  shown  that  flaws  will  normally  propagate  into  a symmetric  flaw 
before  propagating  axially.  Based  on  this  and  the  expense  of  a three-dimen- 
sional analysis,  only  axisymnetric  analyses  with  axisymmetric  flaws  were  con- 
ducted. A previous  analysis  indicated  that  the  axisymmetric  analysis  yields 
acceptable  stress  levels  when  compared  with  a three-dimensional  stress 
analysis  [9]. 

The  analyses  for  bond  line  failure  were  conducted  for  the  0.1  second 
burn  configuration  and  those  for  grain  cracking  used  the  10.5  second  burn 
configuration  with  an  axisymmetric  void  2"  by  1/4"  located  at  the  apex 
(Figure  2). 

r *Fonner1y, “United  Technology  Center 


1.6.3 


The  former  was  thought  to  be  a critical  situation  if  large  scale  debonding 
would  occur  while  the  second  was  shown  previously  by  TRW  [3]  to  be  most  cri- 
tical in  terms  of  maximum  bondline  shear  stress.  The  10.5  second  burn  con- 
figuration also  corresponded  to  two  cold  pressurization  tests  conducted  by 
Aerojet. 

The  finite  element  computer  code  used  is  valid  for  materials  with 
Poisson's  ratio  in  the  range  0 iv  1 0.49999  with  or  without  an  axisymmetric 
elastic  thin  shell. 

A basic  grid  size  of  25  x 65  was  chosen  for  the  analyses.  In  order  to 
obtain  sufficient  detail  and  accuracy  two  different  basic  grids  were  generated 
for  each  of  the  two  burn-configurations;  one  for  short  crack  lengths  and  one 
for  long  crack  lengths.  The  grids  for  the  0.1  second  configuration  are  shown 
in  Figures  3 and  4 and  the  two  grids  for  the  10.5  second  configuration  are 
shown  in  Figures  5 and  6. 

The  material  properties  used  in  the  analyses  were  obtained  from  TRW.  The 
case  properties  were  obtained  by  matching  calculated  deflections  with  measured 
deflections  from  the  cold-pressure  tests  conducted  by  Aerojet.  The  material 
properties  used  are  presented  in  Tables  I - III.  The  chamber  pressure  for 
the  0.1  second  configuration  was  assumed  to  be  411  psig  and  that  for  the  10.5 
second  configuration  to  be  560  psig.  Axial  loads  of  2120  psia  and  3980  psia 
were  applied  to  the  nozzle  boss  to  simulate  nozzle  thrust  at  0.1  and  10.5 
seconds,  respectively. 

The  liner  thickness  was  assumed  to  be  0.025  inches.  In  the  propellant 
in  the  vicinity  of  a void,  or  close  to  the  liner  there  existed  a modulus 
gradient  [3].  This  gradient  existed  over  a distance  of  approximately  one 
inch  into  the  propellant.  A linear  gradient  from  the  high  values  to  the  bulk 
values  of  the  modulus  shown  in  Table  I were  used  in  the  analyses  over  this 
distance. 

The  pressure  loadings  in  flaws  not  open  to  the  main  chamber  were  assumed 
to  be  zero.  Thus,  if  the  void  collapsed  due  to  other  loadings  a modulus  and 
Poisson's  ratio  were  calculated  which  were  sufficient  to  allow  the  void  to 
close,  but  prevented  overlapping  of  liner  and  propellant  elements.  The 
pressure  distribution  within  a burning  flaw  is  determined  by  the  flaw  open- 
ing and  length.  Thus,  a flaw  open  to  the  main  chamber  was  initially  assumed 
to  have  the  ambient  chamber  pressure  acting  within  it  to  obtain  an  initial 
geometry  which  was  used  in  calculating  the  initial  internal  pressue  due  to 
burning  within  the  flaw.  The  final  pressure  and  geometry  were  arrived  at 
by  iteration. 

The  pressure  in  a burning  flaw  was  calculated  using  computer  programs 
developed  previously  [5].  The  loading  time  for  a burning  flaw  was  deter- 
mined as  the  time  necessary  to  reach  a quasi-steady  state  flaw  tip  pressure, 

t*  ■ 6.2  X 10“®  (P^*  - P^)W  (seconds)  (1) 
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where  is  the  tip  quasi-steady  pressure  in  psi  and  W is  the  mean  flaw 
width  in  feet. 

For  the  0.1  second  burn  configuration  the  +3a  adhesive  fracture  energy 
was  determined  to  be  2.5  in-lb/in^  and  +3a  cohesive  fracture  energy  was 
10  in-lb/in2  at  0.001  seconds  and  8 in-lb/in2  at  10.5  seconds. 

Debond  initiation  or  grain  crack  initiation  was  evaluated  comparing 
strain  energy  release  rates  with  the  allowable  fracture  energies.  Crack 
trajectory  for  grain  cracking  was  determined  using  a maximum  principal  stress 
criterion  and  crack  growth  rate  determined  according  to  a previously  dev- 
eloped local  damage  criterion  [7], 


a(t)  = a^cosh  C(/d  - i/3^) 


(2) 


where  d = - 302 

®1  ^ ^'^1  * ^2  ^3^ 


O2  = 0,02  + O2O3  + 030, 

C = 8.3  X 10*^  psi  for  ANB-3066  propellant 


and 


kCi>) 


(3) 


ASSESSMENT 


Debonding  studies  were  primarily  conducted  for  the  0.1  second  burn  con- 
figuration of  the  Third  Stage  Motor.  The  two  finite  element  grids  shown  in 
Figures  3 and  4 were  used  for  calculating  strain  energy  release  rates  (dU/dA) 
from  the  bore  to  the  case  tangent  point.  The  first  grid  shown  in  Figure  3 
was  used  to  obtain  the  energy  release  rate  and  stress  distribution  in  the 
vicinity  of  the  knuckle  (Figure  2)  while  the  grid  of  Figure  4 was  used  to 
obtain  more  accurate  stresses  in  the  vicinity  of  the  tangent  point. 

Prior  to  investigating  the  debonding  of  the  propellant  from  the  liner 
the  no  debond  configuration  was  evaluated.  It  was  found  [7,8]  that  the 
stresses  along  the  bondline  in  the  axial  and  radial  directions  were  com- 
pressive except  in  the  immediate  neighborhood  of  the  base  of  the  knuckle 
where  slight  tension  was  experienced  by  the  liner  material  and  propellant. 


1.6.5 


The  shear  stress  along  the  bondline  as  well  as  along  the  burning  flaw  sur- 
face is  affected  by  the  finite  element  representation;  hence  part  of  the 
reason  for  using  two  detailed  grids  for  each  configuration  analyzed.  Maximum 
shear  stresses  .vithin  the  first  four  elements  from  the  burning  surface  of 
Figure  3 were  as  high  as  54  psi  in  the  liner  and  86  psi  in  the  propellant 
but  nominally  around  20  psi.  In  the  knuckle  region  a maximum  shear  stress 
of  207  psi  occurs  in  the  propellant.  The  shear  stress  capability  is  nominally 
190  psi  [2,3].  Thus,  bond  line  shear  failure  in  the  propellant  could  occur 
in  the  knuckle  region  upon  ignition;  however,  it  may  not  propagate  to  the 
bore  surface  without  a surface  flaw  present. 

Stresses  and  strains  along  the  bore  for  the  0.1  second  configuration 
indicated  that  longitudinal  cracking  of  the  grain  should  not  occur  in  the 
aft  end. 

In  considering  debonding,  the  flexibility  of  the  case  was  such  that 
shorter  flaws  were  nearly  at  chamber  pressure  while  longer  flaws  had  signi- 
ficantly increased  internal  pressures  due  to  burning  in  the  flaws.  Figures 
7 and  8 show  typical  flaws  subject  to  chamber  pressure  while  Figure  9 and  10 
indicate  the  final  geometries  with  burning  in  the  flaws.  The  20  inch  flaw 
has  a quasi-steady  flaw  tip  pressure  of  1240  psi  for  the  0.1  second  configura- 
tion. From  Figure  10  it  may  be  seen  that  the  twenty  inch  flaw  will  close 
at  the  opening  thereby  giving  use  to  an  even  greater  pressure  increase. 

The  strain  energy  release  rate,  dU/dA,  was  calculated  both  from 
evaluating  the  strain  energy  by  releasing  an  additional  node  in  the  grid 
and  by  graphically  determining  the  slope  when  the  strain  energy  versus  area 
was  plotted  to  large  scale.  The  resulting  curves  for  the  actual  load  and 
the  chamber  pressure  only  lo?d  are  shown  for  the  0.1  second  configuration  in 
Figure  11.  Figure  12  shows  the  equivalent  chamber  pressure  only  curve  for 
the  10.5  second  burn  configuration  obtained  by  TRW  [3].  For  this  latter 
situation  it  is  doubtful  that  debonding  would  occur  beyond  the  ten  inch 
length  based  on  +3(Ty  ; however,  for  the  0.1  second  configuration  the  strain 
energy  release  rate  exceeds  the  +3aY  beyond  the  point  indicated  by  Figure  10. 

a 

From  this  analysis,  it  would  appear  that  from  a "criticality"  point  of 
view,  the  existence  of  a small  flaw  at  the  burning  surface  bondline  would  be 
most  critical  for  the  0.1  second  configuration.  This  is  especially  true  since 
a flaw  of  one-eighth  inch  depth  is  nearly  enough  to  exceed  the  +3a  reported 
values  of  y-»  (y,  = 2.5  in-lb/in^  at  0.1  seconds). 

a o 

For  the  twenty  inch  debond,  which  apparently  closes  after  the  full  burn- 
ing pressure  is  reached,  the  tip  quasi -steady  pressure  is  1240  psia.  Using 
a mean  flaw  width  of  between  one  and  two  inches,  t*  is  calculated  from  (1) 
to  be  between  0.0004  and  0.0008  seconds.  Thus,  the  pressure  build-up  in 
such  a flaw  due  to  burning  occurs  less  than  one  millisecond  after  the  surface 
is  ignited. 

The  conclusions  drawn  from  this  analysis  is  that  all  debonds  in  excess 
of  0.6  inches  will  fail  if  penetrated  by  flame. 
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Analysis  of  the  10.5  second  burn  configuration  by  TRW  [3]  indicated  that 
in  the  presence  cf  a void  near  the  nozzle  flange  knuckle  apex,  cracking  was 
possible.  In  fact  both  the  AOP-3  and  TMS-16  motors  were  subject  to  a com- 
bination of  cracking  followed  by  bondline  separation.  In  addition  a ballist’. 
anomalie  occurred  at  approximately  11  seconds  in  motor  OT-41.  Thus,  this 
burn  configuration  was  assessed  for  possible  cracking  and  the  extent  of  flaw 
propagation.  To  examine  the  likelihood  of  fracture  the  maximum  strain  was 
calculated  along  the  burning  surface  both  with  and  without  a void  of  1 in. 
by  1/4  in.  located  at  the  aft  end  apex.  The  results  indicated  a slight 
increase  in  the  axial  strain  from  11  percent  to  13.7  percent  with  the  void 
present;  however  these  values  were  considerably  less  than  the  propellant 
strain  allowable.  Thus,  failure  woul  i not  be  expected  except  in  the  presence 
of  a local  stress  riser,  which  the  potting  holes  provided. 

The  crack  path  was  taken  to  initiate  at  the  peak  strain  location  in  the 
aft  end  and  follow  a maximum  principal  stress  trajectory.  The  crack  path  is 
shown  in  Figure  13  by  the  double  row  of  elements  (boldline).  The  crack  path 
terminates  at  the  outermost  element  of  the  apex  void.  This  path  was  typical 
of  fractures  observed  on  the  cold  motor  tests  conducted  by  ASPC  [23]. 

The  crack  was  allowed  to  open  in  the  same  manner  as  the  debond  by  first 
assuming  chamber  pressure  within  the  flaw  to  calculate  an  initial  pressure 
increase  due  to  burning  which  was  used  to  calculate  a new  geometry  and  so 
forth  until  the  final  configuration  and  pressure  were  arrived  at  by  iteration. 
Typical  flaw  openings  due  to  burning  within  the  crack  are  shown  in  Figures 
14  to  16.  The  resulting  strain  energy  release  rate  is  shown  in  Figure  I''. 

A crack  length  approximately  0.6  inch  long  is  critical  and  should  gropagate. 
The  initial  crack  speed  was  evaluated  from  (2).  At  10.5  seconds  »d  = IRO 
psi  for  a crack  length  of  0.6  inches.  Figure  18.  For_an  initial  crSck  length 
of  0.3  inches,  t*  = 1.5  x 10~5  seconds  from  (1)  and  .d  - vd  - 60  psi.  Thus 
the  initial  speed  is  0.005  inches  per  second.  For  a one-in['h  initial  i'law 
size  the  initial  speed  is  0.28  inches  per  second.  The  burninu  rute  was  0.33 
inches  per  second;  thus  it  would  be  anticipated  that  crack  in  tne  aft  end 
would  propagate  at  a slower  rate  than  the  burning  rate  and  ^nus  hurn-out" 
faster  than  they  coulo  propagate.  For  a 1-inch  long  crat  k ^ne  Marne  arrives 
at  the  case  approximately  8 seconds  after  ignition  comparf'i)  tf)  a normal  time 
of  11  seconds.  Thus  unless  a bondline  failure  occurs,  tiie  inM.Oation  receives 
only  a three  second  excess  exposure  to  flames. 

CONCLUSIONS 


Based  on  previous  investigations,  TRW  recommended  that  all  potted  motors 
be  removed  from  the  operational  force. 

The  present  analysis  indicates  that  motors  with  a potting  hole  do  not 
appear  to  be  critical  due  to  burning  in  the  flaw  when  the  unfilled  portion 
of  the  hole  is  less  than  one  inch  long.  Flaws  less  than  one  inch  long  will 
open  sufficiently  to  prevent  over  pressurization  from  burning  in  the  flaw. 
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A more  serious  situation  may  result  for  debonding  since  the  debonding 
may  well  propagate  at  a faster  rate  than  the  propellant  burning  rate.  Data 
obtained  on  the  bond  line  system  were  insufficient  to  obtain  debond  pro- 
pagation rates. 
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Figure  1.  Typical  Stage  III  Voids  Figure  2.  MINUTEMAN  III  Stage  Aft 
and  Potting  Hole  End  Configuration 


Figure  3.  0.1  Second  Configuration,  Grid  No,  1,  3rd  Stage 

Minuteman  III 


Figure  4.  0.1  Second  Configuration,  Grid  No.  2,  3rd  Stage 

Minuteman  III 
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Figure  5.  10.5  Second  Configuration,  Grid  No.  1 3rd  Stage 

Minuteman  III. 


Figure  6.  10.5  Second  Configuration,  Grid  No.  2,  3rd  Stage 

Minuteman  III. 
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Figure  7.  5 in. Debond  Subject 

To  Chamber  Pressure, 

0.1  Second  Configuration 


Figure  8.  22  in.  Debond  Subject 

To  Chamber  Pressure, 

0.1  Second  Configuration 
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DEBOND  LENGTH,  in. 

Figure  n.  dU/dA  Versus  Bondline 
Crack  Length  3rd  Stage 
Minuteman  III,  0.1 
Second  Configuration. 
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BONDLINE  CRACK  LENGTH  s,  in. 

Figure  12.  Change  In  Strain 

Energy  Versus  Bondline 
Separation  Length  for 
10.5  Second  Burn  Con- 
figuration (initiation 
at  bonding  termination 
point).  From  TRW. 


1.6.11 


/■. 

•C'-.-v, 


Figure  13. 


Figure  15. 


No  Crack,  10.5  Second  Figure  14.  1.0  in.  Crack,  Burning 

Configuration  Pressure,  10.5  Second  Con- 

figuration. 
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2.2  in.  Crack,  Burning 
Pressure,  10.5  Second 
Configuration. 


Figure  16.  3.2  in.  Crack,  Burning 

Pressure,  10.5  Second 
Configuration. 
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Figure  17.  dU/dA  vs.  Crack  Length 
ANB  3066  Propellant,  3rd 
Stage  Minutetnan.  Void  2 in 
Long  Symnetric  10.5  Second 
Configuration. 
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Figure  18.  Versus  Cohesive  Crack 
Length,  10.5  Second  Con- 
figuration III  Stage 
Minuteman  III  Motor  Grain 
Aft  End. 
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METALLURGICAL  EVALUATION  OF  PROOF  TEST  FAILURE 
OF  A SECOND  STAGE  MISSILE  MOTOR  CASE 


Eric  B.  Kula  and  Albert  A.  Anctil 
Metals  Research  Division 
Army  Materials  5 Mechanics  Research  Center 
Watertown,  Massachusetts  02172 


INTRODUCTION 

This  report  relates  an  investigation  into  the  premature  failure  during 
proof  testing  of  a second  stage  missile  motor  case.  The  proof  testing  was 
carried  out  as  part  of  the  certification  procedure  of  a new  producer  for  the 
missile.  This  investigation  was  to  ascertain  the  cause  of  failure  of  this 
particular  motor  case,  as  well  as  to  make  general  recommendations  for  prevent- 
ing recurrence  of  failures  in  the  future. 

The  case  that  burst  had  been  subjected  to  five  proof  cycles  at  1620  psi, 
above  the  operating  stress  of  1540  psi,  and  then  failed  at  1728  psi  on  a burst 
test.  The  expected  burst  stress  was  1910  psi.  Other  burst  stresses  of  1980, 
2080,  and  2120  psi  had  been  achieved  in  earlier  tests  by  the  original  producer 

The  motor  case,  about  43  inches  in  diameter,  is  made  from  4340  steel 
quenched  and  tempered  at  450  F to  a yield  strength  of  about  210  ksi  and  a 
tensile  strength  of  245  ksi.  The  chemical  analysis  of  the  case  material  meets 
the  required  specifications,  although  the  sulfur  content,  0.015%,  is  high  for 
applications  requiring  maximum  toughness  at  high  strength  levels.  The  cylin- 
drical portion  of  the  case  is  produced  from  plate  with  two  longitudinal  fusion 
welds  made  by  the  metal  arc  inert  gas  process.  After  preliminary  sizing,  the 
cylinder  is  heat  treated,  .Tnd  then  sized  again.  In  this  condition,  the  for- 
ward dome  and  aft  funnel  are  inserted  and  each  joined  to  the  cylinder  by  two 
circumferential  seam  welds.  A chart  of  the  processing  history  is  shown  in 
Figure  1. 

It  should  be  emphasized  that  sizing  and  welding  of  steel  such  as  4340  in 
the  quenched  and  tempered  condition  is  not  generally  recommended.  The  frac- 
ture occurred  in  the  forward  end  of  the  cylindrical  portion  of  the  case,  in 
the  heat-affected  zone  adjacent  to  the  circumferential  seam  weld.  It  is 
believed  that  the  origin  was  located  in  or  near  the  intersection  of  a longi- 
tudinal fusion  weld  and  a circumferential  seam  weld. 

Available  for  inspection  were  a section  of  the  case  containing  the  sus- 
pected fracture  origin,  a metal lographic  specimen  cut  through  the  matching 
portion  of  the  case  and  the  dome,  and  two  large  pieces  of  the  case  and  dome 
material.  The  inside  view.  Figure  2,  shows  the  fracture  path  adjacent  to  a 
seam  weld.  An  edge  view  of  a section  of  the  dome  portion  is  shown  in  Figure 
3.  A schematic  diagram  shows  the  location  of  the  fracture  path  with  respect 
to  the  seam  welds. 
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Figure  1.  Procmting  history  of  second  stage  motor  case 
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n Figure  2.  Inside  view  of 

section  of  motor  case 


Fracture 


Figure  3.  Edge  view  of  dome  portion  of  motor  case 


A fracture  mechanics  analysis  and  a thorough  metal lographic  study  of  the 
fracture  area,  as  well  as  a mechanical  property  study  of  the  properties  of  the 
seam-welded  region  and  the  base  metal  in  the  case  was  performed.  Properties 
determined  included  hardness,  tension,  fracture  toughness,  precracked  Charpy 
impact,  and  stress  corrosion. 


FORMULATION 


A picture  of  the  fracture  surface  is  shown  in  Figure  4.  On  the  concave 
surface,  a thumbnai 1- shaped  region  has  been  identified  as  the  fracture  origin. 
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This  is  reportedly  in  the  heat-affected  zone  adjacent  to  the  longitudinal 
fusion  weld,  which  is  in  the  center  of  the  figure.  The  maximum  depth  of  the 
crack  is  about  0.091  inch  and  the  length  on  the  surface  about  0.530  inch, 
giving  a depth  to  length  ratio  a/2c  of  about  0.18.  The  remaining  portions  of 
the  fracture  surface  that  were  examined  showed  a ductile,  shear-type  failure. 

A cross  section  of  the  mating  piece,  in  the  dome  portion,  is  shown  in 
Figure  5.  The  weld  nugget  in  the  center  is  readily  identifiable  by  the 
columnar  grains.  The  fracture  origin  is  in  the  case  near  the  edge  of  the 
welded  area  perpendicular  to  the  interface.  From  this  region  it  propagated 
by  shear.  The  unwelded  interface,  between  the  first  and  second  seam  welds, 
is  clearly  visible  at  the  left. 

At  the  end  of  the  fracture  origin  in  the  cylindrical  portion,  the  micro- 
structure is  somewhat  different.  Figure  6.  Here  weld  cracks  are  clearly 
visible,  surrounded  by  a white  phase  containing  tempered  martensite  plates. 
Adjacent  to  this  there  is  a region  of  tempered  martensite  containing  small 
white  carbide  particles. 

At  this  point  one  can  speculate  on  the  origin  of  this  region,  which 
clearly  can  be  identified  with  the  failure  origin.  It  is  a segregated  region, 
high  in  carbon,  chromium,  and  molybdenum.  Excess  carbide  particles  and  plate 
martensite  are  both  present.  It  contains  weld  cracks,  and  possibly  other 
secondary  cracks  which  occurred  during  the  proof  or  burst  testing.  Further- 
more, the  microstructure  shows  a dendritic  pattern,  indicating  a cast  micro- 
structure, which  is  unlike  the  cast  structure  of  the  weld  nugget  itself. 


H 0.1" 

Figure  4.  Failure  origin  on  fracture  surface  of  second  stage  motor  case 


Figure  5.  Cross  section  through  case  and  dome  showing  fracture  origin 


1.7.4 


Figure  6.  Microstructure  near  end  of  fracture  origin,  showing  weld  cracks 


The  location  and  appearance  of  this  region  suggest  that  weld  cracks 
occurred  during  seam  welding,  as  a result  of  mismatch  between  the  dome  and 
the  case.  The  seam  welding  operation  is  not  continuous,  hut  is  really  a 
series  of  overlapping  spot  welds,  with  each  portion  of  the  weld  melted  and 
solidified  as  many  as  ten  times.  Some  of  this  molten  metal  from  the  weld 
nugget  could  have  been  squeezed  into  the  region  of  the  weld  crack,  leading 
to  the  microstructure  shown  in  Figure  6. 

Specimens  for  mechanical  property  tests  were  cut  from  sections  of  the 
case  and  dome  shown  in  Figure  2.  The  layout  of  the  specimens  in  the  dome 
section  is  shown  in  Figure  7,  and  in  the  cylindrical  case  in  Figure  8. 

Hardness,  fracture  toughness,  and  tension  specimens  were  cut  from  the 
dome  section  containing  the  seam  welds.  In  each  case,  the  specimen  included 
material  from  both  the  case  and  the  dome.  The  0.308  inch  total  thickness 
tension  specimens  in  the  dome  section  were  a non-standard  3/8  inch  wide,  with 
a 1.5  inch  gage  length.  They  were  located  so  that  fracture  could  occur  any 
place  in  the  weld  or  heat-affected  zone.  For  fracture  toughness  testing 
standard  ASTM  bend  specimens  were  used  [1].  The  specimen  width  was  0.616  inch, 
with  a 0.227  inch  deep,  0.0.30  inch  wide  machined  notch.  The  initial  0.003 
inch  radius  at  the  crack  tip  was  sharpened  by  fatigue  cracking.  As  shown  in 
Figure  7,  the  notches  were  located  in  the  center  of  the  weld,  near  the  edge 
of  the  weld  nugget,  and  in  the  heat-affected  zone. 
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Figure  7.  Layout  of  test  specimens  from  dome  section  of  motor  case 


Figure  8.  Layout  of  test  specimens 
from  case  section  of  motor  case 


Tension,  fracture  toughness,  precracked  Charpy  and  stress  corrosion  crack- 
ing specimens  were  cut  from  the  case  section.  The  reduced  thickness  of  this 
section,  0.158  inch,  necessitated  other  specimen  sizes.  The  tension  specimens 


I 
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were  a standard  subside  0.250  inch  wide  with  a 1 inch  j^a^e  length.  Fhe  frac- 
ture toughness  bend  bars  were  0..'516  inch  wide  with  a 0.002  inch  deep  notch. 
Fracture  toughness  under  dynamic  conditions  was  determined  from  precracked 
('harpy  bars,  which  had  standard  dimensions  except  for  the  reduced  thickness. 
In  addition,  stress  corrosion  cracking  tests  were  performed  on  specimens  with 
the  same  geometry  as  the  fracture  toughness  bend  bars, 

file  results  of  a microhardness  survey  taken  along  a profile  midsection 
through  the  case  material  in  the  vicinity  of  the  seam  weld  are  shown  in  Fig- 
ure 0.  The  hardness  readings  range  from  a maximum  of  52  in  the  weld  to  a 
minimum  ot  about  .53  in  the  heat-affected  cone.  This  should  be  compared  to 
a reported  hardness  for  tiie  case  of  52. 

Tensile  properties  in  the  base  me*’al  and  in  the  dome  (seam  weld)  are 
listed  in  Table  I.  Note  the  sharply  lower  strength  in  the  region  of  the  weld 
in  the  dome  section.  The  fracture  occurred  in  the  heat-affected  zone,  and 
since  there  was  no  welding  between  t'e  dome  and  cylinder  materials  at  this 
point,  there  were  actually  separate  fractures  in  the  case  and  dome  materials. 


TABLE  I.  TENSILE  PROPERTIES 


0.2%  Yield 
Strength  (psi) 

Ultimate  Tensile 
Strength  (psi) 

% Elongation 

% Recuction 
in  Area 

Base  Metal 

212,000 

249,000 

8 

32 

Weld  Metal 

164,. 300 

174,400 

4.7 

30 

Fracture  toughness  was  measured  in  the  precracked  bend  bars, 
stress  intensity  factor,  was  calculated  from  the  expression 


Kq,  the 


BW 


3/2 


(U 
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where 


S 

B 

W 

Y 


a 


the  offset  load  in  pounds  determined  from  a load-deflection  curve 

where  the  slope  is  0.95  times  the  initial  slope, 

span  length,  in. 

thickness  of  specimen,  in. 

depth  of  specimen,  in. 

2.9  (a/W)'/‘  - 4.6  (a/W)V2  ^ 21.8  {a/W)‘>/2  . fa/W)^/''  + 

58.7  (a/W}V^ 
crack  length,  in. 


If  the  ratio  Joes  not  exceed  1.10,  where  I’max  maximum  load,  the 

test  is  a valid  one,  and  the  value  of  K obtained  is  the  plane  strain  stress 
intensity  factor  Kj(^.  If  the  ratio  exceeds  1.10,  the  test  is  not  valid,  and 
the  K value  is  called  Kq.  In  such  a case,  a larger  specimen  would  be  necessary 
to  obtain  a valid  reading. 

The  results  in  Table  II,  summarized  in  Figure  10,  show  that  the  toughness 
values  for  the  base  metal  are  marginally  valid,  with  a Kq  averaging  56.0  ksi 
in.*''^  The  results  for  the  center  of  the  weld  and  the  edge  of  the  weld  are 
probably  close  to  being  valid,  and  show  a measurably  lower  toughness.  The 
toughness  of  the  IIAZ  was  not  valid,  but  in  any  case  is  significantly  higher. 

It  should  be  emphasized  that  the  measured  toughness  values  for  the  edge  of 
the  weld  are  for  sound  material,  and  are  higher  tlian  what  would  be  expected  in 
the  segregated  region  shown  in  Figure  6 where  the  actual  failure  origin  was 
located. 


Measurements  were  also  made  of  Kjp,  the  fracture  toughness  under  dynamic 
Conditions,  by  testing  precracked  Charpy  impact  specimens  on  an  instrumented 
Charpy  machine.  The  specimens  were  representative  of  the  base  material  in  the 

TABLF,  II.  FRACTURli  TOUGHNFSS 


s 

B 

a 

W 

in. 

in. 

in. 

in. 

Weld 

2.5 

.296 

.289 

.603 

Center 

2.5 

,299 

.305 

.614 

Weld 

2.5 

.501 

.306 

.613 

F.dge 

2.5 

.309 

.297 

.619 

Heat- 

2.5 

.307 

.290 

.617 

Affected 

Zone 

2.5 

.307 

.286 

.613 

Base 

1.7 

. 158 

. 141 

.316 

Metal 

1.7 

.158 

.150 

.316 

Y 

P 

max 

Pn/P 

Q max 

i;b  _ 

lb 

• ■ 1 / ? 

psi  in.  ' 

2.50 

1100 

1265 

1 . 15 
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2.66 

1135 
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Figure  10.  Fracture  toughness  of 
seam  welded  region  of  motor  case 


case.  Ilie  values  obtained,  Sii.S  and  S6.2  ksi  in.’/^,  compared  to  the  static 
value  of  SfS.O,  show  that  there  is  only  a minor  effect  of  strain  rate  over  this 
rant;e . 


Stress  corrosion  cracking  tests  were  carried  out  in  a 3.5°6  NaCl  solution 
using  the  fracture  toughness  bend  type  specimens  loaded  as  a cantilever  beam. 
The  results  are  shown  in  Figure  11,  and  show  that  is  about  22.0  ksi 

in.'/'.  Below  this  value  of  K,  stress  corrosion  cracking  will  not  take  place 
in  this  environment.  A .'5.5%  NaCl  solution  was  used  since  it  is  a standard 
solution  which  Simulates  sea  water.  In  the  case  of  high  strength  steels,  it 
has  been  found  to  be  equally  corrosive  as  sea  water  or  distilled  water. 


A comparison  has  been  made  of  the  properties  of  this  lot  of  4340  steel 
with  other  heats  of  4340.  In  general,  the  properties  are  adequate  and  are 
what  would  be  expected  for  this  processing  and  heat  treatment.  The  toughness 
values  appear  to  be  on  the  low  end  of  the  range  normally  encountered,  presum- 
ably because  of  the  sulfur  content,  0.015%.  While  this  is  not  a high  sulfur 
content,  considering  the  levels  up  to  0.045%  which  may  be  found  in  common 
structural  steels,  it  is  high  for  a highly  stressed  critical  application  such 
as  a motor  case. 


As  would  be  expected,  the  mechanical  properties  of  the  weld  and  heat- 
affected  zone  are  considerably  reduced.  The  high  hardness  combined  with  the 
low  toughness  of  the  wold  region,  where  the  failure  origin  was  located,  should 
be  noted  as  should  the  low  strength  of  the  HAZ , where  the  major  part  of  the 
fracture  path  occurred. 

A word  of  caution  should  be  mentioned  regarding  the  effect  of  the  post 
heat  treat  stretching  operation  on  the  mechanical  properties  of  the  cylindri- 
cal case.  It  is  well  known  that  a quenched  and  tempered  steel  such  as  4340 
can  undergo  significant  changes  in  properties  if  strained  and  aged  [2].  For 
example,  after  a 400  F temper,  a tensile  strain  of  3%  followed  by  an  age  at 
any  temperature  up  to  400  F,  can  lead  to  an  increase  in  flow  stress  on  yield- 
ing of  over  100,000  psi  over  the  unstrained  value,  or  30,000  psi  above  the 
flow  stress  after  3%  strain.  This  strength  increase  is  accompanied  by  a 
decrease  in  ductility  and  unknown  effects  on  the  toughness.  The  magnitude  of 
the  property  changes  is  a function  of  the  prior  tempering  temperature,  the 
amount  of  prestrain,  and  the  reheating  temperature  and  time. 

In  the  stretching  operation  used  in  manufacturing  the  missile,  the  average 
strain  may  range  up  to  3/4%.  Because  of  composition  differences  and  any  mech- 
anical discontinuity  at  the  fusion  weld,  the  local  strain  at  any  region  may  be 
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Figure  11.  Effect  of  applied  stress 
intensity  on  time  to  failure  of 
motor  case  material  in  3.5%  NaCI 
solution 


less  or  more  than  3/4*.  Again,  during  seam  welding,  temperatures  reached  in 
the  flAZ  may  range  from  room  temperature  to  the  melting  point.  Accordingly, 
the  actual  properties  in  any  local  region  of  the  case  may  vary  over  a consider- 
able range. 


ASSESSMENT 


It  has  been  shown  that  for  a surface  flaw  [3],  the  stress  intensity  factor 
at  the  bottom  of  the  crack  can  be  related  to  the  applied  stress  o and  the  crack 
dimensions  by  the  following  equation; 

Kj^  = /i.21t.  o v^U/Q)  (2) 

where 

a = the  crack  depth 

Q = a flaw  shape  parameter,  which  is  a function  of  the  crack  depth  and 
length  2c  and  the  stress  level,  and  can  be  obtained  from  Figure  12. 

A schematic  plot  of  Equation  (2)  is  shown  in  Figure  13.  If  the  applied 
stress  and  the  flaw  size  lie  below  the  solid  line,  fracture  would  not  be 
expected;  but  if  the  combination  of  the  two  gives  a point  above  the  line,  the 
applied  K would  be  greater  than  and  catastrophic  fracture  would  be  expected. 
The  dotted  line  gives  recognition  to  the  fact  that,  at  low  values  of  flaw  size, 
failure  will  occur  by  general  yielding. 

From  this  equation,  the  fracture  toughness  required  to  sustain  a flaw  of 
the  observed  dimensions  (a  = 0.091  in.,  2c  = 0.503  in.)  at  the  burst  stress  can 
be  estimated.  A stress  analysis  for  the  dome  end  of  the  second-stage  motor 
case  was  performed  by  Patrick  and  Smith  at  the  U.S.  Army  Missile  Research  and 
Development  Command.  They  found  that  a sharp  maximum  in  the  axial  stress  in 
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Figure  12.  F(aw-jhape  parameter  curves  for  surface  and  internal  cracks 
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CRIUCAL  FLAW  SJ2E 

Figure  13.  Applied  stress  versus 
critical  flaw  size 


the  cylindrical  case  occurred  where  the  dome  ended,  on  the  inside  wall  of  the 
case,  i.e.,  at  the  observed  failure  origin.  At  a hydrostatic  test  pressure 
of  1620  psi,  with  an  applied  load  on  the  forward  skirt  of  170,000  lb  (8605  ksi), 
they  reported  the  axial  stress  to  be  127.000  psi.  Since  the  stresses  are 
linear  at  the  observed  burst  pressure  of  1728  psi,  the  axial  stress  at  the 
failure  origin  would  be  135,600  psi. 

From  Figure  12  and  the  crack  dimensions  and  the  yield  strength,  212,000 
psi,  a value  of  the  flaw  shape  parameter  Q of  1.2  is  obtained.  Accordingly, 
from  Equation  2: 

= Vi.21n  (13S.600)  = 72,800  psi 

The  results  show  that  a fracture  toughness  of  72.8  ksi  in.'/‘  would  be  re- 
quired to  withstand  the  observed  burst  pressure,  which  is  far  in  excess  of  the 
measured  toughness  of  51.5  ksi  in.'/^  at  the  weld  or  56.0  ksi  in.^/^  in  the 
base  metal.  The  failure  therefore  is  not  unexpected. 

For  this  weld  toughness,  failure  might  have  occurred  at  an  axial  stress 
of  95,900  psi,  corresponding  to  an  internal  pressure  of  1220  psi.  Alterna- 
tively, at  the  observed  burst  pressure,  the  critical  flaw  size  parameter 
(a/Q)  is  0.0379,  which  corresponds  to  a crack  0.046  in.  deep  and  0.253  in. 
long  at  an  a/2c  ratio  of  0.18.  Thus  a crack  as  short  as  0.25  in.  long  and 
less  than  0.05  in.  deep  located  at  this  point  could  cause  failure  during  proof 
testing. 
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To  ensure  against  premature  failure  during  proof  testing  or  service, 
several  general  suggestions  can  be  made  [3].  In  general,  the  case  should 
operate  below  the  solid  line  in  Figure  13.  This  can  be  done  by  either; 

a.  reducing  the  applied  stress  level  during  operation  or  proof 
testing, 

b.  increasing  the  sensitivity  of  NDT  techniques  to  detect  smaller 
cracks,  or 

c.  improving  the  fracture  toughness  level  kj^.,  which  would  allow 
larger  stress  level  - flaw  size  combinations. 

The  fracture  toughness  can  be  increased  by  several  methods.  A common 
method  with  quenched  and  tempered  steels  is  to  decrease  the  tensile  strength 
by  increasing  the  tempering  temperature.  Figure  14  [4].  In  this  particular 
application,  a reduction  of  strength  level  may  not  be  possible  without  de- 
creasing the  safety  factor.  A second  method  of  increasing  the  toughness 
without  influencing  the  strength  level  is  to  increase  the  purity  of  the  steel 
by  reducing  certain  deleterious  elements  such  as  sulfur  and  phosphorus. 

I Figure  15  shows  the  effect  of  sulfur  content  in  the  toughness  of  4345  steel 

' [5].  The  steel  used  in  this  particular  motor  case  contained  0.015°6  sulfur. 

Lower  sulfur  contents  can  be  obtained  commercially  today. 

A third  method  of  improving  toughness  is  by  substitution  of  a different 
steel.  The  18%  nickel  maraging  steels  generally  have  higher  toughness  than 
low  alloy  steels  such  as  4340  [6].  Figure  16  shows  the  effect  of  substituting 
a 250  grade  maraging  steel  with  a Kj^.  value  of  80  ksi  in.^/^  on  the  applied 
stress  - flaw  size  relationship.  Since  the  critical  flaw  size  varies  with  the 
square  of  the  toughness,  a small  increase  in  the  toughness  can  have  a sizeable 
effect  on  the  flaw  size  that  can  be  tolerated. 

In  using  fracture  toughness  concepts  such  as  exemplified  by  Equation  (2) 
and  Figure  13,  some  caution  should  be  exercised.  The  fact  that  a component 
does  not  have  a critical  flaw  does  not  ensure  that  fracture  will  not  occur  on 
subsequent  loading.  In  all  materials,  a repeated  application  of  a stress  will 
cause  crack  growth,  at  a rate  governed  by  the  stress  level  and  material  prop- 
erties. Thus  repeated  loading  during  service,  or  even  proof  testing,  can 
cause  a subcritical  flaw  to  grow  to  a critical  size.  Too  many  proof  test 
cycles,  or  an  improper  load  level  during  proof  testing,  can  actually  cause 
failure  where  otherwise  no  failure  would  be  expected  [3]. 

Another  factor  which  can  cause  subcritical  crack  growth  is  stress  corro- 
sion. For  stress  corrosion  cracking  to  occur,  three  factors  are  necessary: 
a susceptible  material,  a particular  environment,  and  a stress;  a quenched 
and  tempered  steel  such  as  4340  is  such  a material;  water  can  be  a deleterious 
environment;  and  the  stresses  may  arise  from  either  applied  stresses  or  re- 
sidual stresses  from  heat  treatment  or  welding.  The  measured  value  of  Kjgcc 
of  22  ksi  in.*'^  indicates  that  at  any  stress  and  crack  length  combination 
leading  to  a K value  greater  than  22  ksi  in.'/^,  slow  crack  growth  will  occur, 
until  such  time  as  is  attained  when  rapid  failure  ensues. 
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Figure  14.  Variation  of  K,j.  with  strength  level  for 
low  alloy  martensitic  steels  (6) 


Figure  15.  Influence  of  sulfur  level  on 
plane-strain  fracture  toughness  of 
AISI  4345  steel  (7) 


Figure  16.  Effect  of  stress 
level  on  critical  flaw  size 
for  4340  weld  metal  and 
maraging  steel 


Critical  Flaw  Size,  a/0 


CONCLUSIONS 


Portions  of  a missile  second-stage  motor  case,  which  failed  prematurely 
during  proof  testing,  have  been  examined.  The  fracture  origin  has  been 
identified.  This  was  a thumbnail -shaped  surface  crack  in  the  case,  about 
0.091  in.  deep  and  0.503  in.  long,  located  at  the  edge  of  one  of  the  seam 
welds,  near  the  intersection  with  one  of  the  longitudinal  fusion  welds. 
Fracture  toughness  calculations  indicated  that  fracture  at  the  burst  pressure 
should  have  been  expected. 
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A luimbcr  of  sujiKCstions  have  liccn  made  for  improving  the  present  processing 
procedure  for  the  motor  case.  Although  implementation  of  these  recommendations 
would  improve  the  integrity  of  the  case,  there  is  no  guarantee  that  a reliable 
case  would  be  obtained.  The  use  of  4.'?40  steel,  tempered  at  450  F,  and  sub- 
sequently welded,  is  not  recommended  for  applications  that  are  highly  stressed 
and  where  reliability  is  required. 

If  welding  were  carried  out  prior  to  final  heat  treatment,  cracking  prob- 
lems would  be  minimized.  Heat  treatment  after  welding  would  produce  a better 
structure  in  the  welds,  with  greater  toughness  and  strength.  Some  distortion 
problems  may  he  anticipated,  but  these  would  be  less  with  maraging  steel  than 
with  4.540. 
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IDENTIFICATION  AND  CONTROL  OF  FRACTURE 
CRITICAL  SOLID  ROCKET  BOOSTER  (SRB)  STRUCTURE 

D.  W.  O’Neal,  D.  A.  Deamer,  R.  M.  Fujita  and  E.  V.  Wysocki 
McDonnell  Douglas  Astronautics  Company 
5301  Bolsa  Avenue,  Huntington  Beach,  California  92647 

/Work  Sponsored  by  NASA  Marshall  Space  Facility  Center] 
under  Contract  No.  NAS8-31732  > 

INTRODUCTION 

The  Solid  Rocket  Booster  (SRB)  stage  of  the  NASA  Space  Shuttle  Vehicle  repre- 
sents America's  first  reuse  of  a major  launch  vehicle  booster.  After  the  SRB 
performs  its  launch  function,  the  two  spent  SRB  structures  are  separated, 
parachuted  into  the  ocean,  recovered  and  towed  back  to  the  launch  site  by 
ship,  and  refurbished  for  future  launches. 

Marshall  Space  Flight  Center  (MSFC),  the  responsible  NASA  agency,  was  con- 
cerned about  fracture  control  of  the  reusable  SRB  stage  and  drafted  a 
Fracture  Control  Plan  [1]  for  the  SRB.  One  section  of  this  plan  requred  a 
fracture  mechanics  and  fatigue  analysis  to  determine  the  fracture  criticality 
of  all  SRB  parts.  The  analysis  of  SRB  primary  structure  other  than  the 
solid  rocket  motor  was  contracted  to  McDonnell  Douglas  Astronautics  Company 
(MDAC) , and  is  the  principal  subject  of  this  case  study.  A secondary,  but 
closely  related  activity,  involved  the  assessment  of  possible  stress  corro- 
sion cracking  in  SRB  structure.  Only  highlights  of  this  activity  will  be 
covered . 

This  case  study  presents  an  approach  to  screen  more  than  1,400  SRB  structural 
parts  and  identify  which  of  these  parts  are  potentially  fracture  critical. 

All  parts  Identified  as  potentially  fracture  critical  were  subjected  to  in- 
depth  linear  elastic  fracture  mechanics  analysis.  Parts  identified  as 
fracture  critical  by  analysis  were  again  reviewed  for  new  or  additional  non- 
destructive evaluations  (NDE)  to  remove  them  from  the  fracture  critical 
parts  list.  Any  parts  remaining  after  the  screening  process  were  identified 
and  controlled  as  described  in  [1]. 

SRB  structure  will  be  subjected  to  40  uses  or  missions.  Using  a factor  of 
four  for  fracture  analysis  purposes,  a lifetime  of  160  missions  was  assumed 
per  [1].  A mission  consisted  of  the  following  design  conditions: 


Condition 

Pre launch 
Lift-off 

High  dynamic  pressure  boost 

SRB  maximum  acceleration 

Pre-SRB  staging 

Reentry 

Parachute 

Water  impact 

Towback 


Approximate  Flight  Time 

0 sec. 

40-60  sec. 

110  sec. 

122  sec. 

Post  separation 
(19,000  - 9,000  feet) 
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Subsequent  to  the  mission,  SRB  structure  will  be  partially  disassembled,  in- 
spected, and  refurbished  before  the  structure  is  certified  for  another 
mission. 

Since  the  SRB  is  a new  stage,  no  history  was  available  to  identify  any  frac- 
ture suspect  designs.  Another  factor  complicating  the  fracture  analysis  was 
that  NfDAC  was  not  involved  in  the  design  and  analysis  of  the  SRB.  MSFC  was 
responsible  for  the  design  and  stress  analysis  of  the  SRB  structure. 


FORMULATION 


Screening  of  SRB  Structural  parts  involved  two  major  tasks.  The  first  task 
included  an  in-depth  drawing  review  and  an  assessment  of  part  failure  on 
mission  success.  Each  SRB  drawing  was  reviewed  for  the  part  material, 
surface  and/or  internal  inspection  requirements,  part  function,  any  re- 
dundant load  paths  that  existed,  mission  effect  due  to  loss  of  the  part, 
and  stress  corrosion  susceptibility.  Mission  effects  were  simplified  into 
three  categories;  (1)  Mission  loss;  (2)  Unknown  - Possible  mission  loss; 

(3)  No  mission  loss.  If  no  mission  loss  resulted  from  failure  of  a particu- 
lar part,  the  review  was  terminated  at  that  point  and  the  part  was 
identified  as  being  non-fracture  critical. 

The  second  task  was  to  review  available  stress  analyses  and  establish  the 
maximum  tensile  stress  experienced  by  the  part  along  with  corresponding 
temperature.  The  maximum  tensile  stress  was  designated  as  Oop*  All 
stress  analyses  were  supplied  by  MSFC.  In  the  absence  of  stress  analysis 
for  a particular  part,  Ogp  was  established  by  selecting  the  lower  of  the 
following  two  design  values:  Allowable  ultimate  tensile  stress  divided  by 
the  design  ultimate  factor  of  safety  (Ftu/1.40),  and  allowable  yield  tensile 
stress  divided  by  the  design  yield  factor  of  safety  (Fty/1.10).  The  maximum 
tensile  stress  was  used  to  calculate  allowable  flaw  sizes,  as  described  in 
the  Assessment  section  of  this  paper. 

The  foregoing  information  was  collected  on  the  survey  form  shown  in  Figure  1. 
This  form  summarized  all  pertinent  design  and  analysis  information,  reduced 
recording  time,  and  documented  the  information  for  future  reference.  Even 
when  design  changes  were  frequent,  it  was  found  that  the  survey  form  saved 
time  because  it  contained  information  pertinent  to  the  latest  change. 

Many  different  materials  were  involved  in  the  parts  which  were  surveyed. 
Material  forms  included  sheet,  plate,  bar,  extrusion,  forging,  and  weld. 
Examples  of  material  types  were  2219  aluminum,  6061  aluminum.  Inconel  718, 
A-286  corrosion- resistant  steel,  D6AC  steel,  MP35N  multiphase  alloy, 

4130  steel,  and  4140  steel.  Material  thicknesses  varied  from  approximately 
0,10  inch  to  5.25  inches.  Since  2219-T87  aluminum  was  predominantly  used 
in  the  SRB,  this  material  was  selected  for  discussion  in  the  ensuing  parts 
of  this  paper.  Plane  strain  fracture  toughness,  Ki^,  values  for  2219-T87 
aluminum  alloy  were  as  follows; 
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Table  I - Fracture  Toughness 
For  2219-T87  Aluminum  Alloy 


Avg. 

Ktc  (ksi/T?r. ) 

Material  Form 

R.T. 

200"F 

SOO-F 

® Sheet  8 Plate 

30.0 

28.1 

25.3 

® Extrusion  (T8511),  Forging 
(ST  Dir.)  and  Weld 

20.0 

18.0 

16.0 

(From  MSFC  [2]  and  [3] .) 


This  study  made  use  of  available  cyclic  data  in  two  forms.  Whenever  possible, 
initial  screening  of  a 2219  aluminum  part  was  accomplished  using  the  cycle 
life  curve  in  [4],  Figure  14,  which  shows  normalized  initial  stress  intensity, 
Kii/Kic,  as  a function  of  cycles  to  failure,  N.  Engstrom  [4],  Table  7, 
shows  a sustained  load  threshold  stress  intensity,  K-pH,  of  about  0.85  Kj^  for 
2219-T87  aluminum  at  room  temperature.  To  ensure  that  SRB  parts  were  not 
susceptible  to  flaw  growth  from  sustained  load,  the  cyclic  life  of  50  cycles 
at  Kii/Kjc  = 0.85  was  added  to  the  design  life  of  160  cycles.  The  resulting 
210  cycles  corresponded  to  Kji/Kpc  = 0.76,  and  was  the  basis  for  constructing 
allowable  initial  flaw  size  curves  similar  to  Figure  2.  For  surface  flaws, 
the  equation  used  was,  _ 


(a/Q)i  = 1 


0.76  K 


Ic 


(1) 


1.21TT 


■’op 


a = flaw  depth 
Q = flaw  shape  parameter 


Flaw  length,  2c,  was  also  determined  from  Figure  2,  based  on  Figure  1 of  [5] 
at  the  appropriate  Q and  Ogp/Fty.  Similar  curves  were  constructed  for  in- 
ternal flaws  by  using  l.OOrr  in  the  denominator.  These  curves  permitted  an 
analyst  to  quickly  determine  allowable  initial  flaw  sizes  from  the  applied 
stress  and  saved  many  hours  of  repetitive  calculations. 

The  other  form  of  cyclic  data  was  flaw  growth  rate,  da/dN,  as  a function  of 
stress  intensity.  These  data  [6]  were  used  when  the  critical  flaw  area  ex- 
ceeded 10  percent  of  the  part  cross-sectional  area  and  when  an  in-depth 
analysis  was  performed  on  a potentially  fracture  critical  part. 

Potentially  fracture  critical  parts  subjected  to  high  cyclic  loadings  for 
more  than  one  design  condition  were  analyzed  with  the  MSFC  crack  growth 
computer  program  [7].  Three  empirical  flaw  growth  options  were  available 
in  the  program;  Paris,  Foreman,  and  Collipriest-Ehret.  The  Collipriest-Ehret 
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Figure  2 - 2219-T87  Parent  Metal  @ 75°F 


u 

rvi 


equation  was  used  for  all  calculations  in  this  study.  Equation  constants 
were  supplied  by  NASA/MSFC  from  test  data  on  other  Shuttle  programs. 

In  order  to  assess  the  criticality  of  the  allowable  initial  flaws,  com- 
parisons were  made  to  maximum  flaw  sizes  that  could  remain  in  a particular 
part  after  inspection.  Methods  of  inspection  delineated  on  SRB  drawings  or 
in  material  specifications  included  visual,  liquid  penetrant,  ultrasonic, 
and  radiographic.  No  proof  tests  were  specified.  Acceptance  criteria  were 
contained  in  the  following  specifications:  QQ-A-250/50.  Federal  Specifica- 
tion, Aluminum  Alloy  2219,  Plate  and  Sheet;  MIL-I-895Q.  Inspection, 
Ultrasonic,  Wrought  Metals;  MSFC-SPEC-5Q4 . Specification,  Welding,  Aluminum 
and  Aluminum  Alloys. 


ASSESSMENT 


Criticality  assessment  of  SRB  hardware  was  conducted  using  procedures  out- 
lined in  the  SRB  Fracture  Control  Plan  fl].  The  plan  required  a review  of 
all  hardware  drawings,  evaluation  of  mission  effects  in  the  event  failures 
occur,  and  consideration  of  design  stresses  and  required  service  lives  with 
the  purpose  of  deciding  whether  parts  were  or  were  not  fracture  critical. 

Parts  that  had  a service  life  factor  of  greater  than  4.0  times  the  vehicle 
life  cycle  requirements  were  not  fracture  critical  and  did  not  require  any 
fracture  control.  Parts  that  had  a service  life  factor  of  less  than  2.0 
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Initial  Length,  in. 


were  designated  for  redesign.  Parts  that  had  a service  life  factor  between 
2.0  and  4.0  were  considered  to  be  fracture  critical.  These  parts  were 
either  designated  for  redesign  or  recommended  to  the  Fracture  Control  Board 
for  fracture  control  implementation. 

A previously  described  survey  form  (see  Figure  1)  summarized  all  pertinent 
information  related  to  the  fracture  analysis.  The  form  listed  calculated 
critical  and  initial  flaw  sizes,  allowable  flaw  sizes  from  specified  in- 
spections and  the  final  disposition  of  the  part  based  on  evaluation  of  the 
tabulated  data. 

The  flow  chart  shown  in  Figure  3 illustrates  the  logic  used  for  assessment 
of  stress  corrosion  and  fracture  criticality.  Components  such  as  nonmetallic 
gaskets,  metallic  washers,  spacers,  etc.,  whose  failure  would  not  affect  the 
mission,  were  eliminated  early  in  the  review  (steps  1 thru  5).  Stress  cor- 
rosion cracking  (steps  6 thru  9)  was  evaluated  on  the  basis  of  design 
criteria  contained  in  MSFC  document  10M33107  [8].  The  evaluation  considered 
material  susceptibility  to  stress  corrosion,  service  environment,  and  sus- 
tained tensile  stresses  resulting  from  fabrication,  assembly,  and/or 
prolonged  operation  or  storage.  Threshold  stresses,  to  which  the  sustained 
tensile  stresses  were  compared,  were  taken  from  [9]. 

Next,  a determination  was  made  as  to  whether  the  part  was  an  element 
subjected  to  high  cycles  from  multiple  load  conditions  (step  10).  A 
supplemental  fatigue  analysis  was  conducted  for  these  high  cycle  parts 
(step  36),  utilizing  the  NASA/MSFC  Crack  Growth  Analysis  Program  [7],  to 
account  for  a fatigue  load  spectrum  that  included  both  the  prelaunch,  flight, 
and  post  separation  cycle  requirements  for  160  flight  missions.  MSFC 
supplied  the  fatigue  load  spectrum  in  tabular  form  with  steady  state  and 
cyclic  loads  listed  for  each  design  condition. 

When  no  high  cycle  part  was  involved,  a review  was  made  of  the  maximum 
design  tensile  stress.  Whenever  the  stress  was  less  than  one-fourth  of 
the  part  was  dispositioned  as  not  fracture  critical  (step  13) . This  stress 
limitation  was  based  on  the  flaw  growth  rate  for  2219-T87  aluminum  at  this 
stress  being  less  than  10"^  inches  per  cycle.  For  160  cycles,  less  than 
0.002  inch  of  flaw  growth  would  occur.  Historically,  designs  based  on  a 
factor  of  safety  of  4.0  have  been  widely  used  for  commercial  applications 
with  very  high  reliability  without  considering  cyclic  loads. 

When  the  stress  exceeded  one-fourth  of  calculations  were  made  to 
determine  the  critical  flaw  size  and  ratio  of  the  critical  flaw  size  area 
to  the  total  cross-section  area  of  the  element  being  analyzed  (steps  14  thru 
17).  When  this  ratio  was  less  than  10%,  it  was  concluded  that  linear 
elastic  theory  applied,  and  the  Kjc  value  used  in  the  analysis  was  valid 
(step  18).  Initial  flaw  sizes  were  then  determined  using  curves  similar  to 
Figure  2,  as  explained  in  the  Formulation  Section.  These  curves  were  drawn 
for  two  extreme  flaw  shape  parameters,  Q » 1.0  and  Q =■  2.0,  to  expedite  the 
analysis.  The  maximum  permissible  ratio  of  flaw  depth  to  part  thickness  was 
limited  to  0.50  since  higher  ratios  would  require  the  application  of  a stress- 
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FIGURE  3 FRACTURE  MECHANICS  ANALYSIS  LOGIC 
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intensity  magnification  factor  (Mk) • 


Allowable  initial  flaw  sizes  were  then  compared  to  the  maximum  flaw  sizes 
permitted  by  the  specified  NDH  inspection  (step  21)  to  disposition  the  part 
for  fracture  criticality  (steps  22  and  2!i) . 


At  step  18,  if  the  critical  flaw  area  was  greater  than  10%  of  the  section 
area,  a modified  fracture  analysis  approach  was  taken  to  determine  the 
critical  and  initial  flaw  sizes.  Area  of  the  critical  flaw  was  limited  to 
10%  of  the  section  being  analyzed,  and  the  maximum  operating  stress  was 
assumed  to  be  80%  of  the  allowable  yield  stress.  These  values  represent 
maximum  values  for  application  of  linear  elastic  fracture  mechanics  theory 
and  were  used  to  define  a limiting  stress  intensity.  The  following  example 
illustrates  the  application  of  this  approach.  (See  steps  24  thru  34). 


r.xample:  (Surface  Flaw,  Q = 1.0) 

Part  ; Splice,  1.94  in.  x 0.25  in.  Fty  : 51,000  psi  @ R.T. 

Material  : 2219-T87  A1  Alloy  Kic  : 30,000  psi/irT.  @ R.T. 

Max  Tension:  30,000  psi  0 R.T.  ^sect’  (1-94) (0.25)  = 0.485  in.^ 

From  Figure  2,  at  ^op-^^ty  ” 0.60, 


a^  = 0.146  in.  and  2ci  = 1.70  in. 


Afiaw.  = (0.785) (ai)(2ci)  = 0.195  in. 2 (2) 

Since  the  critical  flaw  area,  is  greater  than  A g(.^C19%),  linear 

elastic  theory  has  been  exceeded.  The  modified  10%  aria  method  will  be  used. 


flaw 


= A 


sect 


(10%)  = 0.0485  in. 


(3) 


o,.  . = 0.80  F.„  = 40,800  psi  (4) 

limit  ly  ’ j 

From  Figure  2 for  ^limit  = 0.80  and  Q = 1.0,  -2—  = 0.118  or  2c  = 8.47a. 

For  critical  flaw  de;  th  and  length,  a^^  and  2c^^, 


A.,  = 0.785  (a„J(2c  ) = 6.6Sa^  - 0.0485  in.^  (5) 

flaw  cr'^  cr  cr  ^ 


and  a = 0.085  in.  and  2c  = 0.723  in. 
cr  cr 


Introduce  a stress  intensity  factor,  Kj  ij^iit'  is  consistent  with 

a..  . = 0.80  , 

limit  ty’ 


b ii.it  ■ ‘-'HKi.itl^!^^ 


1/" 


(6) 
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Assume  conservatively  that  the  following  relationships  hold, 


K 


li 


or 


From  Figure  1 of  [6], 


Kli 
K 


I limit 


= 

Kic 


AK  =/  op  \ (Kj^)  = 22,500  psi  /In. 


V^limit/ 


at  AK  = 22,500  psi  /in. , = 2 x 10 

dN 


in. 

cycle 


(7) 

(8) 

(9) 


For  160  cycles, 

^i  ^ ®cr  - - 160  x 2 x lO''’  = 0.053  in.  (10) 

2c.  = (8.47)  (a^)  = 0.449  in.  (11) 


Calculated  initial  flaw  sizes  were  then  compared  to  the  maximum  flaw  limits 
permitted  by  the  NDE  inspections  (steps  21  and  35),  and  a disposition  was 
made  as  to  whether  the  part  was  fracture  critical  or  not.  The  survey  form 
in  Figure  1 shows  entries  for  the  above  example. 

Final  disposition  of  a part  was  based  on  consideration  of  all  survey  results. 
Susceptibility  to  stress  corrosion  cracking  was  reviewed  and  susceptible 
parts  were  flagged  as  being  potentially  fracture  critical.  Calculated 
initial  flaw  sizes  were  compared  to  the  flaw  limits  permitted  by  the  speci- 
fied NDF  inspection.  When  allowable  initial  flaws  were  greater  than 
inspection  limits,  u .cceptable  flaws  would  be  rejected  so  the  part  was 
not  fracture  critical.  When  initial  flaws  were  smaller  than  the  inspection 
limits,  unacceptable  flaws  could  exist  so  the  part  was  dispositioned  as 
potentially  fracture  critical. 

All  parts  flagged  as  potentially  fracture  critical  received  additional 
attention.  Since  the  screening  analyses  intentionally  contained  conserva- 
tive approaches,  conservatisms  were  evaluated  and  eliminated  whenever 
possible.  If  the  part  was  still  potentially  fracture  critical,  MSFC  was 
notified. 

Some  thin  parts  and  those  made  from  extrusions  were  not  subjected  to  an 
inspection.  In  the  absence  of  inspection  limits,  engineering  judgment 
was  used  to  disposition  these  parts.  Parts  with  initial  surface  flaw 
lengths  less  than  0.500  in.  were  dispositioned  as  requiring  a liquid 
penetrant  inspection  following  forming  or  machining  and  prior  to  assembly. 
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Parts  considered  to  be  marginal  and  accessible  in  the  assembled  structure 
were  dispositioned  with  a recommendation  for  periodic  inspections  in  service. 
All  potentially  fracture  critical  parts  were  subsequently  reviewed  by  members 
of  the  MSFC  Fracture  Control  Board. 

Parts  containing  holes  were  analyzed  with  the  procedure  outline  in  [10]  and 
[11].  At  holes  and  cutouts,  an  initial  flaw  was  assumed  to  be  0.050  inch 
through  the  thickness  flaw  at  one  side  of  the  hole  when  the  material  thick- 
ness was  equal  to  or  less  than  0.050  inch.  The  initial  flaw  for  greater 
thicknesses  was  a 0.050  inch  comer  radius  flaw  at  one  side  of  the  hole. 

With  these  assumptions,  fracture  mechanics  analyses  were  performed  using 
equations  in  [11],  Tables  28  and  29. 

Only  one  hole  was  identified  as  potentially  fracture  critical  with  this 
analysis.  Since  these  areas  are  highly  suspect,  either  the  relatively  small 
number  of  design  cycles  (160]  is  essentially  negligible  or  possibly  the 
assumptions  and  analysis  are  unconservative.  In-service  inspections  after 
each  Shuttle  flight  should  identify  any  subsequent  problems. 

An  MSFC  supplied  computer  program,  [7],  was  utilized  to  perform  high  cycle 
fatigue  analyses  of  primary  SRB  parts  subjected  to  cyclic  loads  for  several 
load  conditions,  i.e.,  skin  panels,  rings,  welds,  and  attach  struts.  Basic 
program  input  consisted  primarily  of  part  description,  maximum  number  of  SRB 
flights,  stress  influence  coefficients,  loads,  geometry,  material  properties, 
description  of  initial  flaw,  selection  of  crack  growth  equation,  and  crack 
growth  equation  constants.  The  Collipriest-Ehret  equation  was  used  for  all 
crack  growth. 

The  crack  growth  program  consisted  of  the  following  main  steps: 

° Consideration  of  each  load  condition  within  each  flight  in  turn. 

° Evaluation  of  stress  intensity  factors,  using  the  appropriate 
stress  for  each  load  condition  under  consideration. 

® Calculation  of  crack  growth  rate  based  on  the  stress  intensity 
factors . 

« Calculation  of  growth  crack  depth  and  length. 

The  calculation  ended  when  one  of  the  following  events  occurred; 

® Critical  stress  intensity  at  either  the  crack  surface  or  depth 
was  exceeded.  (Failure.)  g 

* No  crack  growth  occurred  for  an  entire  mission  (<10~  inch). 

(No  chance  of  failure). 

® The  required  160  flights  were  exceeded.  (No  failure.) 

Since  the  forward  skirt  is  attached  to  the  External  Tank  (ET)  at  only  one 
location,  a subroutine  was  added  to  the  program  to  input  launch  and  ascent 
SRB/ET  ball  loads  at  the  forward  skirt  attachment  and  to  determine  principal 
stresses.  Stress  coefficients  within  the  forward  skirt  were  available  from 
a MSFC- generated  SPAR  computer  model  with  axial,  radial  and  tangential 
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unit  loads  applied  at  the  SRB/ET  ball.  These  coefficients  were 
multiplied  by  the  applied  ball  loads  to  obtain  applied  stresses.  Applied 
stresses  were  then  resolved  into  principal  stresses  for  regular  input  into 
the  flaw  growth  program.  Only  crack  opening  failure  modes  were  considered 
in  the  analyses,  but  maximum  tensile  stresses  for  every  condition  were 
always  conservatively  assumed  normal  to  the  flaw  plane,  irrespective  of 
principal  stress  direction. 

The  computer  program  output  included  the  following  information:  A descrip- 
tion of  input  data;  surface  crack  half-length;  crack  depth;  stress  intensity 
factors  at  the  surface  and  depth  of  the  crack;  surface  growth  rate;  crack 
depth  growth  rate.  Output  was  only  printed  every  tenth  flight  for  each 
load  condition  to  limit  output  volume. 

The  forward  skirt  ring  at  Station  401  is  a typical  part  which  was  cinalyzed 
by  the  computer  program.  The  ring  was  made  from  2219-T852  aluminum  forging 
whose  cross-section  was  comprised  of  a web  and  caps.  Load  spectrum  and 
other  pertinent  input  data  are  shown  in  Table  II  and  III.  The  high  cycle 
fatigue  analysis  showed  that  both  the  cap  and  web  of  the  Station  401  ring 
were  structurally  adequate  for  160  flights.  The  final  flaw  size  was 
a = 0.141  inch  and  2c  = 1.007  inch  for  the  thinner  0.200  inch  web. 


CONCLUSIONS 

Conclusions  and  observations  of  this  study  can  be  summarized  as  follows; 

" Identification  of  potentially  fracture  critical  parts  in  large 
structural  assemblies  is  possible  with  simplified,  conservative 
fracture  analyses. 

® The  MSFC  crack  growth  computer  program  [7]  is  a useful  tool 
for  analyzing  structure  subjected  to  a fatigue  spectrum. 

® Restricting  critical  flaw  areas  to  10  percent  of  the  cross- 
sectional  area  is  necessary  when  gross  area  stresses  are  used. 

Use  of  plane  stress  fracture  toughness,  when  available,  will 
eliminate  some  of  the  conservatism  associated  with  analysis 
by  this  proposed  method,  since  most  of  these  parts  are  thin. 

® Fracture  mechanics  analyses  should  be  performed  in  the  early 
design  phase  of  single-load  path  and  life-limited  parts  to 
identify  pre-assembly  quality  control  measures. 

® Fracture  mechanics  will  not  solve  all  fracture  problems. 

Engineering  judgment  is  still  a necessity  in  some  instances. 


ed  at  SRB/ET  Ball) 
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Class  B Ultrasonic  Inspection  per  MIL-1-8950. 


l< 

I 


Analyses  are  still  being  performed  at  this  time,  but  recommendations  have 
been  made  to  MSFC  on  some  potentially  fracture  critical  parts.  Most  SRB 
parts  are  subjected  to  quality  ultrasonic  inspections  in  stock  form.  When 
surface  flaws  caused  problems,  liquid  penetrant  inspections  before  assembly 
were  often  recommended  to  assure  design  life.  Parts  critical  for  unmanned 
load  conditions  and  manned  conditions  with  detectable  critical  flaws  were 
considered  for  periodic  in-service  inspections  with  decisions  dependent  on 
cost,  part  accessibility  and  coating,  and  required  type  and  frequency  of 
inspection.  On  rare  occasions,  since  MSFC  designers  were  conscious  of 
fracture  control,  a change  in  material  or  redesign  was  recommended.  A 
proof  test  is  presently  being  considered  for  a single  load  path  assembly 
with  several  critical  parts. 

In  summary,  options  available  to  remove  parts  from  the  critical  list  are 
redesign,  rigorous  non-destructive  evaluation,  restricted  use,  proof  test 
or  properly  scheduled  in-service  inspections. 
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INTRODUCTION 


The  promise  of  reduced  transportation  costs  to  earth  orbit  and  the 
potential  for  harnessing  vast  quantities  of  solar  energy  has  revived  interest 
in  concepts  of  large  space  structures.  The  kinds  of  structures  envisioned 
range  from  radio  telescope  antennas  and  solar  arrays  [1]  to  self-sufficient 
industrial  communities  in  high  orbit  about  the  earth  [2,3,4].  In  the  pro- 
posals publicized  to  date,  twc  basic  scenarios  have  been  advanced  to  describe 
the  direction  of  the  space  program  in  the  period  following  the  introduction 
of  the  space  shuttle.  The  first  proposes  that  both  the  material  resources 
and  manpower  required  for  further  ventures  into  space  will  be  provided  wholly 
from  earth  for  the  foreseeable  future  [5].  This  concept  involves  the  trans- 
porter ion  of  large  masses  from  the  surface  of  the  earth  to  orbit,  and  manned 
missions  of  limited  duration.  The  second  scenario  proposes  that  a bridgehead 
in  space  be  established  by  the  immediate  fabrication  of  large  structures  from 
lunar  or  asteroidal  material  [4,6].  This  requires  the  deployment  of  basic 
refining  and  manufacturing  facilities  in  space  at  an  early  date  in  the  over- 
all program,  and  demands  the  provision  of  a permanent  habitat  in  space  for  a 
substantial  workforce.  This  paper  addresses  the  problem  of  constructing  a 
space  habitat. 


The  work  presented  here  was  done  in  an  advanced  systems  design  class 
sponsored  by  the  Department  of  Aeronautics  and  Astronautics  at  MIT  in  the 
Spring  of  1976.  The  problem  considered  was  the  design  of  a prototype  space 
liabltat  capable  of  supporting  1000  inhabitants.  This  limitation  on  the  size 
of  the  structure  was  formulated  as  a compromise  between  the  competing  goals 
of  rapid  syston  deplo)rment  and  similarity  to  the  very  large  habitats  being 
discussed  in  the  current  literature  [2,3].  The  location  of  the  structure 
(the  trailing  Lagrange  point  of  the  Earth/Moon  system,  L5)  has  little  bearing 
on  the  analysis  required,  as  long  as  the  habitat  lies  outside  the  radiation 
shielding  provided  by  the  earth's  magnetosphere. 
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Certain  basic  criteria  must  be  Imposed  upon  the  design  of  a structure 
providing  pernuinent  life  support  for  a human  population  in  the  space  environ- 
ment. In  addition  to  an  atmosphere,  thermal  control,  sustenance,  and  protec- 
tion from  micrometeoroids,  the  permanent  aspect  of  this  project  requires  the 
provision  of  radiation  shielding,  pseudogravity,  a viable  agriculture,  and  all 
the  support  services  normally  found  in  a small  tovm  on  earth.  Inherent  in  the 
above  requirements  and  necessary  for  the  psychological  health  of  the  inhabi- 
tants is  the  provision  of  an  habitable  volume  for  each  individual  far  greater 
than  that  achieved  in  the  previous  history  of  the  space  program.  Finally,  it 
is  necessary  to  consider  the  fact  that  a failure  in  the  basic  integrity  of  the 
proposed  structure  would  have  catastrophic  consequences.  Thus,  such  damage  as 
might  be  encountered  in  the  operation  of  a habitat,  whether  due  to  manufactur- 
ing defects  or  accidents,  must  be  limited  in  its  effect  and  repairable.* 

These  criteria  demonstrate  that  a fracture-mechanics  assessment  is  an  important 
part  of  the  preliminary  engineering  design. 

BASIC  CONFIGURATION  AND  FABRICATION  CONCEPTS 

The  midsection  of  the  habitat  is  a cylinder  with  a radius  of  100m  and 
length  equal  to  100m.  This  midsection  is  closed  by  spherical  caps  of  100m 
radius.  The  habitat  thus  has  the  same  diameter  (200m)  but  is  much  shorter 
than  O'Neill's  "Model  I"  (1  km  long)  {2].  A rotation  rate  between  2 and  3 RPM 
about  the  cylinder  axis  provides  0.5  to  I pseudo-"g"  at  the  cylindrical  sur- 
face. The  pressure  hull  is  subjected  to  biaxial  tension  due  to  both  internal 
pressure  and  centrifugal  loading. 

Structural  design  of  the  pressure  hull  was  based  on  existing  steel  and 
aluminum  alloys.  The  deployment  scenario  assumed  that  the  moon  would  be  the 
principal  source  of  raw  material,  and  that  refining  facilities  would  be  avail- 
able at  L5  to  process  the  pressure  hull  alloys.  The  slag  residue  from  the 
refinery  would  be  used  for  the  required  radiation  shielding  (area  density  = 

5000  kg/ra2  [7]).  Calculation  of  the  material  requirements  Indicated  that  no 
significant  structural  mass  constraint  was  necessary,  since  at  least  10^  Kg 
of  slag  were  required  for  the  shield.  This  estimate  was  based  on  lunar  sur- 
face composition,  as  determined  by  analysis  of  Apollo  samples  [9].  The  compo- 
sition data,  summarized  in  Table  I,  also  show  that  the  lunar  surface  is  defi- 
cient in  certain  Important  alloying  elements,  notably  carbon,  nickel,  and 
molybdenum.  Approximately  2500  metric  tons  of  these  elements  must  be  brought 
from  earth  to  L5,  together  with  an  estimated  7470  tons  of  refining  and  metal- 
working equipment  to  establish  a construction  facility. 

The  fabrication  scenario  assumed  that  the  O'Neill  electromagnetic  mass- 
launcher  [3,6]  would  be  available  for  transportation  of  raw  material  from  the 
lunar  surface.  Various  spacecraft  including  the  NASA  shuttle,  shuttle  deriva- 
tives, and  "space  tugs"  were  also  assumed  operational.  Viability  of  a manned 
construction  site  at  L5  was  a further  assumption,  but  the  preliminary  details 


The  reader  Interested  in  additional  background  information  should  consult 
Refs.  7 and  8. 
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of  this  facility  were  developed  in  parallel  with  the  pressure  hull  design  to 
enforce  realism  on  the  fabrication  scenario.  This  procedure  functioned  as  a 
constraint  on  the  structural  design,  and  resulted  in  the  rejection  of  vapor 
deposition  and  depos itlon/f llament-wound  composite  construction,  concepts 
which  had  appeared  promising  based  on  structural  calculations  alone.  Plate/ 
stiffener  construction  similar  to  the  construction  of  a ship  hull  was  finally 
chosen  as  the  scheme  most  compatible  with  recognized  metalworking  techniques. 
Some  details  of  the  construction  equipment  requirements  are  summarized  in 
Table  II.  The  fabrication  scheme  (indicated  schematically  in  Fig.  1)  involves 
refinement  of  ore,  rolling  and  cutting  of  Im  x Im  plate,  and  production  of 
other  stock  parts  (stiffeners,  fasteners,  etc.)  in  a series  of  four  construc- 
tion "shacks"  attached  to  a large  trusswork  frame.  These  stock  parts  are  pre- 
assembled by  electron-beam  welding  to  form  major  sections  of  the  pressure  hull 
(20m  X 20m)  in  a fifth  "shack."  The  major  sections  are  then  delivered  to  the 
hull  and  held  in  place  for  final  assembly  by  large  cranes  which  traverse  the 
frame  structure. 


STRUCTURAL  DESIGN 


We  preface  our  review  of  the  pressure  hull  design  with  a brief  summary  of 
how  the  final  concept  evolved.  The  hull  began  as  a single  skin  supporting  both 
the  pressure  load  and  the  centrifugal  load  of  the  various  internal  masses. 

The  5000  kg/m^  radiation  shield  was  initially  conceptualized  as  a separate, 
low  strength,  nonspinning  structure  surrounding  the  space  habitat.  A fail- 
safe approach  quickly  dominated  the  pressure  hull  design  when  the  possible 
effects  of  Impact  accidents  were  considered.  Internal  platforms  were  then 
added  to  isolate  the  primary  hull  structure  from  corrosion  by  agricultural 
chemicals  and  waste  products.*  However,  the  platforms  created  unacceptably 
concentrated  loads  on  the  hull  because  of  the  small  local  bending  stiffness  of 
the  thin  skin.  At  this  point, the  design  evolved  to  a double  hull  with  axial 
and  circumferential  bulkheads  which  divided  the  5m  interspace  into  510  compart- 
ments approximately  20m  x 20m  in  the  cylindrical  midsection  and  with  reduced 
dimensions  in  the  spherical  endcaps.  The  double  hull  configuration  provided 
acceptable  bending  rigidity.  In  addition,  it  now  became  apparent  that  the 
structure  could  be  designed  with  strength  sufficient  to  bear  the  centrifugal 
load  of  the  shield  while  retaining  skins  of  reasonable  thickness.  At  one  end 
of  this  hull  was  emplaced  a 40m  diameter  window,  reflexed  to  absorb  the  pres- 
sure load  in  compression.  This  window  was  assumed  to  be  a mosaic  of  silica 
glass  panels  supported  by  a frame  structure.  An  8m  diameter  docking  port  was 
positioned  along  the  spin  axis  at  the  opposite  end  of  the  hull  to  facilitate 
the  transfer  of  cargo  from  the  various  transport  vehicles.  Figure  2 illu- 
strates the  final  hull  design  concept. 

Attention  was  focussed  on  the  highly  stressed  cylindrical  section  of  the 
habitat,  and  the  following  structural  analysis  tasks  were  pursued:  static  and 
fatigue  load  estimation,  stress  analysis,  design  for  residual  strength,  and 


The  agricultural  environment  consists  of  aqueous  nutrients  and  wastes  contain- 
ing Ca  (N03)2,  HoS.  NH3  and  NaCl,  all  of  which  have  been  found  to  cause  corro- 
sion fatigue  and  stress  corrosion  cracking  in  steel  alloys  [10]. 
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crack  propagation  calculations  to  evaluate  durability.  Since  only  a prelimi- 
nary design  was  intended,  extensive  simplifying  assumptions  were  introduced  at 
all  stages  of  the  analysis. 

LOAD  ESTIMATION 


Components  of  the  static  load  are  provided  by  both  internal  pressure  and 
centrifugal  acceleration.  These  contributions  are  divided  between  the  inner 
and  outer  hulls.  Under  normal  conditions,  the  Inner  hull  bears  the  load  of 
the  agricultural  system,  the  buildings  and  support  services,  the  inner  hull 
mass,  and  a portion  of  the  bulkhead  mass.  The  outer  hull  supports  those  loads 
due  to  the  shield,  the  outer  hull  mass,  the  remainder  of  the  bulkhead  mass, 
and  the  internal  pressure.  The  composition  of  the  habitat's  atmosphere  was 
formulated  to  minimize  the  biaxial  tensile  load  induced  by  the  atmospheric 
pressure.  A 50/50  mixture  of  oxygen  and  nitrogen  was  adopted  retaining  the 
Earth  sea-level  partial  pressure  of  oxygen  and  having  a total  pressure  of  2/5 
atm.  The  maximum  one  "g"  (9.807  m/sec2)  centrifugal  acceleration  was  assumed 
for  design  purposes.  The  values  of  the  static  load  components  are  i>resented 
in  Table  III. 


It  is  apparent  that  the  thin  pressure  shell  (t/R  = 0.05)  cannot  be 
modeled  as  a rigid  body.  Perturbations  such  as  spin  rate  adjustment,  pressure 
variation,  the  motion  of  internal  masses,  and  the  docking  of  massive  cargoes 
will  excite  both  dynamic  elastic  response  and  gyroscopic  nutations.  It  was 
expected  that  the  primary  dynamic  modes  of  the  hull  would  be  bending,  torsion, 
and  bulging.  Calculations  indicated  that  the  bending  and  torsion  frequencies' 
would  be  approximately  6.8  and  1.2  Hz,  respectively.  Thus,  a nominal  30-year 
Ufetlme  might  Include  6 x 10^  load  cycles.  Although  the  amplitude  of  the 
dynamic  response  was  not  accurately  determined,  further  calculations  demon- 
strated that  a reasonable  first  assumption  would  be  a constant  amplitude 
alternating  stress  equal  to  +5%  of  the  mean  stress. 


STRESS  ANALYSIS 


Having  defined  the  loads  applied  to  the  hull, 
the  major  components  of  the  habitat  structure.  In 
the  habitat,  the  applied  static  loads  Impose  a hoop 
by: 


it  is  now  possible  to  size 
the  cylindrical  section  of 
stress  on  each  hull  given 


(1) 


where  R « radius,  P = applied  force/unit  area,  and  t » hull  thickness.  The 
stress  in  the  direction  parallel  to  the  cylinder  axis  is  due  to  the  internal 
pressure: 
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where  P = atmospheric  pressure, 
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(2) 


The  specific  stress  vs.  thickness  relations  for  the  inner  and  outer  hulls 
are  derived  by  substituting  the  appropriate  expressions  from  Table  III  into 
Eq.  1.  For  the  inner  hull, the  load  per  unit  area  and  the  hoop  stress  are: 
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Fig.  3 Stress  vs.  Thickness  Fig.  4 Stress  vs.  Thickness 

Relation  for  Inner  Hull  Relation  for  Outer  Hull 
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For  the  outer  hull: 
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Equations  4 and  6 are  plotted  on  the  lower  curves  of  Figs.  3 and  4,  respec- 
tively. The  stress  analysis  of  the  bulkheads  is  complicated  by  differential 
radial  expansion  of  the  two  hulls.  Enforcing  compatibility  of  radial  displace- 
ments Induces  radial  stresses  in  both  the  circumferential  and  transverse  bulk- 
heads. As  is  shown  in  the  free  body  diagram  in  Fig.  5,  the  bulkhead  radial 
force  contributions  must  be  added  to  the  inner  hull  loading  and  subtracted 
from  the  outer  hull  loading.  Since  there  are  thirty  bulkheads  distributed 
about  the  hull  circumference  and  six  bulkheads  distributed  along  the  axis,  the 
revised  force/unit  area  parameters  are  given  by: 
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In  the  above  equat ions , P^^  is  the  force  per  unit  length  contributed  by  the 
bulkhead  radial  stresses°and  is  given  by: 


A(R2-R,) 
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Enforcing  radial  compatibility  with  the  revised  loadings  now  results  in  an 
expression  for  the  bulkhead  radial  stress,  in  terms  of  the  loads  applied 

to  the  hulls  and  the  thicknesses,  t^,  t^,  and  t^. 
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The  values  of  t^^  and  t^  must  thus  be  specified  before  a relation  between 
and  t^  can  be  defined.  The  choice  of  design  points  is  an  iterative  process 
involving  conslderat ions  of  residual  strength  and  durability,  as  well  as 
static  strength.  Further,  it  is  desirable  to  load  the  outer  hull  moie  heavily 
than  the  inner  hull  to  diminish  the  adverse  effects  of  corrosion  fatigue  and 
stress-corrosion  cracking  on  the  inner  hull.  Finally,  it  must  be  recognized 
that  substantial  benefits  are  realized  in  fabrication  if  both  the  inner  hull 
and  outer  hull  are  constructed  from  the  same  thickness  of  plate. 

The  final  design  points  were  thicknesses  of  4 cm  for  both  the  inner  and 
outer  hulls.  The  relation  thus  defined  between  and  t is  given  on  the 
lower  curve  of  Fig.  6,  together  with  the  bulkhead  design'^thickness  of  3 cm. 
Tliese  points  correspond  to  static  stress  levels  of  1.74  x 10^  N/m^  (2520  psi) 
for  the  inner  hull,  2.45  x 1 0®  N/m^  (35,600  psi)  for  the  outer  hull,  and  1.41 
X 107  N/m2  (2050  psi)  for  the  bulkheads.  Such  stresses  are  low  in  relation  to 
the  yield  strength  of  the  construction  material  (AISI  4130  steel,  0 = 1.03  x 

10^  N/m2  or  150,000  psi)  allowing  a margin  of  strength  to  cope  with^both  acci- 
dental and  cumulative  damage.  In  all  cases,  the  usual  stress  concentration 
factor  of  three  for  holes  and  fillets  is  easily  accommodated. 

DAMAGE  TOLERANCE 


Residual  strength  after  damage- induced  component  failures  is  provided  by 
imposing  fail-safety  criteria  on  the  structural  design  of  the  pressure  hull. 
Accident  scenarios  envisioned  involved  primarily  the  penetration  of  one  or 
both  hulls  by  high-energy  projectiles.  These  projectiles  might  be  generated 
from  the  interior  of  the  habitat  by  the  rupture  of  high  pressure  pipes  or 
bottles  or  by  the  failure  of  turbomachinery.  The  danger  of  meteoroid  damage 
was  considered  and  found  to  be  slight  in  comparison  with  these  other  hazards 
(7,11].  The  design  maximum  accident  assumed  in  the  fail-safety  analysis  was 
a four-panel  corner  joint  failure  in  either  or  both  hulls.  A schematic  view 
of  this  scenario  is  presented  In  Fig.  7.  The  leakdown  rate  associated  with 
the  penetration  of  both  hulls  provided  the  limiting  condition  on  the  hull 
panel  sizing.  It  was  determined  that  40  minutes  would  be  available  before  the 
oxygen  partial  pressure  reached  dangerously  low  levels  in  the  event  of  a Am^ 
breach  in  both  hulls.  This  was  considered  the  minimum  time  necessary  to 
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dispatch  a repair  crew  and  Institute  emergency  procedures.*  In  order  to  limit 
the  extent  of  unstable  fracture  in  failed  components,  rectangular  cross-section 
stiffeners  are  laid  in  an  orthogonal  grid  between  the  Im  x Im  hull  panels. 

These  stiffeners  are  fabricated  from  a very  high  toughness  alloy  (HY-100,  HY- 
IJO)  and  are  electron-beam  welded  to  the  hull  panels.  Positive  crack-arrest 
is  achieved  at  the  boundaries  of  the  20m  x 20m  hull  sections  by  the  use  of 
fastened  joints.  Tee-section  stiffeners  of  the  same  high  toughness  material 
are  used  to  join  the  adjacent  hull  and  bulkhead  sections.  Figure  8 illustrates 
the  details  of  a cylindrical-section  compartment. 

In  the  event  of  a failure  in  the  outer  hull  alone,  the  inner  hull  section 
and  bulkhead  sections  surrounding  the  evacuated  compartment  must  absorb  the 
atmospheric  pressure  load  in  plate  bending,  as  is  shown  in  Fig.  9.  The  sever- 
ity of  the  resulting  bending  stresses  determines  the  sizing  of  the  minor  stiff- 
eners. The  upper  curves  of  Figs.  3 and  6 represent  the  stress  vs.  thickness 
relations  of  the  inner  hull  and  bulkheads  under  this  overload.  The  overload 
in  a component,  whether  adjacent  panel  overstress  or  additional  bending  stress, 
does  not  exceed  the  material  yield  strength.  Also,  stresses  at  fillets  or 
holes  with  a concentration  factor  of  three  do  not  exceed  the  material  ultimate 
strength. 

The  fail-safe  scheme  proposed  above  requires  that  panels  adjacent  to  an 
accidental  failure  absorb  up  to  twice  the  load  normally  applied.  This  may  not 
be  possible  if  the  adjacent  panels  are  themselves  near  failure.  It  is  thus 
desirable  to  reduce  the  incidence  of  panels  weakened  by  the  growth  of  large 
initial  flaws.  Therefore,  a leak-before-break  criterion  was  imposed  upon  the 
design  of  the  hull  panels.  In  order  to  formulate  this  criterion  and  gain  some 
insight  into  the  factors  which  affect  the  reliability  of  the  hull  structure,  a 
modified  Forman  equation  [13)  was  used  with  the  assumed  +5%  alternating  stress 
to  determine  the  growth  history  of  a large  initial  flaw.t 

d.  C(AK  )" 

dN  ° 1-R  *^10^ 


C = 0.627  X 10”®;  n = 2.25;  R » = 0.9 

a 

max 


The  initial  flaw  was  assumed  to  be  a semicircular  surface  crack  with  a length 
(2c)  equal  to  0.1  inch  (.0394  cm)  and  a depth  (a)  equal  to  0.05  inch  (.0197 
cm).  For  a semi-elliptical  surface  flaw  [14,15]: 


i It  was  assumed  that  one  or  more  of  the  interior  structures  would  be  fitted 

I out  as  a pressure-tight  "shelter." 

i ^ t 

I Equation  in  units  of  inch/cycle  and  ksl. 
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AKj  = 1.1  Aa  (— )2 


Ao  = O.lo;  Q = 2.3; 


= 1.1 


For  a through-thickness  flaw: 


AKj^  - Aa/ira 


(13) 


The  Forman  equations  for  each  crack-growth  regime  may  be  integrated  from  the 
initial  flaw  size  to  provide  a composite  a vs.  N equation  of  the  form  given 
below: 
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The  appropriate  0 vs.  t relations  can  thus  be  used  in  Eq.  14  to  obtain  log  a 
vs.  log  N curves  for  various  values  of  plate  thickness  and  operating  stress. 

A typical  set  of  outer  hull  plots  for  several  operating  stress  levels  is 
shown  in  Fig.  10.  The  critical  crack  size  and  the  size  at  which  the  hull  is 
first  penetrated  have  been  identified  on  each  curve.  Cross-plots  of  these 
points  determine  the  maximum  operating  stress  (minimum  thickness)  for  which 
leakage  precedes  fracture. 

An  evaluation  of  the  durability  of  the  habitat  structure  is  complicated 
by  several  factors.  Chief  among  these  is  the  fact  that  the  number  of  load 
cycles  experienced  by  the  pressure  hull  (6  x 10^)  far  exceeds  the  durations 
reported  for  experimental  investigations.  Also,  an  endurance  limit  for  steel 
at  a stress  ratio  of  0.9  is  not  well  defined.  Some  justification  for  the 
assumption  that  no  nucleation  occurs  may  be  found  in  the  nominal  static  stress 
levels  summarized  in  Table  IV.  The  most  severe  loading  occurs  in  the  outer 
hull  where  the  stress  level  is  approximately  15%  of  the  ultimate  strength. 

For  crack  propagation,  a threshold  crack  size  at  a fastener  detail  (SCF  * 3) 
was  established  by  solving  Eq.  12  with  AK^  ■ AK  5 

ksli^)  and  ■ 1: 
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1.2lTr  3Ao 


=0.13  inch 
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ASSESSMENT 

The  long  duration  of  the  cyclic  load  history  of  the  space  habitat  consti- 
tuted a central  factor  in  the  structural  integrity  assessment.  The  combina- 
tion of  6 X 10^  cycles  and  a stress  ratio  of  0.9  brings  into  question  the  con- 
cepts of  a fatigue  endurance  limit  for  crack  nucleation  and  a threshold  crack 
size  for  propagation. 

Stress  analysis  calculations  supported  the  potential  fatigue  endurance 
of  the  pressure  hull,  but  the  design  does  not  depend  on  this  potential. 

Instead,  the  leak-before-break  criterion  was  applied  to  protect  the  structure 
against  catastrophic  panel  failures  due  to  routine  defects  and/or  crack  nucle- 
ation. Combination  of  leak-before-break  with  a requirement  for  reasonable 
plate  thicknesses  forced  the  material  selection  to  steel  rather  than  aluminum 
alloys.  A balanced  design  was  achieved,  in  the  sense  that  similar  hull  and 
bulkhead  thicknesses  (for  fabrication  efficiency)  resulted  in  low  stress 
levels  in  the  bulkheads  and  inner  hull,  l.e., those  components  most  likely  to 
be  subjected  to  a corrosive  environment. 

Approximate  residual  strength  calculations  demonstrated  that  adjacent 
components  could  withstand  the  overloads  caused  by  an  assumed  accidental  fail- 
ure of  four  panels  plus  Intersecting  stiffeners.  In  this  respect,  it  is 
interesting  to  note  that  the  residual  strength  design  of  a space  habitat  is 
unique,  in  that  its  operational  loads  cannot  be  reduced,  as  can  be  done  for 
other  aerospace  structures,  when  an  accident  occurs. 

A threshold  crack  size  for  propagation  fatigue  was  calculated  on  the 
basis  of  an  assumed  semicircular  surface  flaw  and  the  estimated  cyclic  loading. 
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Even  if  the  threshold  concept  were  accepted  for  the  service  duration  of  the 
habitat,  the  durability  of  the  structure  would  still  be  in  question  because 
nondestructive  inspection  cannot  be  depended  upon  to  detect  cracks  of  this 
size  (0.11  inch)  with  100%  reliability.  Hence,  other  means  must  be  sought  to 
achieve  the  required  durability.  Leak-before-break  design  has  already  been 
mentioned  in  this  respect.  Other  possible  actions  include  proof  testing  and 
realistic  inspection/repair  schemes.  An  overspin/overpressure  proof  test  is 
included  in  the  habitat  fabrication  scenario  [7]. 

A simple  inspection  scheme  can  be  arranged  by  placing  pressure  taps  in 
each  interhull  compartment,  with  operating  pressures  in  the  compartments  set 
at  two  values,  below  the  habitat  pressure,  in  a checkerboard  pattern.  Com- 
parison of  pressure  readings  from  adjacent  compartments  then  locates  any  leak 
to  within  one  major  hull  component.  Realistic  repair  can  be  achieved  by 
bagging  the  radiation-shield  slag  (for  manual  removal)  and  by  design  of  a por- 
table airlock  which  can  be  positioned,  within  the  habitat,  over  an  access  hatch 
leading  to  the  damaged  compartment.  The  combination  of  measures  outlined  above 
provides  a sufficient  cushion  against  routine  failures  to  make  the  structure 
Independent  of  questionable  fatigue  endurance-limit  concepts. 

CONCLUSIONS 


The  design  process  has  identified  several  areas  which  require  further 
study.  More  detailed  residual  strength  analyses  of  two  types  are  needed: 
elastic-plastic  strength  calculations  to  assess  the  ability  of  lines  of  fas- 
teners to  withstand  "domino"  failure,  and  adjacent-panel  cracking  calculations. 
The  threshold  nature  of  the  design  prevents  the  estimation  of  time  to  loss  of 
fail-safety  by  calculating  the  growth  time  for  routine  damage,  as  is  presently 
done  for  airframes.  Instead,  such  calculations  must  be  based  on  inspection 
reliability.  More  sophisticated  dynamic  analysis  is  required  to  refine  the 
service  load  history.  In  particular,  nutation  effects  due  to  the  motion  of 
large  masses  within  the  habitat  must  be  accounted  for.  A more  detailed  assess- 
ment of  corrosion  fatigue  and  stress-corrosion  cracking  on  the  inner  hull  is 
required.  Finally,  the  effects  of  space  processing  must  be  evaluated,  since 
the  absence  of  atmosphere  during  refining  and  alloying  may  lead  to  mechanical 
properties  better  or  worse  than  were  assumed  in  this  study. 

However,  the  preliminary  design  calculations  indicate  that  construction 
of  a prototype  space  habitat  is  technically  feasible  with  respect  to  long-term 
structural  integrity.  The  achievement  of  structural  integrity  has  resulted  in 
a much  thicker  walled  design  with  much  less  window  area  than  was  previously 
assumed  by  other  investigators.  In  particular,  the  importance  of  considering 
more  than  static  loads  has  once  again  been  demonstrated. 
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Section  2 
JOINTS  AND  MOUNTINGS 


FAILURE  ANALYSIS  OF  SHRIKE  MOUNTING  LUGS 

F.  R.  Stonesifer  and  H.  L.  Smith 
Naval  Research  Laboratory 
Washington,  D.  C.  20375 

INTRODUCTION 


The  Naval  Research  Laboratory  (NRL)  has  on  a number  of 
occasions  provided  failure  analysis  of  missile  components  for 
the  Naval  Ordnance  Systems  Command.  One  such  instance  occurred 
in  a development  program  to  modify  the  standard  Shrike  Mk  39 
air-to-air  missile.  In  an  effort  to  mass-produce  and  economize, 
a new  model,  Ex  53,  was  proposed  as  a replacement  for  the  stand- 
ard Mk  39.  The  proposed  modification  involved  changes  in  both 
fabrication  and  attachment  of  the  mounting  lugs.  These  lugs, 
a forward  tee-bar  and  two  aft-hooks,  on  the  Ex  53  motor  case, 
were  failing  during  the  Navy  acceptance  test.  This  was  unexpec- 
ted since  the  Mk  39  motor  cases  had  routinely  passed  these 
vibration  tests.  NRL  was  asked  to  study  the  problem  and  propose 
remedial  measures. 


FORMULATION 


Two  complete  motor  cases,  a Mk  39  and  an  Ex  53,  were  sent 
to  NRL  for  examination  and  comparison  along  with  two  (Ex  53) 
mounting  lugs  which  had  failed  during  testing.  Three  additional 
failed  lugs  were  provided  later  from  tests  with  better  docu- 
mentation. 

The  lugs  function  to  attach  the  cylindrical  exterior  casing 
of  the  rocket  to  a launching  track  on  the  under  side  of  the 
aircraft.  The  general  configuration  and  location  of  the 
mounting  lugs  may  be  seen  in  Figure  1.  All  that  was  known  about 
the  first  two  failures,  one  in  an  aft-hook  and  one  in  a forward 
tee-bar,  was  that  they  occurred  during  vibration  testing.  A 
third  specimen  was  obtained  from  an  aft-hook  which  failed  just 
prior  to  completion  of  the  required  forty-hour  vibrational  test 
at  -65°F.  Here  crack  growth  had  been  detected  by  a decrease  in 
resonant  frequency  as  the  crack  extended.  A fourth  failure 
occurred  in  another  aft-hook  near  the  end  of  a forty-hour 
vibration  test  at  +160‘’F.  Separation  occurred  in  the  lug  while 
the  loading  frequency  was  swept  back  and  forth  between  500  and 
2000  Hz  with  a maximum  loading  of  9G . This  failure  was  report- 
edly different,  having  occurred  very  suddenly,  unlike  that  of  a 
normal  fatigue  failure.  The  fifth  and  final  specimen  was  from 
a forward  launch  hook  tee-bar  which  failed  near  the  end  of  a 
forty-hour  vibration  test  at  room  temperature. 
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Figure  1:  Shrike  Mk  59  and  Ex  53  motor  cases. 
(Ex  53  in  foreground) 


ASSESSMENT 


Our  study  commenced  with  collection  and  consideration  of 
available  circumstantial  evidence.  The  Mk  39  motor  cases  had 
been  routinely  passing  vibration  tests  while  the  Ex  55  cases 
were  frequently  failing.  The  method  of  aft-hook  attachment 
had  been  changed  from  a "strap-on"  construction  in  the  Mk  59  to 
a welded  joint  for  the  Ex  53.  This  change,  as  seen  in  Figure  1, 
was  not  under  suspect  as  the  culprit  since  failures  were  ob- 
served in  the  mounting  lugs  away  from  the  lug-to-case  weld; 
furthermore,  the  rigidity  of  the  hooks  had  not  been  affected  by 
the  design  modification. 

The  tee-bar  and  one  aft-hook  were  removed  from  each  of  the 
two  Shrike  cases.  Figure  2.  Both  tee-bar  lugs  were  found  to 
have  standard  acceptable  radii.  However,  an  additional  bevel 
on  the  lower  edge  of  the  Mk  39  cross-bar  should  have  reduced 
stress  concentration  at  the  end  of  the  fillet.  The  external 
edges  on  the  aft-hook  are  much  sharper  in  the  new  design.  It  is 
common  knowledge  that  radii  in  fillets  contribute  significantly 
to  fatigue  life  of  metal  components.  However,  this  is  also  true 
of  external  radii  where  fatigue  cracks  often  initiate  at  highly 
stressed  sharp  corners.  These  external  radii  are  shown  as 
optional  in  the  specifications. 


2.1.2 


Figure  1(b):  Dimensional  details  of  the  mounting  lugs.  Radii 
and  bevels  shown  as  optional  were  omitted  for  the 
Ex  53  model.  The  crack  Initiation  zones  are 
indicated  by  the  shaded  areas  in  the  lower  left- 
hand  drawing. 


1 
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Figure  2:  Aft-hook  and  tee -bar  mounting  lugs  from  Mk  7>9  (right) 

and  fx  a A (left)  SFirike  motor  cases. 

Results  from  chemical  analysis,  hardness  tests,  and  micro- 
graphs of  polished  and  etched  sections  reveal  a number  of  dis- 
crepancies between  the  two  cases.  Table  I . In  particular,  the 
lugs  from  1;  X .S  .A  cases  were  s I i g li  t I y harder  and  therefore  p r o - 
ably  more  brittle.  In  order  to  avoid  the  more  expensive  forg- 
ing and  casting  processes,  the  manufacturer  was  permitte.’  Co 
machine  the  lugs  from  extruded  bar  stock.  I his  resulted  in 
elongated  inclusions  and  segregation  oriented  in  the  worst 
possible  direction  for  the  end  product.  Both  the  43.A5V  and 
4340  steels  showed  the  typical  tempered  martensite  structure  as 


TABLE  I.  Comparisons  Between  Mounting  I^ugs  on  Shrike  MK  39  and  Ex  5.3  .Motor  Cases 


EX  53 

MK  39 

.Material 

4335V 

4340 

Hardness 

50  Rc 

4 3 Re 

Approximate  Tensile  Strength 
(based  on  hardness) 

243  Ksi 

200  Ks! 

Tee  Bar 

Grain  size 

ASTM 

ASTM  =9 

Structure 

Tem|)ered  Martensite 

'I'empc'n'd  M:u-tensite 

Inclusions 

A few  rounded  inclusions 

A few  small  inclusions 

Flemarks 

Pronounced  segregation 
fiaralli'l  to  notch.  Prob- 
ably bar  stock. 

Forging  with  slight 
segregation. 

Material 

4335V 

17-4  PH 

Hardness 

40Ro 

41  Re 

Approximate  Tensile  Strength 
(based  on  hardness) 

215  ksi 

1S8  ksi 

Aft  Hook 

Grain  size 

A. STM  #9 

t'oarse  Grain 

Structure 

Tempered  Martensite 

Age  hardened  marUm- 
site  with  some  delta 
ferrite 

Inclusions 

Elongated  sulfide  inclu- 
•sions  (larallel  to  notch 
axis 

Remarks 

Practically  no  segregation 

Casting 
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I a I N i t ii  1 (.'tch,  apiirox.  "0(1  x (b)  Cupric  chloride  etch, 

approx.  .SO  x 

I ii^urc  .i  : ly|)ical  in  i c ros  t rue  ture  (a)  leniperi'd  martensiti'  of 

■l-SSTiV  ( 1!  X .S.S  ) and  I-S-IO  (Mk  59')  lui;s;  (1))  I.sland.s  of 
d e 1 t a - f e r r i t e in  age-hardened  niarten.site  in  17-)  I’ll 
c a .St  in  g [ M k .S  9 ) . 

pictured  in  I'igure  .Sa  . The  17-4  i’ll  casting  had  a somewhat 
d i f 1'  e r e n t structure  in  which  islands  of  d e 1 t a - f c r r i t e were 
surrounded  hy  age-hardenel  in.a  r t en s i t e , i-'igure  .Sh  . figure  4 
s h o w s the  elongated  s u 1 f i u e type  inclusions  typical  of  t h e 


I'igure  4:  I.  o n g i t ud  i n ,'i  1 section  througli  lix  .S  .S  aft  liook  showing 

typi  al  sulfide  tyjie  inclusions  aligned  parallel  to 
notch  axis  ( u n e t c h e U , 70x1. 
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'y,sn 


1 o n g 

i t ud 

i n a 

1 1 a n e 

t h rough 

the  lx  As  aft-hoo 

k s . 

V i n:  i 1 a I’ 

Sect  i 

ions 

t h 

rough  th 

e Mk  a 9 

lugs  s h o w d only 

a f cw 

globular 

O X 

i d e 

t y p e 

i n c : 

lus 

i on s . f 

i g u r e .A 

illustrates  the  d 

i f f e r i 

1 n g grain 

f 1 

0 w 

in  the  extruded  h x fi  .x  and  the  forced  ''Ik  a 9 t c e - b a r s 


( a ) lb) 


1 i.^iire  r,  ; l.oni;  i t ud  i na  1 plane  tliroui;h  tee-bar  1 u i;  s (a)  1!  x a a , 

( t)  ) Mk  a 9 (ajiitrox.  a . h x I . 

As  stated  earlier,  five  fracture  surfaces  were  available  for 
examination.  All  were  from  b x STi  mounting  lu^s  which  had  failed 
during  various  phases  of  the  vibrational  part  of  the  acceptance 
t e s t i n It  . 1 h e first  two  specimens  were  r e c e i v e d i n p o o r c o lul  i - 

lion.  Kenioval  of  dirt  and  rust  revealed  typical  fatiyue  t v ji  e 
t lac  tun  surfaces  as  shown  in  I ijt.  (>  . l.ach  fracture  originated 
from  a s i n t;  I e surface  flaw  near  a corner  at  an  internal  rr.dius, 
and  showed  considerable  amount  of  slow  crack  propagation  before 
last  fracture  led  to  comjilete  separation.  I- i g . shows  several 
views  of  two  aft -hook  lug  failures.  Both  failures  initiated  at 
''  fillet  on  the  inside  corner  of  the  hook.  One  surface,  shown 
on  the  left  of  figure  7 , shows  a t y i c a 1 flat,  r e 1 a t i v e 1 v 
featureless,  slow  growth  fatigue  area  to  a point  where  the  crack 
velocity  became  unstable.  The  resulting  f.ist  fracture  then  prop- 
ai'.ated  quickly  through  the  remaining  section.  The  other 
failure,  pictured  on  the  right  of  figure  7 , was  r e ]U)  r t e d to  have 
occurred  very  suddenly.  The  fracture  surface  has  a ji renounced 
woody  texture,  probably  due  to  the  [iresenct'  of  many  elongated 
inclusions.  Ihe  primary  fracture  origin,  indicated  by  a ii  arrow, 

1 again  at  the  surface  of  an  inside  radius  near  one  edge  of  the 
hook.  However,  in  this  failure  there  is  no  evidence  of  fatigue 
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I imiri.'  () ; ['racturc  surfaces  from  two  Shrike  lix  53  mounting  lugs 
which  failed  during  vibration  testing  (a)  Tee-bar 
failure,  ( b ) A f t h o o k failure. 


crack  growth,  thus  s ub s t a n t a t i n g the  reportedly  sudden  failure. 

).  n 1 ,1  r g emc  n t s of  the  two  fracture  surfaces  are  shown  for  com- 
pa  risen  i n 1-  i g u r e H . 

Ihe  o n i'  remaining  fracture  surface,  that  of  a forward  launch 
hook  (tee-!iarj  is  shown  in  figure  '.)  . I' he  jirimary  origin, 

I n d i c a ted  b y an  arrow,  is  a t an  inside  radius  where  a beveled 
edge  of  the  tee-flange  joins  the  center  load  bearing  member, 
rhe  crack  propagated  in  fatigue  for  some  distance  before  insta- 
bility occurred. 

One  finds,  in  each  instance,  grain  flow  and  resultant  elon- 
gated inclusions  perpendicular  to  the  principal  stresses  imposed 
in  tile  lug.  Such  metallurgical  defects  could  result  in  a lower 
fracture  strength  and  shorter  fatigue  life.  The  fractures  all 
originated  at  the  surface  of  inside  radii.  These  surfaces  did 
not  have  a particularly  good  surface  finish  and  tool  marks  were 
evident  in  most  cases. 

CONCl.lISlONS 

In  attempting  to  eliminate  mounting  lug  failures  in  the 
lx  .5  3 Shrike  missiles  and  thus  to  ensure  passage  of  the  quali- 
fying vibration  tests,  the  following  modifications  were 
suggested . 
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(b  ) 

f i,i;uri.'  H : Iractiirc  surfact-s  from  two  Slirikc  i'x  S,>  aft-liook 

mounting  lugs.  ( a ) Showing  e x t o n s i v o f a t i g u e - c r a 
growth,  (b)  Showing  a pronoun  cod  woody  texture  wi 
no  evidence  of  fatigue. 

i)  (ihange  heat  treatment  for  the  mounting  lug  material 
as  to  result  in  a strength  .^evel  nearer  the  specified  lower 
limit  of  19  0 ksi  { 1 . 1 x 10'  MPa.)  l!onsider  adding  an  upper 
limit  to  till.'  specifications.  f h e size  of  the  slow  growth  a r 
on  the  fracture  surfaces  indicates  that  the  sections  arc  sti 
being  stressed  well  h e 1 o w the  y i e 1 <.1  strength  for  the  materia 
I he  additional  strength  is  not  retjuireil  and  the  additional 
fatigue  lift'  of  the  softer  material  would  b e b e n e f i c i a 1 . 
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lisuro  9:  Ir;icture  surface  from  tee-bar  mounting  lug  on  a 
Shrike  f. x motor  case. 

2)  Increase  the  radius  of  curvature  on  lug  sections  and 
fillets  wherever  possible.  Make  such  radii  mandatory  rather 
than  optional. 

3)  Require  a better  surface  finish  to  reduce  tool  scratches, 
especially  in  highly  stressed  fillet  areas. 

4)  Make  measurements  of  the  magnitude  and  variability  of 
stresses  imposed  during  clamping  in  tost  stand.  iistablish  some 
standard  procedure  to  insure  that  stresses  imposed  during 
mounting  are  not  excessive  but  realistic  when  compared  to  in- 
scrvice  conditions. 

.3)  Change  to  the  use  of  vacuum  rcmelted  material  for  the 
lugs  if  necessary.  I’ he  additional  cost  will  be  justified  by 

improved  performance  from  the  cleaner  material. 

RLFKRIiNCES 


Stonesifer,  F.  R.,  Smith,  H.  h.  and  Romine,  H.  I;.,  "Failure 
Analysis  of  Shrike  Components,"  NRL  Memorandum  Report  1854, 
February  1968. 
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ANALYSIS  OF  HEAVY  LIFT  HELICOPTER  (HLH) 

ROTOR  HUB  LOWER  LUG 

Joseph  C.  Zola 
Boeing  Vertol  Company 
P.O.  Box  16858 
Philadelphia,  Pennsylvania 
19142 

INTRODUCTION 

The  Heavy  Lift  Helicopter  (HLH)  rotor  hub  and  crossbeam 
assemblies,  figure  1,  were  designed  for  safe  life  capability 
and  for  fail  safety. 

Safe  life  is  a design  philosophy  applied  to  fatigue  critical 
helicopter  components  in  which  a service  life  is  established  and 
the  component  is  removed  from  service  at  or  before  this  interval 
to  preclude  catastrophic  failures.  The  safe  life  design  objec- 
tive for  the  HLH  hub  and  crossbeam  is  3600  hours. 

Fail  safety  is  a design  philosophy  applied  to  fatigue  critical 
helicopter  components  in  which  features  are  incorporated  into 
the  design  which  will  permit  the  timely  detection  of  fatigue 
damage  and  provide  operational  safety  in  a degraded  mode.  The 
hub  and  crossbeam  were  designed  to  be  capable  of  sustaining 
limit  load  after  one  of  the  four  lugs  has  completely  failed  and 
to  have  100  hours  of  safe  life  based  on  mean  -la  endurance 
limit . 

Three  rotor  hub  and  crossbeam  assemblies  were  fatigue  tested  in 
the  laboratory  to  demonstrate  capabilities  of  the  design. 

The  safe  life  for  the  hub  and  crossbeam  is  2645  hours  based  on 
the  mission  profile  used  and  it  is  believed  that  additional 
testing  and  the  elimination  of  fretting  would  demonstrate  the 
achievement  of  the  3600  hour  safe  life  goal. 

In  the  three  tests,  fatigue  cracks  occurred  in  the  hub  lugs, 
crossbeam  bosses  and  bushings,  figure  2.  The  fail  safety  goal 
was  partially  achieved.  The  hub  plate  with  fatigue-induced 
cracks  in  one  lug  and  in  the  corresponding  crossbeam  boss  sus- 
tained Vjj  level  flight  loads  for  an  equivalent  of  ten  flight 
hours  in  test.  In  addition,  the  capability  to  sustain  limit 
load  with  a simulated  complete  failure  in  one  lug  was 
demonstrated. 

Fracture  mechanics  theory  was  used  in  a failure  analysis  to 
demonstrate  a correlation  with  test  results  that  verified: 
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1.  Fracture  toughness  of  the  (a  + B)  STOA  6 A1-4V 
titanium  meets  specification  requirements. 

2.  The  fatigue  loads  portion  of  the  test  spectrum 
loading  produced  rapid  fatigue  crack  growth  rates. 

FORMULATION 

Fracture  of  the  rotor  hub  lower  lugs  was  attributed  to  one  of 
three  possibilities: 

1.  low  fracture  toughness,  Kj, 

2.  rapid  fatigue  crack  propagation  rates  at  all 
operational  stress  levels,  or 

3.  fretting  (crack  initiator) 

Each  of  the  three  can  be  evaluated  by  using  fracture  mechanics 
theory,  measured  lug  stress  levels,  and  known  fatigue  c ack 
propagation  rates  for  titanium  forging. 

The  fracture  toughness,  K^-.,  of  a structure  can  be  defined  as 
the  maximum  stress  intensity  factor,  Kmax'  which  the  struc- 
tural material  will  fail  (Kc  = Kmax^ • 

If  the  stress  at  failure  is  known,  and  a flaw  shape  is  deter- 
mined from  the  fracture  surface  it  is  possible  to  estimate  the 
fracture  toughness  of  a given  structural  component.  In  the 
case  of  the  HLH  rotor  hub  lower  plate  lead  lug,  the  flaw  shape 
at  the  onset  of  rapid  fracture  is  a semi-circular  flaw  ema- 
nating from  near  one  corner  of  the  lug  when  viewed  normal  to 
the  fracture  surface,  figure  3. 

c = . 188",  ^ = 3.09 


Figure  3.  Fracture  Surface 
Flaw  Shape  - HLH  Lower  Lead 
Lug 
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'A'  represents  the  transition  from  fatigue  crack  propagation 
to  the  onset  of  failure  of  the  lug.  This  boundary  defines  the 
flaw  shape  for  describing  the  fracture  of  the  lug.  For  the  lug 
failure,  the  stress  intensity  factor  at  failure  is  determined 
from  the  following  relationship: 


K . = a . 

maximum  maximum 


where  o is  the  maximum  gross  stress  in  the  section 

maximum  ^ 

b is  the  depth  of  the  crack  into  the  bore  of  the  lug 
/1.95\is  a value  based  on  the  shape  factor,  2c,  of 
\ ^ } b 

the  flaw,  figure  4. 

F is  a correction  factor  for  the  presence  of  a 

hoie  at  the  edge  of  the  flaw  with  r = 1.125  inches, 
figure  5. 


1.95 


) ^ ^(1) 


(1) 


rUMI  Siupe  fACTOK  2c 
“F 


ri9ur«  4. 


Variation  of  Surfaca  Flaw 
Flaw  Shapa  Factor,  2c 


Corraction  Factor 


with 


i 
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Normally,  the  solution  to  equation  (1)  is  based  on  the  maximum 
gross  section  stress.  However,  the  stress  concentration  effect 
due  to  the  hole  causes  very  high  local  stresses  at  the  chamfer, 
and  a calculation  based  on  this  stress  level  gives  an  indication 
of  what  is  occurring  very  locally  near  the  flaw  initiation.  As 
a result,  both  calculations  define  a range  of  values  to 
compare  with  basic  material  properties. 

To  provide  answers  regarding  fatigue  crack  growth  rates  and 
crack  initiation  attributed  to  fretting,  two  fracture  mechanics 
models  were  developed.  A conservative  model  representing  the 
actual  geometry  of  the  lug  is  used  to  predict  crack  growth  for 

a corner  flaw.  As  a check  on  the  severity  of  this  model,  and 

its  impact  on  predictions,  a second  model,  labeled  unconserva- 
tive, which  eliminates  entirely  the  magnification  factor  in 
stress  intensity  factor  due  to  the  lug  geometry  (i.e.,  depth 
and  width  dimensions)  but  retains  the  corner  flaw  correction 
factor  was  also  used.  See  figure  6. 

• Conservative  Ira'ture  Mechanics 
Modi- 1 -con.s  1 St  s of  a corner  flaw 
oriqinatin;  fron-  a luu,  and 
incluii  s i : 1 *,  f the  effect 

of  t h*  ■ 1 . I )• ' 'VM  ■ ^ I y I 1 . e . , a 

bourn  1 a r , ' lit-  to  t he 

d 1 rrie -1  s i I ; I I . 


tr  lor  .iic  Mechanics  Models  For  Lug  Analysis 


d . J . () 


F 1 U u I e * I 1 . 


• Unconservative  Fracture  Mechanics 
Model  - A corner  flaw  simulation 
with  no  boundaries  defined  for  the 
lug  dimensions.  This  model  does 
not  include  a stress  concentra- 
tion magnification  factor  for  the 
lug  geometry- 

Figure  6b  Fracture  Mechanics  Models  For  Luej  Analysis 

The  unconservative  model  is  the  most  optimistic  representation 
which  could  possibly  be  made.  The  mathematical  relationships 
for  stress  intensity  factor,  are: 

‘K  ' fd)  (I) 


where  Ao  is  the  stress  range,  o 

^ max 


a . 
mm 


TeTT  ^ 1.486  for  ^ = 3.09  from  figure  4. 

b is  flaw  depth,  inches 
F ^pjis  defined  in  figure  5. 


1.0473  + 0.6395 


0. 1 545 
1.0985 


for  the  lug  simulation  including  the  stress 
concentration  magnification  factor  for  lug 
geometry 


(3) 


1.0 


for  the  lug  simulation  excluding  the  stress 
concentration  magnification  factor  for  lug 
geometry 


The  approach  used  is  to  calculate  back  from  the  failure  and 
the  known  test  conditions  at  failure.  By  computing  the  stress 
intensity  range  factors,  AK,  which  correspond  to  the  test  stress 
levels  and  assumed  flaw  sizes,  one  can  determine  the  crack 
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growth  rates  associated  with  each  stress  level.  From  these 
calculations  it  is  then  possible  to  identify  what  combinations 
of  initial  flaw  size  and  load  conditions  cause  failure,  and 
when  failure  would  occur  rrom  these  assumed  initial  conditions. 

The  initial  flaw  sizes  selected  are  0.02,  0.03,  0.04,  0.047, 
0.048,  0.07,  and  0.12  inch  deep.  The  shape  factor  of  ^ = 3.09, 
figure  4,  is  assumed  for  all  flaws.  b 

The  Heavy  Lift  Helicopter  rotor  hub  material  is  an  alpha-beta 
6A1-4V  titanium  forging  which  has  been  solution  treated  and 
overaged  (STOA) . Predictions  of  the  number  of  fatigue  cycles 
for  crack  growth  have  been  accomplished  by  using  the  6A1-4V 
(a  + 6)  STOA  titanium  forging  crack  propagation  characteristics 
shown  in  figure  7.  This  measured  data  is  from  the  HLH  ATC 
Titanium  Materials  Evaluation  Program,  Reference  (1),  and  is 
representative  of  the  stress  ratios  encountered  in  the  load 
conditions  of  the  HLH  rotor  hub  fatigue  testing. 

The  lug  geometry,  fatigue  test  loads,  and  lug  measured  stresses 
are  presented  in  figure  8,  and  Table  I. 


fiqur*  7.  Fatique  Crack  Growth  Rata  for  6A1-4V  STOA  Forqinq 
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= 2.25  Inches 
= 3.00  Inches 
= 1.065  Inches 


Hub  Lug  Geometry 


T«bU  t. 

HISTORY  or  H1.H  KOTOK  IK'S  TATIIUT  TCST 


TEST  SPECIKIN  CCNFICI’RATIOS 

I.OADIKC  CONMTION 

CYCLTi:  10^ 

# 

W:SCLTS,'-CrKKFNTX 

VTRT  SHiAH  (Its) 

Piberglide  c'dted  sleeve  bushings  - 
Lead  Side 

FH/IOOC  ccated  .sleeve  bushings  - 
Leg  Side 

Wesh«r«  (4  per  side) 

(2  alacninum  brenee 
(2  tungsten  tsibide 

•h«a>  Pins:  fiberglide  coated  > 

Iced  side 

r/MlOOO  costed  - 
leg  side 

1-’1,500 

t 27,800 

t 44,540 

R 

.078 

Aluniinu*  bron7e  sleeve  bushings 
Washers  (2  per  side): 

Aluminum  Bronze/bkunol 

Tungsten  carbide  coatings 

Shear  Pin:  ATC  Configuration 
(Sermete  1 ) 

171,500 

' 10. 590 

m 

B 

2.41 

PRE-FATIGLT 

Endurance  Test 

171,500 

t27,800 

t 44.540 

1 

. 104 

FATIGUE  TEST 

Shear  Pins  Failed 

Aluminum  Bninze/i  Voncl  c ated 

Flange  bushings  with  !^ernw>tel  o.D. 

Shear  Pins-.  Increased  flange 
thickness  (shot  peened) 

171,500 
f 14.120 

D 

.007 

PHE-FATIGOE 

Endurance 

Test 

171,500 

1 11,100 

mUm 

■ 

.161 

171, 50J 
«10,600 

t 16.600 

■ 

2 . 25 

171,500 

127,800 

i 44,540 

1 

.0)2 

FATIGUE  TEST 

Lower  Hub  Plate  Lugs 
Fal  led 

“'j 
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D. 
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Figure  8.  Rotor 


ASSESSMENT 


As  shown  in  Table  II,  the  average  fracture  toughness  of  the 
HLH  rotor  hub  lower  plate  lead  lug,  assuming  a uniaxial  stress 
exists  normal  to  the  fracture  surface,  is  113400  psi  ^Tn? 


TabU  XX. 

SUMMARY  or  FRACTURE  TOUGHNESS  (!(<*)  CALCULATIONS 


LOAD 

CONDITION 

STRESS,  PSI 
'^m&x 

CRACK 

DEPTH 

b 

INCH 

1 ” 

FRACTURE 

TOUGHNESS 

Kc 

PSI  yru 

COMMENTS 

At  chufttr 

67180 

139890 

On«  cr*ck  UniAxlAl 
Str*at  Mod«l 
figure  S 

Averaq*  valu*  113400 

G 

Av«r«9«  grosf 

•tr«sa 

41750 

1.486 

.85 

.922 

1.52 

16900 

At  ch«mf«r 

67180 

121480 

Ona  crack  Biaxial 
Strata  Modal 

Xi^ura  5 

Avaraga  valua  98500 

Av«r«9«  groii 

6tr€«« 

41750 

1.486 

.85 

.927 

l.)2 

75500 

Figure  9 demonstrates  that  the  IILH  rotor  hub  lower  plate 
material  is  typical  (a  + g)  6A1-4V  titanium  forging  even  on 
the  basis  of  the  lowest  fracture  toughness  value  calcualted  in 
Table  II,  and  indicates  that  the  material  meets  material 
specifications. 
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Life  predictions  for  the  two  lug  models  are  summarized  in 
Tables  III  and  IV.  Both  models  produce  the  same  conclusions. 
Although  the  computed  number  of  fatigue  cycles  for  the  two 
models  differ  for  each  condition,  one  can  see  by  reviewing 
Tables  III  and  IV  that  both  models  agree  in  the  prediction  of 
the  load  condition  which  causes  failure.  For  example,  if  a 
0.03  inch  deep  initial  flaw  existed  at  the  initiation  (I)  of 
load  condition  A,  the  conservative  fracture  mechanics  model 
shows  failure  of  the  lug  in  37225  cycles  into  load  condition  B. 
The  unconservative  model  also  shows  failure  in  condition  B,  but 
after  656240  cycles  into  load  condition  B. 

In  Tables  III  and  IV  it  is  not  important  ^^o  place  significance 
in  the  differences  in  numbers  between  the  two  models.  These 
differences  are  reasonable  for  fracture  mechanics  calculations. 
The  significant  single  conclusion  which  computations  show  by 
either  method,  and  which  is  conveyed  in  the  comparison  of  the 
two  summary  tables  is  that: 

If  any  given  initial  flaw  or  defect  size  between  0.02  and 
0.12  inch  (and  greater)  existed  during  any  load 
condition  except  the  final  two  fatigue  tests,  a failure 
would  have  occurred  much  earlier  than  it  did.  All  load 
conditions  will  cause  a crack,  once  initiated,  to 
propagate.  The  stress  intensity  range  factors,  AK, 
encountered  are  such  that  once  a crack  does  start,  the 


TABLE  trr.  TRACTURg  WTCHAWtCS  MODEL  fOft  LUC  IHCLUriSC  CF.OMF.TUX  IVELUCNCE 


LOAD 

CONDITION 

INITIAL  ELAN 

STARTS  AT  INITIATION 

<U  OR  TERMINATION 

(T)  or  RUN 

CONSERVATIVE  fRACTURE 

MECHANICS  M^)DFL 

(INCMrASf.O  STRfJS.S  CONCENTRA- 
TION t:FKI;CT  DUE  TO  A 

FArT(iR  FOR  C.FOMETRIC 

LUO) 

NACNIFICATION 
BOUNDARirS  or 

IHl'^lAL  FLAN  SIZE,  b,  INCHES 

0.02 

0.0) 

0.  04 

0.047 

im 

IHB 

A 

78000  CYCLES 

I 

failure 
69900 
Cycles 
Into  B 

failure 
)7229 
Cycles 
into  B 

failure 

)20 

Cycles 
into  B 

Failure 
Occurs 
in  )0940 
r^/cles 

Fai  lure 
Occurs 
in  2790 
Cycles 

Failure 

in 

1400 

Cycles 

T 

failure 

in 

799000 

Cycles 

fai  liire 
in 

692000 

Cycles 

Failure 

in 

572O00 

cycles 

Fai  lure 
217)10 
Cyrlps 
into  B 

(allure 
17900 
Cycles 
into  B 

Failure 
8400 
Cycles 
into  B 

B 

J410000  CYCLES 

I 

Failure 

in 

799000 

Cycles 

Failure 

692000 

Cycles 

Fai  lure 

in 

972000 

Cycles 

Failure 

in 

217)30 

Cycles 

Failure 

in 

17900 

Cycles 

Failure 

in 

8400 

Cycles 

T 

1 

fsilure 
897)0 
Cycles 
into  C 

failure 
8)480 
Cycles 
into  C 

Failure 
80190 
Cycles 
into  C 

Fai lure 
10940 
Cycles 
into  C 

Fai lure 
2790 
Cycles 
into  C 

failure 
1400 
cycles 
into  C 

C 

104000  CYCLES 

I 

failure 
occurs 
in  897)0 
Cycles 

Failure 
occurs 
in  8)480 
Cycles 

failure 

in 

80190 

Cyt'Ies 

Fai lure 

in 

30940 

Cycles 

Failure 

In 

2790 

<>cles 

Pai lure 
in 

1400 

cVeies 

T 

failure 

oocurs 

iPtr  f; 

failure 

occurs 
11940 
Cycles 
inU>  Y. 

1 

Fai lure 
creurs 
11940 
Cycles 

F.II  lure 

omirs 

11940 

Cycles 

Failure 
3790 
Cycles 
into  D 

failure 

1890 

Cycles 
into  0 

0 

1 

failure 

Oocurs 

1)7200 

cycles 

intn  E 

H 

Failure 

Ocrurs 

119000 

Cycles 

Fa  1 1 ore 

IIMO 
CycUs 
inu>  E 

Failure 

in 

3790 

Cycles 

Failure 

in 

1890 

cyrjps 

T 

failure 
147900 
Cycles 
into  E 

Fai  lure 
1)4000 
eyries 
into  E 

Failure 
126600 
Cycles 
into  E 

Failure 
48290 
cycles 
into  E 

fai lure 

4 300 
Cycles 
into  F 

fa  1 1 ure 

2120 
cycles 
into  F 

I 

failure 

in 

147900 

Cycles 

failure 

in 

1)4000 

Cycles 

Failure 

in 

126600 

cycles 

B 

Fai  lure 

in 

4 300 
Cycles 

HI 

GSSM 

181000  CKUB 

T 

failure 
199900 
Cycles 
into  f 

fai  lute 
166900 
Cycles 
into  f 

Fai lure 
190400 
cy-ies 
into  P 

Fai  lure 
97290 
Cyi-lPS 
into  F 

fa i 1 un* 
4900 
Cycles 
into  F 

fai lure 

2400 
tycles 
into  F 

f 

1 

failure 

in 

199900 

Cycles 

failure 

m 

166900 

Cycles 

far  lure 

In 

190400 

eyries 

Pai lure 
in 

97290 

Cycles 

Failure 

Ui 

4900 

cycles 

PBI 

■1 

2790000  riCUK 

T 

fai lure 
897)0 
eyries 
into  C 

'ai  lure 
81480 
>rles 
into  C 

Fai  1 lire 
80190 
ly-les 
into  <• 

Fa)  lure 
12000 
tVles 
into  G 

Failure 
2790 
Cycles 
into  G 

Failure 

1400 
'ycles 
into  G 

G 

I 

failure 

in 

•97  M 

Cycles 

^ailise 

in 

l)480 

'ycles 

Failure 

in 

80190 

'yelss 

Failure 

in 

32000 

cyrlcs 

fSi  lure 
in 

2790 

Cycles 

pg 

91 

12000  CIOA 

■ 

■ 

■ 

■ 

■ 

■ 
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TXBLC  IV.  IRACTURE  rtCCtlANICS  WDn.  rf»R  LUO  LXCLUDINO  CrOHKTRY  INPLUENCE 


UNCON5RSVATIVE  FRACTURE 
MLCIlANICr,  MODEL 

(RIDCCED  STRESS  CnNCENTRATIOM 

Err/rT  by  elimination  of 

MACWinCATlON  EACTViR  FOR 
CEOftETRIC  BOUNDARIES  OF  LUCJ 


progression  is  extremely  rapid  under  constant 
amplitude  loading  conditions. 


The  extremely  rapid  mode  of  failure  has  been 
verified  by  metallurgical  analysis  and  evaluation 
of  the  fracture  surfaces  of  the  lugs. 

Failure  at  32000  cycles  into  the  last  fatigue  test  is 
feasible  in  two  situations.  If  a defect  equal  to  or 
greater  than  .047  inch  deep  was  introduced  by  some 
means  during  the  early  stages  of  the  final  fatigue  test, 
a rapid  failure  could  occur  in  32000  cycles- 

Now,  theoretical  calculations  indicate  that  for  the 
constant  amplitude  loading  condition  G,  the  flaw  had 
to  be  at  least  as  great  as  .047  inch  deep,  to  propagate 
to  failure  in  32000  cycles.  If  the  initial  flaw  was 
smaller  than  .047  inch  deep,  the  flaw  initiated  during 
some  earlier  load  condition.  This  earlier  load  condition 
might  be  one  of  the  pre-fatigue  load  conditions  D,  E 
I or  F.  The  calculations  show,  however,  for  even  the 

smallest  flaw  of  0.02  inch  that  if  the  flaw  started 
in  D,  E,  or  F,  failure  would  have  to  have  occurred  in 
load  condition  F. 

By  the  numbers,  then,  it  is  not  possible  for  the  flaw 
to  have  initiated  during  the  pre-fatigue  endurance  testing. 
Also,  there  is  a practical  consideration  which  must  be 
included  and  which  provides  a logical  explanation  for  the 
failure  sequence. 

Following  the  second  fatigue  test  you  note  that  the  load 
conditions  D,  E,  and  F of  the  pre-fatigue  endurance  test 
step  down  in  load  levels.  Stepping  down  in  load  will 
arrest  crack  growth. 

The  duration  of  arrestment  cannot  be  predicted  without 
test  data,  but  in  general,  the  arrest  time  increases  as 
the  step  load  increases. 

The  magnitude  of  the  change  in  load  conditions  between  the 
fatigue  test  condition  C,  and  the  pre-fatigue  endurance 
test  load  conditions  D,  E,  and  F are  such  that  without 
question,  it  is  possible  that  a flaw  or  defect  initiated 
during  or  at  the  end  of  the  fatigue  test,  load  condi- 
tion C,  was  arrested  during  the  pre-fatigue  endurance  test, 
and  started  to  propagate  immediately  at  the  start  of  the 
final  fatigue  test,  load  condition  G. 
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CONCLUSIONS 


By  using  fracture  mechanics  theory,  measured  stress  levels, 
and  the  known  crack  propagation  rates  for  (a  + B)  STOA  6 A1-4V 
titanium  forging,  it  can  be  shown  that  the  fracture  toughness 
of  the  HLH  rotor  hub  lower  plate  meets  specifications  for 
toughness,  and  crack  growth  rates  are  such  that  the  failure  of 
the  lower  lead  lug  occurs  rapidly  and  most  probably  occurred 
in  one  of  two  ways: 

• The  crack  initiated,  and  then  propagated  to 
failure  during  the  final  fatigue  test 

• The  crack  initiated  during  or  at  the  end  of  the 
second  fatigue  test,  was  arrested  during  the 
pre-fatigue  testing,  and  started  to  grow  again 
in  the  final  fatigue  test  where  failure 
occurred  in  a relatively  small  number  of  cycles. 

Crack  initiation  is  attributed  to  fretting.  Metallurgical 
examination  of  the  fracture  face  of  the  lug  confirmed  that  the 
initiation  point  of  the  flaw  occurred  in  a region  of  fretting. 
The  application  of  fretting  inhibitors,  tungsten  carbide  and 
aluminum  bronze/ekonol , as  shown  in  figure  10  would  eliminate 
fretting,  and  the  safe  life  goal  of  3600  hours  can  be  achieved 
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THE  CHARACTERISATION  OF  CRACK  GROWTH  AND 
FRACTURE  IN  A MILITARY  BRIDGE 


Dr  N J Adams,  Senior  Inspector 
Nuclear  Installations  Inspectorate 
Thames  House  North,  Millbank,  London 

and 


D Webber,  Principal  Scientific  Officer 
Military  Vehicles  Engineering  Establishment 
Christchurch,  Dorset 


INTRODUCTION 

The  service  environment  of  a military  bridge  is  such  that  high  quality  defect 
free  structures  are  not  cost  effective.  However,  at  the  same  time,  a struc- 
ture should  be  designed  and  manufactured  so  that  it  will  not  fail  prematurely 
when  used  in  a hostile  environment.  The  subject  of  this  study  is  the  tank 
launched  bridge  shown  in  Fig.  1,  whose  design  was  evolved  in  the  mid-60s  to 
comply  with  a number  of  specific  requirements.  The  primary  ones  were  that  the 
bridge  should  meet  military  load  class  (MLC)*  60  demands,  with  a clear  span  of 
22.8  metres,  and  when  combined  with  its  own  transport  vehicle  should  not  ex- 
ceed the  MLC  60  limit. 

The  selected  transport  and  launch  vehicle  was  a Chieftain  Tank  without  its  gun 
turret.  Thus,  in  order  to  meet  MLC  60  limitations,  the  weight  of  the  bridge 
was  restricted  to  approximately  12  tonnes.  In  addition,  to  achieve  an  accept- 
able degree  of  mobility,  a limitation  of  1.8  metres  was  placed  on  the  folded 
height.  During  the  development  program,  an  additional  requirement  was  imposed 
of  the  bridge  being  capable  of  sustaining  a minimum  of  10  000  crossings  of  a 
MLC  60  vehicle  at  the  maximum  span. 

In  order  to  meet  the  requirements  a material  exhibiting  high  strength/weight 
ratio  was  essential  together  with  a high  modulus  of  elasticity  to  limit,  to  an 
acceptable  level,  the  mid-span  deflection.  In  addition,  since  climatic  condi- 
tions could  vary  considerably,  the  material  had  to  have  good  ductility  at  sub- 
zero temperatures.  Notwithstanding  these  requirements,  the  selected  material 
had  to  be  readily  worked  and  straightforward  to  fabricate.  The  material 
finally  selected  was  18%  Nickel  maraging  steel  with  a nominal  0.2%  proof 
stress  of  1390  MNm~2_  This  particular  material  posed  no  undue  working  problem 
in  its  annealed  condition,  could  be  readily  welded  by  the  metal  inert  gas 
(MIG)  process  without  the  use  of  preheat  and  aged  to  produce  its  optimum 
mechanical  properties  at  about  ASO^^C  (1,  2,  3). 

From  the  design  evaluation  the  bridge  evolved  as  an  all  welded  basic  girder 
section,  consisting  of  a 4.7  mm  thick  stiffened  plate  web  with  a rectangular 

* Military  Load  Class  of  a tank  is  approximately  the  weight  in  short  tons. 
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top  compression  chord  and  a triangular  bottom  tension  chord  as  shown  in  Fig, 

2.  A half  span  of  one  trackway  comprises  of  a ramp  and  a center  section.  To 
form  the  full  span  the  center  sections  are  joined  by  a hinge.  The  hinge 
forgings  are  attached  to  the  girders  by  means  of  slots  that  accept  the  web 
plate  and  have  fillet  welds  on  either  side  of  the  forgings,  which  are  scarfed 
on  to  the  chord  sections  with  further  fillet  welds.  The  female  forked  hinge 
is  112  mm  thick,  whilst  the  male  section  is  45  mm  thick.  A similar  arrange- 
ment is  used  to  join  the  ramp  to  the  center  section,  but  the  parts  do  not  fold 
relative  to  each  other  although  they  may  be  hinged  to  improve  traf f ickabi 1 i ty . 
Two  trackways  are  joined  together  to  form  a complete  bridge  (4) . 

In  view  of  the  large  amount  of  welding  involved  it  was  inevitable,  despite 
non-destructive  examination  of  the  more  critical  areas,  that  the  bridge  would 
contain  defects.  In  addition,  fretting  of  the  hinges  due  to  vehicles  crossing 
produces  a hostile  environment  at  tnese  details. 

FORMULATION 


Two  mechanisms  of  failure  are  likely  from  a consideration  of  the  thickness  of 
the  material  used  in  the  manufacture  of  a bridge;  plane  strain  fracture  in  the 
heavy  hinge  sections  and  plane  stress  fracture  in  the  bottom  tension  chord 
section,  each  preceded  by  subcritical  fatigue  crack  growth.  The  former  is  now 
the  subject  of  accepted  standard  material  test  methods  both  in  the  USA  and 
United  Kingdom  (5,  6)  but,  at  the  time  that  the  initial  problems  were  being 
studied,  these  test  standards  were  still  being  formulated.  No  completely 
acceptable  test  standard  exists  for  the  plane  stress  fracture  mechanism,  even 
to  this  day,  although  ASTM  (7)  have  published  a proposed  method  based  upon  the 
resistance  curve  concept. 

It  can  be  demonstrated  that  a material  will  fail  in  an  apparently  brittle  and 
uncontrolled  manner  when  the  stress  intensity  at  a crack  tip  reaches  the 
critical  value  Kxc>  the  plane  strain  fracture  toughness.  For  the  case  of  a 
partial  penetration  defect,  failure  can  be  defined  by 


where  a is  the  crack  depth,  Q is  the  elastic  shape  factor.  Me  the  elastic 
magnification  factor  which  accounts  for  the  influence  of  external  boundaries 
and  S is  the  nominal  stress. 

The  definition  of  fracture  in  the  plane  stress  regime  is  much  less  clear.  The 
crack  growth  resistance  method  developed  by  Krafft  (8),  appeared  to  offer  the 
only  possible  solution.  It  is  an  extension  of  the  Griff i th-Irwin  energy  bal- 
ance analysis,  to  cases  where  stable  crack  growth  occurs  prior  to  instability. 
The  crack  growth  resistance  R is  defined  as  the  work  required  to  produce  a 
unit  crack  extension.  In  materials  where  the  thickness  permits  stable  growth, 
R is  not  a constant  quantity  but,  in  general  increases  as  the  crack  extends 
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from  its  initial  length  This  variation  of  R when  plotted  as  a function  of 

crack  length,  is  referred  to  as  a crack  growth  resistance  curve  or  R-curve. 
Figure  3 shows  an  R-curve  typical  of  thin  section  failure. 

All  structural  materials  have  an  initial  resistance  to  crack  growth  in  the 
presence  of  a flaw,  that  is  failure  does  not  occur  at  the  initial  application 
of  a monotonical ly  increasing  load.  Thus,  in  order  that  a crack  can  grow  in  a 
stable  manner  some  energy  must  be  supplied  beyond  that  required  to  produce 
elastic  crack  opening  and  plastic  deformation.  The  total  quantity  of  energy, 
often  referred  to  as  the  crack  driving  force,  is  equivalent  to  thi  elastic 
energy  released  per  unit  area  of  crack  extension  G,  which  is  related  to  both 
the  applied  load  and  the  instantaneous  crack  length.  Thus,  in  Fig.  3,  a 
family  of  G curves  exists,  each  curve  representing  a specific  load.  When 
stable  crack  extension  occurs,  the  elastic  energy  release  rate  must  equal  the 
crack  growth  resistance  and  this  condition  is  represented  by  the  points  of 
intersection  of  the  G curves  with  the  R-curve,  as  shown  in  Fig.  3.  Crack 
extension  at  these  points  is  stable,  since  an  increment  of  growth  provides  a 
greater  increase  in  R than  in  G,  and  an  increase  in  load  is  then  required  for 
further  growth.  Eventually,  a point  is  reached  where  the  G curve  becomes 
tangential  to  the  R-curve  and  the  increase  in  R no  longer  exceeds  that  of  G 
thus  instability  occurs.  This  point  provides  a critical  value  of  the  elastic 
energy  release  rate  G,,  which  defines  the  critical  fracture  toughness, 

(Kc^  = EGc) , An  inescapable  conclusion  of  the  R-curve  concept  is  that,  at  any 
particular  material  thickness,  there  is  no  single  value  of  Gc,  if  that  thick- 
ness is  such  as  to  permit  stable  crack  growth.  This  result  is  a consequence 
of  the  shape  of  the  C curves,  which  are  derived  from  the  elastic  compliance  of 
the  cracked  structure. 

The  resistance  that  develops  against  fast  fracture  is  partly  associated  with 
the  formation  of  the  zone  of  plastically  deformed  material  at  the  crack  tip. 
The  larger  the  plastic  zone  becomes,  the  greater  the  amount  of  irrecoverable 
work  that  must  be  done  prior  to  fracture.  It  has  been  found  that  the  tough- 
ness increases  with  increase  in  specimen  width  and  approaches  a maximum  value 
asymptotically  (9).  Thus,  the  more  readily  a material  yields,  the  wider  the 
specimen  must  become  in  order  to  completely  describe  the  R-curve  and  make  the 
test  meaningful  in  terms  of  elastic  analysis. 

The  R-curve  concept  thus  appears  to  offer  valuable  information  in  an  investi- 
gation of  thin  sheet  fracture.  In  cases  where  final  failure  occurs  at  a load 
considerably  greater  than  that  necessary  to  initiate  crack  extension,  the 
concept  can  be  used  to  determine  both  critical  toughness  values  and  their 
associated  critical  crack  lengths. 

The  stress  at  failure  on  the  remaining  ligament,  as  defined  by  W-2ae  where  W 
is  the  specimen  width  and  ag  is  the  compliance  indicated  crack  length,  must 
not  exceed  the  material  tensile  yield  strength  according  to  the  current  ASTM 
recommended  procedure  for  determining  an  R-curve.  However,  in  materials  which 
exhibit  plane  stress  toughness  levels  as  high  as  those  in  managing  steel,  test 
specimens  of  very  great  width  (exceeding  the  bridge  depth)  would  be  required 
to  obtain  so  called  valid  results,  but  one  cannot  ignore  the  fact  that  these 
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materials  will  exhibit  stable  crack  tearing  even  in  small  samples  and  when 
used  within  its  context  such  laboratory  R-curve  test  info’  lation  on  small 
specimens  can  be  very  valuable. 

With  regard  to  the  fatigue  aspect,  in  the  case  of  the  welds  the  cracks  will  be 
pre-existing  defects,  but  in  the  bore  of  the  hinge  connections  cracks  have  to 
be  initiated  at  the  points  of  high  stress  concentration  aggravated  by  fretting. 
Growth  of  fatigue  cracks  has  been  shown  to  be  a function  of  the  crack  tip 
stress  intensity  range  and  can  be  expressed  as  the  da/dN  = CAK^  (10)  where  C 
and  n are  material  constants  and  AK  is  the  stress  intensity  range.  Thus  it  is 
clear  that  information,  although  not  always  simple  to  apply,  can  be  generated 
from  which  it  is  possible  to  predict  the  fatigue  life  and  crack  length  at 
failure  under  cyclic  loading  conditions. 

Experience  and  data  has  been  gained  in  programmes  on  structural  and  laboratory 
testing,  which  have  overlapped,  but  for  clarity  they  will  be  presented  separ- 
ately starting  with  development  structural  testing. 

Two  experimental  trackway  sections  each  comprising  two  girders,  one  without 
and  one  with  a hinge  cut  from  thick  plate,  were  fatigue  tested  (11).  Since 
those  initial  tests  other  tests  have  been  carried  out  on  prototype  fridge 
trackways  and  a production  trackway  built  by  a commercial  company.  These 
tests  have  revealed  a great  deal  of  information  about  initial  defects  and 
crack  growth.  The  results  have  been  summarised,  briefly,  in  Table  1.  It  is 
hoped  to  publish,  in  the  near  future,  a series  of  detailed  reports  which  will 
provide  all  of  the  information  that  has  been  obtained  during  the  course  of  the 
tests,  and  so  wc  have  restricted  what  is  presented  here  to  the  essential 
highlights. 

The  loads  applied  to  the  experimental  sections  were  based  on  calculations  but 
the  loads  required  for  testing  the  complete  trackways  were  established  by 
strain  gauge  measurements  using  an  appropriate  MLC  60  vehicle  in  a field  test 
and  the  trackway  was  then  loaded  in  the  laboratory  to  reproduce  these  strains. 
In  addition,  the  maximum  load  in  some  instances  was  increased  by  13  kN  to 
allow  for  the  effects  of  mud  and  snow  deposits  that  could  form  on  the  struc- 
ture in  service.  The  actual  range  of  load  was  from  a minimum  of  10  kN,  the 
latter  being  necessary  to  avoid  slack  in  the  testing  system.  In  the  case  of 
the  commercially  manufactured  bridge  trackways  these  were  subject  to  an  ini- 
tial production  proof  load  of  1.25  x the  maximum  working  load. 

A variety  of  conventional  inspection  techniques  were  used  in  the  course  of 
testing,  including  visual  (with  a magnifying  glass),  dye  penetrant,  magnetic 
particle  and  pneumatic  pressurising  of  the  center  section  bottom  chord. 

Because  the  hinge  joints  are  scarfed  into  each  end  of  the  center  section 
bottom  chord,  they  form  a sealed  unit  and  an  internal  pressure  of  276  kNm“2 
could  be  applied.  The  outside  surface  was  sprayed  with  a detergent  solution, 
which  indicated  cracks  or  porosity  by  the  formation  of  fine  creamy  lines  of 
bubbles.  The  hinge  lugs  were  most  readily  examined  using  the  magnetic 
particle  method  with  a small  hand  held  permanent  magnetic  device.  In  addi- 
tion, as  part  of  an  extra-mural  contract,  a center  joint  fatigue  test  was 
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Table  1 


Details  of  Structural  Tests 


'TP 

l-H 

I 

CO 

4-> 

4 

CO 

'U 

4-1 

4 

4-> 

4 

x: 

X 

4-i 

x: 

♦r-/ 

c 

P 

4 

o;  r-H 

U 

tr. 

4 

C 

4 

4 

4-1 

4-t 

• r4 

3 

in 

cn  CJ 

:p 

C 

oc 

4.1 

o 

4-i 

iJ 

f— « 

• iH 

CO 

o 

P 

^ in 

• 

OL 

• 

CO 

U-i 

<0 

u-t 

c 

00 

x: 

4 4 

TP 

•r-t 

4 

cn 

r-~* 

u 

x: 

< 

t-> 

x: 

C 

•r^ 

O 14H 

c 

•TP 

in 

f—t 

> E 

4 

(X 

P 

I— t 

CT3 

4-» 

CJ 

•r4 

u 

•iH 

14-4 

o 

• (-» 

c 

CO 

in 

i-i 

3 

4 

CO 

4 

4-> 

CO 

4 

• 

C 

f-i 

> 

U 

4-J 

4 

• 

'TP 

•TP 

4 

OO  Ui 

• 

in 

P 

u 

CO  U 

3 

• 

• n 

4 

(li 

CO 

«—( 

4 

u 

4 

in 

c c 

f—t 

4 

in 

3 

4 

4t  CO 

4 

—* 

CO 

r— > 

4-1 

CO 

U 

CO 

U 

<0  4 

CO 

4J 

)-t 

1— H 

4-1 

4-1  J-t 

U 

CO 

4-1 

?T3 

0) 

O 

• «-( 

u 

p 

*e-( 

4 

l-H  4-J 

*iH 

4 

•f->. 

CO 

o 

c 

• 

in 

u 

4h 

U 

D 

u 

U 

> 

X 

)-4 

'TP 

'TP 

CO 

E 

4-t 

P 

4 

cn 

0 

4 

U 

O 

in 

4 

4 

4 

U 

4-4 

O 4 

4 

4 

OC' 

4 

TD 

^-1 

p 

4-> 

o 

'TP 

in 

C 

e 

4-1 

P 

• rL 

'TP 

xc 

U 

4-1 

C 

P 

QJ 

• H 

g 

CO 

o 

r~* 

4 

CO 

O 

CO 

C 

00 

3 

4 

4 H 

3 

CO 

• f-t 

LJ 

4-i 

CO 

B 

4 

'tp 

u 

4J  f— ' 

E 

• 

CO 

4-1 

O 

f-H 

E 

XP 

cn 

(—4 

U-I 

c-^ 

4 

3 

4-1 

4J  D 

4-1 

u 

•'~5 

1-^ 

4-1 

•r-t 

0/ 

X 

'C 

u 

in 

O M-/ 

C 

4 

4 

• 

CO 

13 

o 

P 

H 

4-t 

4 

o 

4 

•»-i 

00 

XP 

CO 

o 

4-1 

4 

E 

E Vi:; 

4-t 

4 

4-1 

4 

C 

4 

4-1 

1/3 

in 

c 

4 

.r-,  a 

C 

o 

4-1 

X3 

o; 

U 

- ^ 

>% 

4 x: 

4 

CO 

E 

^ • 

4 

p 

4-1 

•r^ 

> 

d 

4 

CO 

4 

f—t 

r-  ■* 

x:  H 

• 

'TP 

U 

X 

G 

4-1  00 

}- 

4 

o 

o 

03 

0) 

f— • 

E 

> 

CO 

4-1 

'TP 

4 

• 

P3 

• r4 

O 

B 

• ^ 

• r-l 

in 

C 

P 

4 

4-1 

o 

U 

TP  [i- 

4-1 

p 

4-/ 

c 

F, 

a 

CO 

• 

u 

'TP 

C 

CO 

E 

o • 

C 

e— 4 

c 

3 

» 

CO 

4 

4 

e 

D. 

CO 

0 

0 

4-1 

4-1 

• M 

c 

CO 

4-/  4 

4 

CO 

•M 

13 

> 

•u  C 

XP 

3 

•r^ 

u 

0 

X 

CO 

CO 

4 

o 

U 

G 

E 

4-1 

CO 

CO  ‘H 

3 

in 

cn 

iJ 

4-1 

4-) 

4 

4-> 

u 

m 

4 D 

00 

o 

4 

• fH 

in 

4 

4 

4 

CL 

<0 

4-1 

0£  'tP 

3 

t— H 

4-1  *-4 

4 

o 

c 

f—t 

f—t 

4-4  C 

4 

CO 

r— t 

• <H 

<u 

op 

c 

4 

oc 

4J 

CO  ‘H 

4-1 

•rH 

• r4 

XP 

• r4  3 

r— ( 

> 

4 

4 

-o 

a; 

x: 

c 

W 

c 

o 

CO 

^ CO 

4 

CO 

in 

c 

0 

C 0 

4 

>s 

u 

c 

u 

* H 

cn 

CO 

•rW 

CO 

O.  U-I 

'TP 

u 

*r4 

00 

0 

•F-  x: 

>> 

4 

4 

4 

V5 

E 

di 

oc 

D 

4 

4-/ 

Ui 

U-l 

XP 

d 

u 

• fH 

TP 

in 

4 

F—t 

4) 

<1; 

c 

X) 

u 

in 

O 

OC  1— 

4 

4.4 

S 

9* 

cn 

4 

XP 

o 

in 

Q 

>s 

a 

4 

4 

c o 

XP 

•r-i 

E 

4 

-C 

i-i  4 

vX 

3 

c 

4 

»— / 

CO 

C4-I 

X 

4 

• r4 

3 

c 

0 

'TP 

4-1 

3 ^ 

CM 

0 

in 

13 

3 

w 

» 

3 

O 

4 

« 

O 

>-*  f— 

4-/ 

CO 

u 

♦ fH 

1— ' 3 

13 

• 

3 

o; 

-o 

c 

1 

4-1 

4J 

CO 

O 

4 

3 

•iH  ' 

CN 

C'i 

t-H 

• •~i 

o 

u 

u 

u 

4 

in 

4 CO 

c 

'TP 

-C 

> , 

CO 

03 

E 

1— 

4 

03 

4- 

CO 

c/3 

CO 

CL 

U 

4 

4 

XP  4-* 

CO 

4-1 

CO 

u 

in 

U-  CO 

TP 

0 

h 

P 

cc 

i- 

3 

u 

4 

4 

a 

4-1 

XP 

4 

■a 

E 

• r4 

• li 

>. 

Ui 

4 

p 

DO 

•F^ 

4-/ 

u 

•o 

4 

4-> 

4J  Tp 

r" 

3 

4-/ 

CO 

4-1 

<41 

C 

QC 

U 

CO 

4 

P 

D 

4 

u 

4 

3 

• C 

4 

•Fri 

4 

Uh 

4 

in 

4j 

D 

oo 

O J- 

C 

OC 

4 

CO 

XP 

xi: 

in  G 

4 

"Tp 

xi: 

4 

U-i 

C 

C 

CO 

-,-1 

o 

in 

F 

ClC 

c 

CL  c 

o 

TP 

00 

V- 

4-1 

u 

3 •- 

■u 

4 

4 

4 

• 1 

4 

4-1 

in 

CO 

o 

• i-i 

a 

••H 

"D 

4-1 

G 

CO 

CO  >1-1 

4 

p 

CO 

c 

— 

C 

c 

>. 

c 

3 

J- 

4-i 

I 

P3 

XP 

u 

• erf 

C- 

u 

•'— > u 

TP 

3 

P 

CO 

c 

t- 

o 

tM 

CO 

CO 

in  <T 

4-1 

XP 

u 

4 

>. 

4-4 

4 

4J 

4 

it 

r— 

CO 

u 

M-l 

3 

XP 

CP 

XP 

4^  in 

cn 

4 

in 

CO 

4-) 

4-< 

C 

u 

• H 

-VP 

CO  • 

c 

4 

C 

0 

CO 

CO 

4h 

.F-. 

4-1 

CO 

« 

CO 

(J 

in 

4 

4 

oo 

CL 

4 

XP 

4 

3 

4-4 

Q 

*3 

c 

cn 

4 

CiL 

3 

x: 

4J 

oo  ‘r-i 

00 

>> 

4-1 

x: 

4-1 

4-1 

4 in 

3 

4-J 

ir. 

4 

4 

in 

C 

CO 

4-1 

cO 

c u. 

4J 

4 

4-4 

•F-t 

c 

U TP 

4 

C 

4-4 

4 

• 

O 

U 

•rH 

• p*-4 

-X 

O 

1 — < 

>F-< 

3 

4 

3 

P 

CO 

P 

P 

P 

r— 

in 

4-/ 

D 

r—  / 

4-» 

00 

4J 

4-1  4 

u 

4J 

CL 

3 

U 

4-1  4 

3 

E 

4 

XP 

c 

03 

3 

■u 

cO 

1/3 

4 

c 

U 4 

CO 

o 

E 

Vm 

u 3 

T-^ 

4-/ 

•F-> 

4-< 

CO 

'TP 

O 

4J 

4 

f— < 

c 

4 C/3 

Ul 

iu 

CJ 

4 

P 

CO 

• f-4 

4-4 

X 

<41 

c 

••“1 

CO 

C 

4-> 

CO 

V-I 

♦ r-4 

C 

u 

Cu 

CJ 

TP 

m 

G 

4-t  )-« 

CO 

P 

4 

13 

0/ 

4 

u 

4) 

G 

V 

c 

o 

Lt 

•f^ 

3 4 

4i 

• r-t 

4 

e 

4^ 

3 

u- 

e 

4 

'TP 

4 

o • 

4 

l+-< 

C 

u 

4-1 

C C 

o 

cn 

3 

t-i 

P 

D 

4 

U 

U 

3 

o 

o 

CO 

00 

00 

u 

CO  4 

c: 

•»— 1 

3 

E 

CO 

c 

4 

00  XP 

c 

0 

4 

00 

• t-t 

3 

B ^ 

• H 

c 

-F-l 

E 

x: 

<n 

4 

• w 

4J 

5 

'TP  'Tp 

• 

■4J 

4J 

C 

p. 

TP 

4-t 

CL  x: 

X 

. 

a 

4-1 

lu 

CL 

4-/ 

O 

t—i  V-* 

iJ 

in 

in 

XP 

E 

o 

V-  ‘r-t 

00 

E 

cn 

CO 

i-J 

X 

• n4 

4 

4 

X 

CO 

<4-* 

V4 

CO 

4 ‘H 

CO 

4 

4 

CO 

3 

C 

4t 

O 4-1 

c 

CO 

E 

in 

u- 

3 

> 

•n 

Uu 

U-i 

O 

00 

3 OO  Cm 

i- 

4-1 

1— 1 

^4 

• r-4 

CU 

4-1  1/3 

•F^ 

laP 

r--. 

4-t 

4 

O 

•JC 

Oi. 

•K 

cn 

CO 

v: 

o 

ir', 

o 

O 

c 

-t 

x 

C 

t: 

-t 

C^4 

o 

o 

O 

a^ 

C^l 

o- 

1' 

s-f 

o 

o 

o 

a 

r^j 

o 

i- 

CO 

iTi 

c 

CT' 

r-- 

X 

«r^ 

1— -t 

T-^ 

CO 

-T 

— 

+ 

A 

A 

+ 

-- 

0/1/5  0 01 

-*3  0/  0/  I 

i-  V-  C S 

4-1  fTj 
O 1/5  i- 


00 


00 

m 


<T 

v£J 

OJ 


to  •— 1 
0^  sD 
oi  ro 


-t 


n 


a 

G 


P 

P 

P 

p 

p 

u u 

4 

4 

4 

4 

CL  4 

4 

4 

d-' 

4-/ 

13 

u 

OC 

B X> 

4-' 

■V 

P 

P 

P 

P 

(0  p 

r: 

r. 

4 

•fJ 

4 

•F^ 

cr:  -F-t 

It 

O 

P3 

dP 

PC 

14 

::: 

o 


FlCrRi-;  4 - RAMP  I’NIT  FAll.URF.  AT  BKARTNG  PPATF, 


2.3.8 


monitored  by  the  acoustic  emission  method.  Whilst  the  method  was  not  success- 
ful in  predicting  imminent  failure,  retrospective  examination  of  records  re- 
vealed clear  changes  in  output  just  prior  to  failure.  It  is  still  possible 
that  the  technique  can  be  shown  to  be  effective,  but,  one  problem  to  be  over- 
come is  general  noise  isolation  since  there  is  a considerable  amount  of 
spurious  noise  generated  in  such  a structure  during  a load  cycle. 

Basic  material  mechanical  properties  and  fracture  toughness  data  has  been 
generated  for  both  the  hinge  material  and  thin  plate  air  melted  material  used 
in  the  prototypes  and  is  recorded  briefly  in  Table  2.  This  summarised  infor- 
mation is  recorded  in  detail  in  Reference  (12).  Table  2 also  presents  tensile 
mechanical  and  fracture  toughness  properties  which  indicate  orientation  and 
original  thickness  effects.  Figure  8 shows  the  variation  in  fracture  tough- 
ness of  thin  plate  material  expressed  in  terms  of  crack  growth  resistance  R 
on  specimens  up  to  280  millimetres  wide,  whilst  Fig.  9 shows  fatigue  crack 
growth  rates  in  the  same  material.  Double  vacuum  melted  material  has  been 
used  for  the  hinges  of  production  bridges.  This  has  exhibited  a considerable 
improvement  in  plane  strain  fracture  toughness  nd  some  results  are  also 
quoted  in  Table  2. 


ASSESSMEN. 


A test  section  of  trackway  containing  a hinge  connection  described  earlier  has 
been  fatigue  tested  at  maximum  working  load  for  more  than  3000  cycles  after 
which  the  trackway  was  used  for  weld  repair  trials.  During  subsequent  re- 
proof testing,  failure  occurred  at  one  of  the  male  jaws.  It  appeared  that  a 
pre-existing  transverse  weld  flaw  grew  during  fatigue  testing  to  a size  that 
was  critical  on  re-proof  testing.  The  original  crack  had  escaped  detection 
by  NDE.  The  shape  and  size  of  this  flaw  which  could  be  approximated  to  a 
semi-ellipse  was  indicated  by  heat  tinting  arising  from  re-maraging  after  the 
weld  repair.  Using  data  for  semi-elliptic  cracks  given  by  Tiffany  & Masters 
(13)  and  stresses  determined  from  photoelastic  models,  a plane  strain  fracture 
toughness  of  86.8  MNm”3/2  vas  calculated.  It  can  be  seen  that  this  value  is 
in  reasonable  agreement  with  toughness  figures  for  'air  melted'  material  shown 
in  Table  2. 

In  another  test  section  of  trackway  a plane  stress  failure  occurred  which 
originated  at  the  weld  between  the  base  and  angled  chord  plates  shown  in 
Fig.  2.  The  fatigue  crack  length  was  approximately  48  mm  into  the  flange  and 
a fracture  toughness  value  was  calculated  to  be  500  MNm~^/2  using  the  maximum 
bending  stress  (737  MNm~2)  and  assuming  that  the  section  was  a 152  ran  wide 
single  edge  notch  tension  stript.  This  toughness  value  is  equivalent  to  Kco> 
(function  of  maximum  gross  stress  and  crack  length  a^)  calculated  for  center 
cracked  plates,  details  of  which  are  given  in  (11).  Comparison  can  be  made 
with  some  of  the  200  and  276  mm  wide  specimens  containing  fatigue  cracks 
approximately  75  ran  long.  Five  276  mm  wide  specimens  failed  at  an  average 
gross  stress  of  869  MNm~2  with  an  average  K^o  Seven  200  ran 

wide  specimens  failed  at  an  average  gross  stress  of  710  MNm~^,  with  an 
average  Kco  of  274  MNm~3/2, 
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Table  2 — Properties  of  18%  Nickel  Maraging  Steel 
AIR  MELTED 


4.7  ran  thick  plate 
0.2%  proof  stress 

Ageing  time  at  480°C 

1 h 

100  h 

1205  MNm-2 

1546  MNm-2 

'As  received'  thick 
rolled  plate  after 
maraging 

Toughness  MNm“3/2Kjj. 

Ageing  time  3 h at  480°C 

Original  thickness 

100  mm 

50  mm 

80 

120 

Orientation  effects 

Toughness 

Direction 

Ageing  time  3 h at  480°C 

L-S 

L-T 

T-L 

mam 

S-L 

S-T 

114.2 

109.7 

83.0 

85.9 

75.3 

78.5 

DOUBLE  VACUUM  MELTED 

Ageing  time 

0.2%  Proof  stress 

MNm"2 

Toughness  Kq 
MNm"3/2 

Thickness 

non 

10  h at  460OC 

1463 

149-175 

37.5 

3 h at  480OC 

1382 

168+ 

37.5 

It  was  appreciated  that  the  simple  approach  adopted  for  assessing  failure  of 
the  bottom  flange  was  really  not  adequate  and  so  an  effort  was  made  to  examine 
theoretically  the  behaviour  of  cracks  in  flanged  beams,  since  no  suitable 
solutions  exist.  Several  different  configurations  have  been  examined  (14) , 
but  what  is  presented  here  is  the  more  practical  situation  of  a crack  propa- 
gating across  one  side  of  a flange  in  a beam.  There  are  a number  of  analyti- 
cal techniques  which  can  be  used  to  determine  stress  intensity  (15),  however, 
complex  boundary  conditions  in  structures  frequently  preclude  many  of  these 
methods.  One  method  which  does  lend  itself  to  both  analytical  and  experimen- 
tal determination  is  compliance  analysis.  Irwin  (16)  showed  many  years  ago 
that  the  strain  energy  release  rate  G was  related  to  the  change  in  compliance 
by 


® 2B  da 


(2) 
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where  P is  the  applied  load,  B the  thickness  and  X the  structural  compliance. 
The  variation  in  strain  energy  release  rate  (stress  intensity)  is  derived  by 
measuring  the  change  in  stiffness  of  a structure  as  the  crack  length  is 
varied. 

By  considering  the  bottom  flange  and  part  of  the  web  of  a beam  in  bending  as  a 
simple  tension  member,  it  can  be  shown  that 


K 


2 


<1  . 0^ 


Wf^df  (a/Wf)^ 
® r^d  (a/Wc)^ 


(3) 


n 


where  Ay,  and  Af  are  the  area  of  the  web  and  flange  respectively,  o is  the 
remote  stress  and  Wf  the  flange  width.  An  example,  which  was  examined  is 
shown  in  Fig.  10,  is  an  edge  crack  extending  across  the  flange  of  an  inverted 
Tee  section  towards  the  center  web.  The  compliance  variation  with  crack 
length  was  calculated  using  finite  element  methods  employing  an  8 node  iso- 
parametric quadrilateral  element  with  linear  variation  in  strain  to  model  the 
beams.  At  the  same  time  an  experimental  programme  was  conducted  to  measure 
the  compliance  in  perspex  beams  of  the  same  dimension  and  as  shown  in  (14)  the 
results  obtained  by  both  methods  were  in  good  agreement.  The  results  of  the 
analysis  are  shown  in  Fig.  10  where  the  variation  in  stress  intensity  squared 
is  plotted  as  a function  of  a/W  and  compared  with  the  variation  in  a single 
edge  notch  tension  configuration  (17).  This  form  of  plot  was  chosen  since  it 
relates  directly  to  the  differential  term  in  equation  (3).  It  can  be  quite 
clearly  seen  that  as  the  crack  approaches  the  central  web  the  crack  tip  stress 
intensity  reduces.  Although  the  bottom  flange  is  normally  in  direct  tension 
it  was  observed  from  measurements  on  the  models  tested  and  an  examination  of 
the  finite  element  results  that,  some  lateral  deflection  occurs  and  the  edge 
opposite  the  crack  tip  becomes  subject  to  compressive  stress.  This  has  been 
confirmed  on  low  strength  aluminium  alloy  I beams,  tested  in  four  point  bend- 
ing, where  fracture  could  not  be  induced  because  the  beam  deflected  laterally 
and  twisted.  However,  it  was  possible  to  constrain  the  beam  to  fail  by  test- 
ing in  three  point  bending.  It  was  then  observed  that  the  crack  would  extend 
towards  the  central  web  and  propagate  into  the  bottom  of  the  web  before 
extending  across  the  flange. 

From  consideration  of  Fig.  10,  a revised  value  of  Y for  the  case  of  a crack 
approaching  the  web  in  a beam  can  be  obtained  to  re-calculate  failure  of  the 
trackway  described  earlier.  Taking  an  approximate  value  of  Y=2,  a stress  of 
737  MNm"2  and  a crack  length  48  mm,  a value  of  Kco  equal  to  312  MNm“3/2  jg 
obtained,  which  is  in  much  closer  agreement  with  the  laboratory  test  results. 
In  addition,  observations  of  crack  growth  in  the  flange  just  prior  to  failure 
indicated  growth  rates  exceeding  1 ram  per  cycle.  This  is  greater  than  any 
measured  values  in  laboratory  tests  recorded  in  Fig.  9 and  indicates  toughness 
in  excess  of  200  MNnr3/2,  which  was  the  maximum  stress  intensity  range  reached 
during  the  fatigue  crack  growth  tests.  From  the  results  it  was  concluded  that 
the  fracture  toughness  of  an  I beam  is  no  greater  than  the  toughness  capacity 
appropriate  to  the  width  of  the  bottom  flange.  Unfortunately,  it  was  not 
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possible  to  make  similar  calculations  for  the  plane  strain  failures  listed  in 
Table  1,  due  to  a lack  of  information  on  local  stress  conditions  or  final 
defect  size,  or  for  the  other  plane  stress  failures  because  of  the  lack  of  a 
suitable  analytical  solution. 

Recently,  Adams  (18)  has  shown  that  fracture  resistance  is  a function  of 
specimen  configuration  and  the  results  indicate  that  the  toughness  of  a ten- 
sion flange  in  a beam  can  be  most  easily  and  more  realistically  obtained  from 
resistance  curves  determined  using  compact  tension  specimens  which  could  well 
lead  to  lower  values  of  Kco-  Furthermore,  by  careful  measurements  of  the 
relationship  between  absolute  crack  length  and  stress  it  is  possible  to 
establish  a resistance  curve  which  does  not  include  crack  tip  yielding.  Such 
a resistance  curve  would  be  the  most  useful  in  structural  analysis,  both  dur- 
ing design  and  for  in-service  assessment  of  postulated  or  actual  cracks. 

As  reported  at  a TTCP  meeting  (19),  a study  was  made  on  the  influence  of 
battle  damage  to  stressed  plates  and  subsequent  fatigue  crack  growth  from  the 
penetrations.  From  this  limited  programme  it  was  established  that  assessment 
of  structural  integrity  following  projectile  damage  can  also  be  made  in  terms 
of  fracture  mechanics.  It  was  observed  that  even  in  situations  where  penetra- 
tion had  a very  ragged  profile,  fatigue  crack  growth  required  an  initiation 
period, 

CONCLUSIONS 


The  first  and  most  significant  conclusion  from  an  examination  of  Table  1,  is 
that  user  fatigue  life  requirements  were  exceeded  by  a sufficient  margin  to 
account  for  any  sc'tter  effects  and  small  sample  size.  At  the  same  time, 
structural  testing  revealed  that  no  one  area  in  the  bridge  could  be  identified 
as  a particular  area  of  weakness  compared  with  the  remainder  of  the  structure. 
The  second  is  that  by  choice  of  suitable  simple  inspection  methods,  aided  by 
some  knowledge  of  locations  that  require  particular  attention,  it  is  possible 
to  detect  cracks  likely  to  cause  failure  well  before  they  can  endanger  the 
structure. 

Failure  occurs  either  across  the  bottom  chord  or  in  the  hinge  section,  and  a 
close  examination  of  the  results  indicates  ways  in  which  the  effective  tough- 
ness of  both  areas  can  be  improved.  For  thin  plate,  the  R-curve  analysis  has 
demonstrated  that  toughness  expressed  in  terms  of  Kj,  increases  with  specimen 
width.  Thus,  if  it  was  necessary  to  improve  the  strength  of  the  bridge, 
increasing  the  bottom  chord  width  would  increase  the  toughness  capacity.  In 
the  thick  hinge  material  it  has  been  demonstrated  that  a double  vacuum  melting 
can  lead  to  a significant  improvement  in  toughness  and  it  may  well  be  that  an 
examination  of  the  forging  techniques  used  could  contribute  a further  small 
increase  in  toughness.  Alternatively,  a double  male  lug  would  reduce  the 
thickness  of  each  protrusion  below  that  in  which  plane  strain  fracture  could 
occur,  thus  benefit  could  be  derived  from  material  deforming  plastically. 

Simple  girder  tests  have  revealed  that  asymmetric  cracks  lead  to  a failure 
involving  lateral  bending,  thus  cross-connection  of  the  girders,  by  diaphragms 
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as  in  the  present  design,  can  be  valuable  by  introducing  stability  and  improv- 
ing toughness  capacity. 

It  has  been  established  that  ballistic  damage,  even  for  ragged  penetrations, 
there  is  a delay  period  during  which  fatigue  cracks  initiate  and  treatment  of 
the  damage  as  a crack,  using  fracture  mechanics  concepts,  is  practical  and 
includes  a small  measure  of  conservatism. 

For  future  design  studies  more  attention  can  now  be  paid  to  fracture  analysis. 
This  may  be  done  by  finite  element  methods,  using  the  quarter  node  point  iso- 
parametric element  which  appears  to  offer  considerable  advantages  in  modelling 
crack  tip  conditions.  Also  the  values  of  being  able  to  see  by  use  of  visual 
display  units  what  happens  to  a structure  during  a model  analysis  should  not 
be  ignored. 
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INTRODUCTION 


For  complicated  structural  components  which  include  embedded  cracks, 
it  is  imperative  to  apply  numerical  methods  to  compute  the  stress  intensity 
factors  at  the  crack  tip.  The  most  versatile  method  for  such  computation 
is  the  finite  element  method  (!].  In  principle,  it  is  possible  to  use  just 
conventional  finite  elements  to  determine  the  stress  and  displacement  dis- 
tributions near  the  tip  of  the  crack  and,  in  turn,  to  estimate  the  stress 
intensity  factors.  However,  the  rate  of  convergence  is  very  slow,  and  a 
highly  refined  mesh  must  be  employed  near  the  crack  tip  [2].  A more  effi- 
cient procedure  is  to  utilize  near  the  crack  tip  special  elements  which 
contain  the  correct  stres/!  singularity  behavior.  These  "crack"  elements 
may  still  be  derived  by  methods  which  are  based  on  assumed  displacement 
distributions,  although  it  is  .'Ot  always  possible  to  maintain  compatibility 
with  the  neighboring  elements.  more  rational  approach  is  the  use  of  a 
hybrid  model  which  involves  independently  assumed  field  variables  in  the 
interior  eind  along  the  boundary  of  the  element.  This  paper  reviews  the 
history  of  the  development  of  several  hybrid  crack  elements  for  both  two- 
dimensional  and  three-dimensional  fracture  analyses. 

HYBRID  MODELS  IN  FINITE  ELEMENT  ANALYSIS 


Finite  element  methods  can  be  formulated  from  variational  principles 
in  solid  mechanics.  Typical  methods  are  the  compatible  and  equilibrium 
models  which  are  based  on  the  principles  of  minimum  potential  energy  and 
con?>lementary  energy  respectively.  The  term  "hybrid  model"  was  first 
introduced  to  represent  finite  element  methods  which  are  formulated  using 
modified  variational  principles  with  relaxed  continuity  conditions  along 
the  element  boundaries  [3,4,5].  Two  such  models  which  lead  to  element 
stiffness  matrices  and  hence  to  the  conventional  matrix  displacement  method 
are  a hybrid  stress  method  cuid  a hybrid  displacement  method. 

The  variational  principle  for  the  formulation  of  a hybrid  stress  model 
[3,6]  is  a modified  complementary  energy  principle  which  specifies  that 


n = X [/  ^ a'^s  Odv  - / r'^uds  + f T'’’uds]  (D* 

n 9v  S 

n an 

where  a represents  equilibrating  stresses,  S the  elastic  compliance  matrix, 

T tfie  surface  tractions  (in  equilibrium  with  a),  u the  independent  boundary 
9ispl acements . In  the  finite  element  formulation  the  stresses  O are  approx- 
imated by  a finite  number  of  parcuneters  3 and  the  element  boundary  displace- 
ment u are  approximated  by  nodal  displacements  q.  The  stationary  condition 
of  permits  tlie  expression  of  3 in  terms  of  q at  the  element  level.  Thus, 

n can  be  written  in  terms  of  q alone: 
me  3 
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where  k is  the  element  stiffness  matrix  of  the  nto  element.  The  resulting 
matrix^equation  is  then  in  the  form  of 


where  K and  Q are  the  assembled  stiffness  matrix  and  nodal  force  vector 
respective lyT 

The  variational  principle  for  the  formulation  of  the  hybrid  displace- 
ment model  [7]  is  a modified  potential  energy  principle  which  specifies 
that  the  following  functional  is  stationary: 


'^mp  n [/  e'^C  c - f'^u)  dV  - / T'^(u-u)dS  - f T^udS]  (4) 
v^2  ~~  ^ ^ ^ s'- 

n a 
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where  the  strains  K are  expressed  -n  terms  of  the  displacements  u,  u are 
independent  boundary  displacements,  T are  boundary  tractions  for~in9ividual 
elements,  and  where  C is  the  elastic~coef f icient  matrix.  In  the  finite 
element  formulation  T and  u are  approximated  by  a finite  number  of  para- 
meters a and  B»  respectively,  while  the  boundary  displacement  u is  interpo- 
lated in  terms  of  nodal  displacements  q.  By  applying  the  variational 
principle  at  the  element  level  both  a and  3 can  be  expressed  in  terms  of  q; 
T can  then  be  expressed  in  terms  o?  q an3  the  element  stiffness  k , in  ~ 
tiii  form  of  Eq.  2.  ~ 


The  integration  limits  have  the  following  mecuiings:  is  the  volume  of 
the  nth  element,  9Vfj  is  the  entire  nth  element  boundary,  and  is  that 
part  of  9v^  on  which  surface  tractions  are  prescribed. 
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HYBRID  "CRACK"  EU:MENT  I 


An  inunediate  application  of  Eq.  1 to  the  derivation  of  a "crack" 
element  [8,9]  is  to  include  in  the  assumed  stresses  the  singular  terms  which 
are  governed  by  the  stress  intensity  factors  Kj,  Kjj  and  Kjjj  which  represent 
respectively  the  opening  mode,  the  in-plane  shearing  mode  and  the  out-of- 
plane shearing  mode.  Thus,  the  assumed  stresses  are  written  as 

? ' * ;k?k  m 

where  P may  be  simple  polynomials,  where  represents  the  known  distribution 
of  the'singular  stress  terms,*  and  where  = (k^ 

parameters  must  be  shared  by  several  elements  around  the  crack  tip,  they 
cannot  be  eliminated  at  the  element  level.  Instead,  a mixed  system  of  matrix 
equations  results; 
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A "superelement"  can  be  defined  by  pre-assembling  the  elements  that  contain 
6 and  then  eliminating  by  static  condensation  (see  Fig.  1). 

~ K K 


Figure  1 Assembly  of  Superelement  from  Four  Hybrid  "Crack" 
Elements  of  Type  I or  Type  III 


( 


*In  two  dimensions  each  term  in  Pj^  is  proportional  to  l//r,  where  r is  the 
radial  distance  from  the  crack  tip. 
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Upon  substitution  of  Eq.  5 in  Eq.  1,  the  term  O SOdV  leads  to  terms 

of  the  form  p'^SPdV,  /v  p'^SP^dV  and  /„  Py^^SP^dV.  The  first  of  these  can 
— ''n~  — 

easily  be  evaluated  by  ordinary  Gaussicin  quadratures,  since  the  integrand 
matrix  involves  only  polynomials.  Quadratures  cannot  be  used  on  the  inte- 
grands containing  the  singular  Pj^  matrix.  However,  it  is  apparent  that  these 
integrals  may  be  expressed  in  terms  of  a compatible  boundary  displacement 
field  u^f  corresponding  to  the  stress  distribution  Pj^: 


''v  -■  ^3V  eV=  <"> 

n n 

/ p'^SP  dV  = p'^u  ds  (8) 
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I Note  that  Uj^  is  proportional  to  /r,  since  P^^  is  proportional  to  l/Jx.  As  a 

I result,  the  integral  in  Eq.  8 involves  only  polynomials,  hence  can  be  inte- 

f grated  by  ordinary  Gaussian  quadrature.  However,  the  integral  in  Eq.  7, 

sould  be  obtained  by  a Gaussian  quadrature  determined  through  a coordinate 
transformation. 


HYBRID  "CRACK”  ELEMENT  II 


Subsequent  to  the  development  of  hybrid  "crack"  element  T,  it  became 
obvious  that  if  the  assumed  stresses  also  satisfy  the  compatibility  equa- 
tion, then  the  complementary  strain  energy  integral  over  the  element  volume 
can  be  transformed  to  a boundary  integral,  so  that  the  functional  tt  be- 
comes; 


n = ^ 4 - T'^u)dS  + f T'^udS]  (9) 

n a 
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where  T and  u are  associated  with  the  assumed  stress  0 within  the  element 
and  u are  inSependent  boundary  displacements.  Solutions  for  stress  and 
displacement  distributions  for  plane  elasticity  crack  problems  are  available 
in  the  form  of  complete  series  expansions  [10].  The  complete  series  can  also 
be  written  readily  in  terms  of  complex  stress  functions  [11,12].  For  two- 
dimensional  problems,  the  series  will  include  r®,  rl/2,  r,  r3/2.,.. 

terms.  A typical  element  in  this  case  is  a single  element  that  has  an 
embedded  crack,  as  shown  in  Fig.  2.  Since  each  term  of  the  series  solution 
also  satisfies  the  stress- free  condition  over  the  crack  surfaces,  the  bound- 
ary integral  in  Eq.  9 will  not  cover  the  crack  surfaces  and  hence  will  not 
include  any  singularity  in  the  integrand. 
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ii  ASSUMED  LINCAH 
FROM  NODE  TO  NODE 


(a)5-N00E  SYMMETRIC  (b)  9 -NODE  FULL 

HALF-ELEMENT  ELEMENT 


Figure  2 Hybrid  "Crack”  Elements  of  Type  II 


In  the  finite  element  formulation,  both  T and  u in  each  element  are 
expressed  in  terms  of  stress  parameters  6,  which  are'’the  undetermined 
coefficients  of  the  complete  series  solution.  For  two-dimensional  problems, 
two  of  the  6*s  are  the  stress  intensity  factors  to  be  determined.  Since  in 
this  case  the  B's  are  limited  to  the  "crack"  element  only  they  can  be  elimi- 
nated at  the  element  level.  Hence,  the  element  stiffness  matrix  cem  be 
obtained  and  used  in  a.  conventional  finite  element  analysis  program.  Thus, 
this  second  hybrid  "crack"  element  is  superior  not  only  in  its  completeness 
in  the  stress  approximation  but  also  in  its  sin^licity  for  computer  iii^ple- 
mentation. 

HYBRID  "CRACK"  ELEMENT  III 

The  use  of  the  hybrid  displacement  model  for  the  formulation  of  a 
"crack"  element  is  similar  to  that  of  hybrid  "crack"  element  I [13,14,15]. 
The  correct  singular  displacement  terms  are  included  in  the  approximation 
of  u in  Eq.  4 and  the  displacement  parameters  are  separated  as  3 and  3]^. 
Since  3k  are  shared  by  a group  of  elements  the  resulting  matrix^equatlon  xs 
again  In  the  form  of  Eq.  6,  2md  a superelement  cem  be  assembled  as  indicated 
in  Pig.  1. 

THREE-DIMENSIONAL  "CRACK"  ELEMENTS 

Unfortunately,  there  does  not  exist  any  complete  solution  in  the  near 
. field  of  the  crack  front  for  three-dimensional  solids.  The  only  available 

, information  is  the  two-dimensional  singular  behavior  in  the  plane  vdilch  is 

I normal  to  the  crack  front.  By  designating  this  as  the  n-z  plane  where  n is 

i in  the  crack  plane  and  z is  perpendicular  to  it,  emd  by  using  t to  represent 

the  direction  normal  to  the  n-z  plane,  then  the  singular  behavior  of  the 
I stress  field  and  the  corresponding  displacement  field  near  the  crack  front 

I can  be  represented  by  the  stress  intensity  factors  K^,  and  The 


2.4.5 


stresses  again  possess  \//i  singularity  while  the  corresponding  displacements 
are  proportional  to  Jr. 

It  is  obvious  that  for  three-dimensional  solids,  if  the  assumed  stress 
approach  is  used  only  the  hybrid  "crack"  element  I or  III  can  be  utilized. 
Indeed,  several  hexahedral  elements  with  straight  line  edges  euid  with 
different  nvunbers  of  node  points  have  been  derived  [16,17].  In  this  case, 
if  the  crack  frdnt  is  curved  it  must  be  approximated  by  straight  segments. 
Each  segment  of  the  crack  front  then  serves  as  the  common  edge  of  a group 
of  four  "crack"  elements.  The  three  stress  intensity  factors  are  common 
unknowns  in  this  group  of  elements  but  can  be  eliminated  so  that  a stiffness 
matrix  of  the  superelement  cam  be  determined.  A hybrid  "crack"  element  III 
based  on  the  hybrid  displacement  znodel  has  also  been  developed  for  three- 
dimensional  solids  [18,19]. 

COMPARISON  OF  THE  TWO-DIMENSIONAL  ELEMENTS 

A square  panel  with  symmetric  edge  cracks  under  uniform  in-plane 
tension  (Fig.  3)  has  been  analyzed  by  all  the  two-dimensional  crack  elements 
discussed  above.  This  problem  also  has  an  independent  analytical  solution 
obtained  by  Bowie  [20] , using  the  complex  stress  function  and  a boundary 
collocation  method.  Because  of  the  double  symmetry,  only  one  quadrant  of 
the  panel  needs  to  be  modelled.  Thus,  only  two  type  I or  type  III  elements 
are  needed  to  form  a superelement  at  the  crack  tip,  and  the  half-element 
of  type  II  (Fig.  2a)  is  used. 


STRESS  - 1 psi 


DIMENSIONS  IN  INCHES 


Figure  3 Test  Problem  fcSr  Comparison  of  "Crack"  Elements 
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Table  1 compares  the  accuracy  of  the  "crack"  elements.  It  is  clear 
that  element  type  II  is  far  superior,  while  types  I and  III  are  comparable. 
Similar  analyses  with  conventional  elements  require  500  to  1,500  degrees 
of  freedom  to  obtain  comparable  accuracy  [1]. 


Table  I Performance  Test  of  Hybrid  "Crack"  Elements 


"Crack" 

Element 

Type 

Number  of  Elements 
in  the  Finite  Ele- 
ment Model 
(One  Quadrant) 

Total  Degrees 
of  Freedom 
in  Model 

Error* 
in  Computed 
Value  of 

I 

Two  8-Node  Crack 
Elements  and  22 

8- Node  Conven- 
tional Elements 

184 

0.5% 

II 

One  5-Node  Crack 
Element  and  Four 
4-Node  Conven- 
tional Elements 

17 

0.1% 

III 

Two  8-Node  Crack 
Elements  and  22 
8-Node  Conven- 
tional Elements 

184 

1.0% 

•Error  calculated  with  respect  to  Ref.  20  analytical  solution. 

OTHER  APPLICATIONS 


The  original  hybrid  "crack"  elements  were  progrcimmed  for  isotropic 
plane  elasticity  problems.  Extension  to  orthotropic  material  is  straight- 
forward, since  the  stress  and  displacement  distributions  are  available 
for  stress-singularity  terms,  and  orthotropic  type  I and  III  elements  can 
be  readily  derived  [8,9,14,15].  The  corresponding  complex  stress  function 
approach  can  be  used  to  obtain  a complete  series  solution  for  the  corres- 
ponding type  II  element  [21,22].  The  complex  variable  method  has  also  been 
extended  to  bi-material  problems  with  cracks  either  normal  to  or  along  the 
Interface  [23,24].  The  complex  stress  function  approach  to  hybrid  elements 
has  also  been  used  to  determine  stress  intensity  factors  in  panels  with 
sharp  notches  having  finite  entrance  angles.  (The  singularities  for  these 
cases  are,  of  course,  not  of  the  order  l//r, ) 

Solids  of  revolution  with  axisymnetric  cracks  are  also  two-dimensional 
problems  and  have  been  solved  with  hybrid  type  II  "crack"  elements  [25]. 
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However,  the  series  expansion  for  the  stress  distribution  is  not  derived 
from  the  complex  variable  method  in  this  case.  Instead,  the  partial 
differential  equation  for  the  Airy  stress  function  in  real  variables  is 
solved  by  a perturbation  Method. 

There  are  two  different  theories  for  through  cracks  in  plates  subjected 
to  bending.  For  thin  plates,  if  the  Kirchhoff  plate  theory  is  employed,  a 
complex  variable  method  has  been  developed  to  obtain  the  complete  series 
expansion  of  the  moment  and  displacement  distributions  to  be  used  for  deriva- 
tions of  a type  II  element  [16,26).  In  this  case,  only  the  Kj  and  Kjj  modes 
appear  in  the  solution.  A more  rigorous  approach  is  to  apply  Reissner  plate 
theory,  in  which  the  effect  of  transverse  shear  is  accounted  for.  However, 
in  this  case  only  the  singular  stress  terms  are  available,  and  the  resulting 
"crack"  elements  are  type  I (26,27).  Table  II  presents  a current  inventory 
of  hybrid  "crack"  elements. 


Table  II  Inventory  of  Hybrid  "Crack"  Elements 
(Numbers  in  the  table  indicate  references) 


Type  of  Problem 

Type  I 
(Assumed 
Stress) 

Type  II 
(Assumed 
Stress) 

Type  III 
(Assumed 
Displacement) 

Plane  elasticity 
problems  with 
sharp  cracks: 

Isotropic  material 

8,9 

11,12,25,28 

13,14 

Orthotropic  material 

8,9 

21,22 

14,15 

Bi-material 

23,24 

Plane  elasticity 
problems  with  finite- 
angle  sharp  notches 

29 

Axisymmetric  solids 

25 

Through  cracks  in 
plates  subjected  to 
bending: 

Kirchhoff  theory* 

Reissner  theory 

26,27 

16,26 

Three-D  ime  ns iona 1 
Solids 

16,17 

18,19 

Elastic-plastic 
material  (power- law 
hardening,  two-dimen- 
sional problems) 

30,31,32 

*For  isotropic,  orthotropic  amd  bi-material  problems;  also  for 
plates  with  finite-angle  notches. 
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The  two-dimensional  isotropic  "crack"  element  type  II  was  applied  to 
several  practical  analyses  of  aircraft  structural  details  during  1974-75  [33, 
34,35,36].  This  activity  was  motivated  by  the  Air  Force  Aircraft  Structural 
Integrity  Program  (ASIP),  which  requires  K-solutions  for  the  calculation  of 
fatigue-crack  propagation  times  in  airframes.  Some  typical  results  of  these 
analyses  are  summarized  here.  Figure  4 illustrates  an  attachment  lug  model 
subjected  to  either  cosine  or  uniform  bearing  load  [33].*  Polar  plots  of 
Kj  and  Kjj  as  functions  of  the  angle  6 to  a radial  crack  in  the  bearing  hole 
are  shown.  These  models  contain  400  to  600  degrees  of  freedom  and  require 
about  1 CPU  minute  to  compute  32  solution  pairs  corresponding  to  11.25® 
increments  in  6 from  0®  to  348.75®.  The  attachment  lug  analysis  was  moti- 
vated by  problems  encountered  in  the  C-5A  engine  mounts,  and  has  also  been 
applied  to  assessment  of  A-7  wing  attachment  lugs. 

Similar  nondimensional  results  for  k/Fa/P  are  shown  in  Fig.  5 for  a 
double  chordwise  wing  skin  splice.  In  this  case,  the  outer  mesh  is  quite 
coarse,  and  is  connected  to  a refined  inner  mesh  via  a fastener  hole  element 
based  on  the  conventional  hybrid  stress  model  given  by  Eg.  1 [37].  Again, 
each  polar  plot  (24  solution  pairs  for  a given  a/R)  requires  about  1 CPU 
minute. 

Figure  6 illustrates  the  finite  element  model  and  results  for  Kj  for 
a three-dimensional  analysis  of  a compact  tension  test  specimen,  using  the 
solid  "crack"  elements  of  type  I [16,17].  The  computed  results  agree  well 
with  an  independent  analytical  solution  [38].  Further  performance  tests  of 
these  elements  in  analysis  of  semi-elliptical  surface  cracks,  followed  by 
application  to  ASIP  analyses  of  three-dimensional  attachment  lug  problems, 
are  planned  for  the  near  future. 

CONCLUSIONS 


Three  hybrid  models  have  been  utilized  to  formulate  special  "crack" 
elements  and  have  proved  to  be  a potent  technique  for  obtaining  fracture 
mechanics  solutions  to  many  singularity  problems  in  two-  and  three-dimen- 
sional elasticity.  Although  hybrid  "crack"  element  II  has  been  demonstrated 
to  be  the  most  convenient  and  accurate  model  for  plane  elasticity  problems, 
it  is  unfortunately  not  applicable  to  three-dimensional  fracture  mechanics. 
Initial  success  has  been  achieved  for  such  problems  using  the  hybrid  "crack" 
elements  type  I and  III.  Further  applications  of  these  hybrid  approaches 
to  practical  fracture  mechanics  problems  will  undoubtedly  be  forthcoming  in 
the  future. 
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The  total  bearing  load  is  1,000  lbs. 
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Figure  4 Attachment  Lug  Finite  Element 
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BACKGROUND 


During  a reportedly  normal  landing,  the  float  cross  tube  on  a heli- 
copter failed.  It  was  the  understanding  that  this  failure  was  acconpanied 
by  no  injuries  and  the  damage  to  the  aircraft  was  limited. 

The  failure  occurred  during  a landing  at  Cooke  Island  in  Alaska  where 
the  temperature  was  apparently  below  0°F.  The  helicopter  was  being  used 
in  a petroleum  exploration  operation  for  transporting  supplies  and  has 
been  in  service  for  1619.4  hours.  Two  such  helicopters  were  being  operated 
in  Alaska  and  both  failed  in  the  float  cross  tubes  in  similar  manners.  Five 
other  helicopters  of  the  same  type  were  at  the  same  time  operating  for  a 
similar  function  in  the  Gulf  of  Mexico  and  no  failures  were  reported  on 
them. 


The  general  position  of  the  failure  is  shown  in  the  sketch  of  Figure  1 
and  in  more  detail  in  Figure  2.  As  can  be  seen,  the  failures  occurred  in 
the  aft  cross  tube  adjacent  to  one  of  the  support  points.  The  helicopter 
is  connected  to  these  points  by  a strap  which  goes  entirely  around  the 
cross  tube  and  the  helicopter  is  fastened  to  the  cross  tube  only  by  six 
rivets.  Rubber  pads  are  placed  between  the  helicopter  body  and  the  cross 
tube  as  well  as  between  the  cross  tube  and  the  strap. 

The  load  in  the  helicopter  at  the  time  of  the  present  failure  is  un- 
known; however,  the  load  in  the  helicopter  involved  in  the  previous  failure 
at  the  time  it  failed  was  6101  lb  at  Station  131.1  inches  (approximately 
138.6  inches  aft  of  the  nose).  The  maximum  total  gross  weight  given  for 
this  type  of  aircraft  is  8500  lb. 

The  cross  tube  is  made  of  7075-T6  aluminum  alloy  and  the  tube  is  formed 
after  aging.  The  tube  had  an  original  wall  thickness  of  0.313  inch  but  was 
chem-milled  between  Plane  "B"  and  Plane  "A",  as  indicated  in  Figure  2,  from 
0.313  to  0.200/0.170  inch.  The  diameter  of  the  tube  was  originally  3.25 
inches  but,  due  to  the  forming,  it  is  slightly  elliptical  at  various  points 
along  its  length.  The  total  length  of  the  cross  tube  is  154  inches. 

The  fractures  of  both  failures  were  reported  to  have  similar  appear- 
ances with  small  flaws  apparent  on  them.  These  flaws  were  located  at  points 
corresponding  to  the  bottoms  of  the  tubes.  The  flaw  in  the  previous  failure 
had  an  area  of  about  0.16  square  inch  and  the  area  of  the  flaw  in  the  pre- 
sent failure  is  about  0.02  square  inch. 

Because  of  the  unexpected  nature  of  the  failures,  their  propagation 
from  apparently  very  small  flaws,  and  because  of  the  five  additional 
helicopters  of  similar  design  that  were  in  use  in  the  Gulf,  a failure 
analysis  study  was  conducted. 
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Fig.  1 --  General  Position  of  Fracture 


OBJECTIVES 

(1)  To  conduct  a metallurgical,  fractographic,  and  stress  analysis 
investigation  of  the  failed  cross  tube  in  order  to  determine, 
if  possible,  the  cause(s)  contributing  to  the  failure. 

(2)  To  determine  if  potential  failures  from  the  same  cause(s) 
exist  in  the  other  helicopters  of  the  same  design  that  are 
still  in  service. 

(3)  To  reconmend  corrective  action  that  might  be  taken  to 
eliminate  the  conditions  causing  the  failure. 


SUl^lARY 

A failure  analysis  study  was  performed  on  a failed  helicopter  float 
cross  tube  to  determine  the  cause  of  failure.  The  failure  was  found  to 
have  formed  on  a fatigue-cracked  flaw  that  had  grown  to  a size  which  was 
critical  for  the  stresses  involved.  Apparently,  the  fatigue  crack 
initiated  on  a small  surface  crack,  perhaps  caused  by  corrosion  or  stress 
corrosion.  However,  the  surface  stresses  in  the  tube  under  several  assumed 
conditions  of  loading  were  found  to  be  of  sufficient  magnitude  to  cause  a 
fatigue  crack  to  initiate  and  propagate  without  an  additional  stress  raiser 
being  present.  Although  the  two  failures  occurred  in  Alaska,  little  in- 
fluence of  the  temperature  on  the  conditions  of  fracture  is  seen  and, 
therefore,  it  is  believed  that  the  helicopers  presently  operating  in  the 
Gulf  may  contain  potential  failures. 
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Fig.  2 — Detailed  Location  of  Fracture 
FAILURE  ANALYSIS 


The  laboratory  studies  pursued  during  the  failure  analysis  of  the 
failed  float  cross  tube  included  visual  examinations  of  the  fracture, 
electron  microscopic  studies  of  the  fracture,  visual  and  microscopic  ex- 
aminations of  the  surface  of  the  tube,  and  metal lographic  studies  of  cross 
sections  of  the  tube. 

VISUAL  EXAMINATIONS  OF  THE  FRACTURE 


Figure  3 contains  photographs  of  the  two  halves  of  the  fracture. 

Visual  examinations  of  these  revealed  a flaw  at  the  outside  surface  of  the 
tube.  The  macroscopic  markings  on  the  fracture  indicated  that  the  flaw 
definitely  was  the  origin  of  the  fracture.  This  area  is  identified  by  the 
arrow  in  Figure  3 and  is  shown  at  higher  magnification  in  Figure  4.  The 
flaw  was  at  the  bottom  of  the  tube  as  it  is  oriented  when  in  service.  This 
was  determined  since  the  flaw  was  about  180  degrees  from  the  center  rivets 
in  the  rubber  pad  that  identifies  the  top  of  the  tube. 
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Unfortunately,  the  flaw  area  was  severely  damaged  on  one  half  of  the 
fracture,  shown  in  the  lower  photograph  in  Figure  3,  but  appeared  to  be 
relatively  undamaged  on  the  other  half,  shown  in  the  top  photograph  of 
Figure  3 and  in  Figure  4. 


IX 


IX 

Fig.  3 --  Fracture  in  Float  Cross  Tube 


The  flaw  where  failure  originated  is  identified  by  the  arrow. 
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Fig.  4 --  Fatigue  Cracked  Flaw  on  Fracture  of  Float  Cross  Tube 


The  flaw  possessed  a classical  semi-elliptical  shape.  Its  size  was 
measured  microscopically  and  found  to  be  0.183  inch  along  the  surface 
(major  axis)  and  0.075  inch  deep  (one  half  the  minor  axis). 

Macroscopically  the  flaw  area  had  the  appearance  of  fatigue,  and  this 
was  verified  by  electron  fractography  as  described  below.  It  appeared  to 
have  an  origin  point  at  the  surface  approximately  at  the  mid-point  of  the 
major  axis.  This  point  is  identified  by  the  arrow  in  Figure  4. 

The  remainder  of  the  fracture  was  a typical  overload  type  of  fracture 
and  was  relatively  flat  except  for  the  part  of  the  tube  corresponding  to 
its  top,  which  had  a "V"  type  of  fracture  as  shown  in  Figure  3.  This  area 
of  the  fracture  was  the  last  part  to  fail. 

ELECTRON  FRACTOGRAPHIC  STUDIES 

The  flaw  area  was  examined  by  electron  microscopy  in  an  attenpt  to 
verify  that  it  formed  by  fatigue,  to  determine  the  approximate  number  of 
stress  cycles  involved,  and  to  determine  the  nature  of  the  origin  of  the 
flaw.  For  these  studies,  a strip  of  cellulose  acetate  was  moistened  in 
acetone  and  pressed  onto  the  surface  of  the  fracture.  When  this  had  dried, 
it  was  lifted  from  the  fracture  and  shadowed  with  platinum-carbon,  fol- 
lowed by  a coating  of  carbon.  The  ace'tate  was  ftrolly  dissol'ved  and  the 
resulting  replica  examined  in  an  electron  microscope. 
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Figure  5 contains  electron  micrographs  of  typical  areas  of  the  flaw 
area.  As  can  be  seen,  the  typical  striated  appearance  of  a fatigue  frac- 
ture was  found.  Since  it  has  been  shown  that  each  striation  is  formed  by 
a separate  cycle  of  stress  when  they  exist,  a count  of  the  total  number  of 
striations  gives  a value  for  the  total  number  of  stress  cycles  involved  in 
the  propagation  of  the  crack.  This  is,  of  course,  only  true  if  there  are 
not  large  amounts  of  cleavage  or  tearing  present.  This  type  of  count  was 
performed  at  selected  points  in  the  flaw,  and  the  data  integrated  over  the 
total  length  of  the  flaw.  A value  of  about  6500  cycles  was  obtained. 

This  value  was  determined  from  counting  the  rather  well-defined  striations 
that  are  shown  in  Figure  5.  The  spacing  of  these  striations  were  found  to 
be  relatively  uniform  over  the  entire  area  of  the  flaw  and  this  suggests 
that  the  magnitude  of  the  cyclic  stresses  propagating  the  fatigue  crack 
must  also  have  been  rather  uniform.  As  will  be  seen  in  the  stress  calcu- 
lations described  later,  it  was  suggested  that  a possible  source  of  the 
cyclic  stresses  is  the  wave  action  that  occurs  while  the  helicopter  floats 
on  the  water. 

Close  examination  of  the  micrographs  in  Figure  5,  particularly  Figure 
5a,  reveals  the  suggestion  of  several  very  finely  spaced  striations  between 
the  striations  mentioned  above.  If  these  are,  in  fact,  fatigue  striations, 
a low  anplitude  cyclic  stress  superimposed  on  the  higher  magnitude  stress 
accounting  for  the  more  widely  spaced  striations  would  be  indicated. 

In  addition  to  electron  microscopic  examinations  of  the  propagation 
of  the  fatigue  crack  in  the  flaw  area,  examinations  were  made  of  the  point 
of  origin  of  the  crack.  Unfortunately,  the  outer  edge  of  the  tube  in  the 
entire  area  of  the  flaw  was  damaged  and  therefore  examinations  of  the 
origin  were  prevented.  The  normals  to  the  striations,  however,  usually 
point  to  the  origin  of  a fatigue  crack  and  this  position  was  indicated  on 
the  cross  tube.  Striated  fracture  was  observed  up  to  the  damaged  edge 
which  indicates  that  a large  inperfection  did  not  initiate  the  crack.  The 
need  for  a significant  stress  raiser  to  start  the  crack  also  does  not 
appear  to  be  necessary  as  is  shown  by  the  stress  analysis  described  below. 

VISUAL  AND  MICROSCOPIC  EXAMINATION  OF  THE 
SURFACE  OF  THE  CROSS  TUBE 


Visual  examination  of  the  outer  surface  of  the  cross  tube  revealed 
that  the  paint  on  it  contained  numerous  cracks  in  a band  about  1 inch  wide 
on  the  bottom  side  of  the  tube.  The  fatigue  flaw  that  apparently  initiated 
the  failure  was  located  approximately  in  the  middle  of  this  band.  All  of 
the  cracks  in  the  paint  were  short  and  oriented  in  the  circumferential 
direction,  i.e.,  normal  to  the  length  of  the  tube.  No  cracking  was  seen 
on  other  areas  of  the  tube. 

The  paint  was  removed  from  the  tube  by  immersion  in  acetone  so  that 
the  surface  below  the  paint  could  be  examined  for  cracks.  Essentially 
the  same  crack  pattern  as  seen  in  the  paint  was  seen  on  the  surface  of  the 
tube.  These  cracks  are  shown  in  Figure  6.  The  long  direction  of  the  tube 
is  indicated  by  the  arrow  in  this  figure. 


1 


'500X  (c)  ;500x  (d) 


Fig.  5 --  Typical  Electron  Fractographs  of  Fatigue-Cracked  Semi- 
Elliptical  Flaw  in  Float  Cross  Tube 

The  arrows  indicate  the  microscopic  direction  of  crack  propagation. 

METALLOGRAPHIC  STUDIES  OF  CROSS  SECTIONS  OF  THE 
OUTER  SURFACE  OF  THE-CROSS  TUBE 


Metal lographic  sections  were  prepared  of  the  outer  surface  of  the 
cross  tube  in  an  attempt  to  determine  the  nature  of  the  cracking  observed 
on  the  surface.  A typical  area  is  shown  in  Figure  7.  The  entire  surface 
was  found  to  be  cracked,  but  the  cracks  were  very  shallow,  extending  to  a 
depth  of  only  about  0.0005  inch.  All  of  these  cracks  were  found  to  be  in- 
tergranular and,  as  such,  were  often  oriented  at  various  angles  to  the 
surface . 

Because  of  their  intergranular  nature,  it  was  suspected  that  they 
may  have  been  caused  by  some  type  of  a corrosion  or  stress  corrosion 


Fig.  6.  --  Cracks  on  Surface  of  the  Bottom  of  the  Float  Cross  Tube 


Fig.  7 --  Cross  Section  of  Cracks  Shown  in  Figure  6 


mechanism  and  not  by  fatigue.  However,  no  visible  corrosion  products  were 
observed  in  them. 


STRESS  ANALYSIS 


Based  on  the  results  of  the  examinations  of  the  failed  tube  described 
above,  a rather  limited  stress  analysis  was  made  of  the  tube  to  see  if  the 
failure  could  have  been  predicted  from  the  stress  conditions.  This  in- 
volved (a)  determining  if  a fatigue  crack  of  the  type  observed  could  have 
initiated  and  propagated  and  (b)  determining  if  the  size  of  flaw  observed 
is  of  a critical  size  that  should  result  in  total  failure. 

Loading  Conditions 

For  the  analysis,  two  loading  conditions  have  been  considered  since 
they  both  appear  to  strongly  influence  the  stress  levels  in  the  tube  and 
associated  flaw  behavior.  Of  primary  interest  is  the  landing  condition 
when  the  cross  tube  apparently  failed.  However,  as  will  be  illustrated, 
there  is  a floating  condition  subject  to  wave  action  that  also  appears 
significant  for  fatigue  crack  generation. 

Landing  Condition  at  Failure.  An  aircraft  weight  of  6100  lb  was 
assumed  with  the  C.  G.  at  Station  130  inches.  This  assumption  was  based  on 
the  known  weight  involved  in  the  previous  failure.  From  this,  the  load  per 
aft  cross  tube  arm  is  calculated  to  be  2030  lb.  This  assumes  ideal  and 
uniform  landing  under  1 G.  conditions  and  should  be  very  conservative.  Full 
load  landing  with  centered  C.  G.  (i.e.,  at  Station  120)  would  apply  2125 
Ib/arm. 

Floating  Condition.  An  empty  aircraft  floating  in  a gentle  breeze 
(sea  state  1)  was  assumed  for  this  condition.  An  aircraft  weight  of  5600 
lb  was  assumed  with  the  C.  G.  at  Station  140  inches.  The  load  per  aft 
cross  tube  arm  was  then  2330  lb.  Wave  action  in  sea  state  1 may  super- 
impose a ^ 0.1  G cyclic  loading. 

Stress  Conditions 


The  tube  flexural  stresses  at  the  attachment  area  were  determined  from 
the  loading  geometry  shown  in  the  sketch  of  Figure  8.  On  this  basis,  the 
maximum  moment  occurs  at  and  extends  inboard  of  the  attachment  point  and  is 
equal  to  38.2  P. 

The  tensile  stress  field  is  maximum  at  the  underside  of  the  tube  where 
the  surface  flaw  occurs  and  is  calculated  as 


Stress  levels  calculated  for  various  possible  loading  conditions  were  then 
calculated  and  are  listed  at  the  bottom  of  Figure  8 in  Table  1. 
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Fig.  8 --  Sketch  of  Loading  Geometry  in  Float  Cross  Tube 


Table  1.  Calculated  Stress  Levels  for  Various  Loading  Conditions 


Condition 

Weight 

Tube 

Load , lb 

Mid-Wall 
Stress,  ksi 

Surface 

Stress,  ksi 

Landing 

Partial,  6100 

2030 

40.2 

44.5 

Landing 

Full,  8500 

2125 

42.1 

46.5 

Floating 

Empty,  5600 

2330 

46.1 

51.0 

Floating 

Cyclic,  high 

2563 

50.8 

56.2 

low 

2097 

41.5 

45.9 
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FRACTURE  ANALYSIS 


A fracture  analysis  was  next  made  to  determine  if  the  size  of  the  flaw 
observed  was  of  a size  that  would  be  critical  and  thereby  cause  total 
failure.  For  this,  I have  considered  only  the  landing  condition  since  this 
is  reported  to  be  the  condition  when  the  failure  occurred. 

The  stress  levels  determined  above  are  believed  to  be  extremely  conser- 
vative and,  since  landing  could  impose  a load  factor  of  1. 5-2.0,  I have 
used  the  lower  value,  1.5,  for  the  fracture  analysis.  Then,  during  land- 
ing a representative  average  stress  field  adjacent  to  the  flaw  is  60.3 
ksi  (1.5  X 40.2). 

Using  the  idealized  elastic  surface  flaw  fracture  model,  K,  the  stress 
intensity  is 

K = 1.1 

For  a flaw  of  the  size  observed,  0.075  inch  deep  by  0.183  inch  at  the 
surface,  a value  for  Q of  1.25  is  reasonable.  Then, 

K = (l.l)(60.3)yS^|p^  = 28.9  ksi-in. 

1/2 

This  value  is  within  the  critical  27  to  35-ksi-in.  room  temperature 
range  indicated  "for  information  only"  for  7075-T6  aluminum  in  Mil-FiDBK-5 
(1969).  Therefore,  the  crack  appears  to  be  of  a critical  size  and  failure 
would  be  expected  when  a flaw  of  this  size  exists.  The  conservatism  of 
the  above  analysis  further  suggests  that  even  smaller  flaws  may  be  critical 
under  loading  conditions  that  could  exist  in  the  cross  tube. 

DISCUSSION 

The  results  of  this  analysis  have  shown  that  a flaw  existed  in  the 
cross  tube  before  the  final  failure  occurred.  This  flaw  was  on  the  sur- 
face of  the  tube  and  at  its  bottom.  It  was  shown  by  electron  fracto- 
graphy  to  have  propagated  by  fatigue  due  to  cyclic  stresses  and  that  ap- 
parently about  6500  stress  cycles  of  approximately  uniform  magnitude  were 
involved;  although  the  actual  point  of  origin  of  the  fatigue  could  not  be 
examined  because  of  damage  on  the  surface  of  the  fracture,  the  fracto- 
graphic  studies  indicated  the  origin  area  must  have  been  very  shallow.  The 
metal lographic  studies  revealed  that  the  bottom,  outer  surface,  of  the  tube 
t contained  numerous  cracks  that  extended  into  the  material  to  a maximum 

' depth  of  about  0.0005  inch.  Although  not  confirmed,  it  was  suspected  that 

the  fatigue-cracked  flaw  initiated  on  one  of  these  small  cracks.  Further- 
I more,  the  origin  of  the  small  surface  cracks  could  not  be  conclusively 

t determined:  however,  because  of  their  intergranular  nature  it  was  sus- 

i pected  that  corrosion  or  stress  corrosion  was  their  cause.  Because  of  this. 
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it  was  suggested  that  an  examination  of  the  effect  of  the  chem-mi lling  on 
the  surfaces  of  the  tubes  be  made. 

The  fracture  analysis  of  the  tube  containing  the  flaw  showed  that,  with 
the  loading  conditions  assumed  to  exist  in  the  tube,  the  fatigue-cracked 
flaw  was  of  a critical  size  and  total  failure  would  be  expected. 

Since  the  only  failures  that  had  occurred  did  so  in  aircraft  operating 
in  Alaska,  and  those  operating  in  the  warmer  environment  of  the  Gulf  had 
not  failed,  a brief  analysis  of  the  effect  of  temperature  on  the  propaga- 
tion of  the  fatigue  crack  and  the  size  of  flaw  that  would  be  critical  was 
made.  Realizing  that  several  factors  must  be  considered  in  this  type  of 
analysis,  it  was  concluded  that  little  effect  should  be  realized  from  the 
temperature. 
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INTRODUCTION 


During  1975  the  MIT  Aeroelastic  and  Structures  Research  Laboratory  was 
asked  by  the  Stowe-Woodward  Company  to  assist  in  the  development  of  a method 
for  life-assessment  of  printing  press  rolls.  The  typical  printing  press  roll 
is  a large  cylindrical  component  (about  48  inches  in  diameter)  which  consists 
of  a structural  metal  drum  with  a thick  exterior  rubber  layer.  The  rubber 
layer  is  adhesively  bonded  to  the  metal  drum,  and  the  sandwich  is  drilled  with 
a square  array  of  through-holes  to  permit  ink  to  reach  the  printing  plates. 
Figure  1 shows  a schematic  cutaway  view  of  a small  section  of  the  roll. 

The  figure  also  indicates  the  predominant  damage  mode  which  has  been 
experienced  in  service  with  this  equipment:  debond-cracking  which  propagates 
along  the  adhesive  layer  between  the  rubber  and  the  metal.  The  objective  of 
the  MIT  research  program  was  to  develop  the  data  base  and  analysis  required  to 
predict  the  life  of  a roll  from  debond-crack  growth-rate  data. 

Some  preliminary  experiments  had  been  conducted  prior  to  this  program. 

In  these  experiments,  ASTM-type  compact  tension  specimens  were  constructed  of 
one-half  metal  and  one-half  rubber,  with  a pre-crack  introduced  along  the 
rubber-metal  bond-line.  With  alternating  tension  loading  applied  to  these 
specimens,  an  unsuccessful  attempt  was  made  to  obtain  the  standard  type  of 
crack  growth-rate  data,  i.e.  a logarithmic  plot  of  da/dn  versus  AKj,  where: 

da/dn  = Crack  growth-rate  (Inch/cycle) 

AKj  “ Stress  Intensity  range  (psi/in) 

Observations  of  these  experiments  indicated  virtually  no  difference  between 
the  threshold  value  of  AKj  (below  which  no  crack  growth  could  be  observed)  and 
the  critical  value,  at  which  the  debond-crack  would  propagate  across  the  entire 
test  specimen  within  a few  load  cycles  (1). 


FIGURE  1.  CUTAWAY  VIEW  OF  PRINTING 
PRESS  ROLL 


One  might  conclude  from  these  laboratory  tests  that  the  life  of  a print- 
ing press  roll  ought  to  be  either  infinite  or  (at  slightly  higher  applied 
loads)  only  a few  cycles.  However,  full-scale  tests  of  the  rolls  demonstrated 
intermediate  lives  in  the  range  of  10^  to  10^  cycles.  Also,  examination  of 
the  bond  surface  after  removal  of  the  rubber  covers  from  rolls  which  had  been 
cycled  to  endurance  less  than  the  fatigue  life  revealed  annular  zones  of 
debonding  around  the  ink  holes,  as  shown  in  Fig.  1 [2].  Hence,  debond-crack 
propagation  must  be  accepted  as  the  life-limiting  damage  mode  in  a printing 
press  roll  of  this  construction.  The  manufacturer's  objective  was  to  develop 
a design  approach  which  could  extend  the  life  of  a roll  to  the  range  of  10^  to 
109  eye les . 


ANALYSIS 


In  view  of  the  conflict  between  the  laboratory  experiments  and  the 
full-scale  tests,  it  was  hypothesized  that  crack-propagation  in  the  roll  was 
being  driven  by  Mode  II  loads,  l.e.  shearing  parallel  Co  the  plane  of  the 
debond  crack.  This  hypothesis  was  reinforced  by  previous  studies  of  the 
phenomenon  of  rolling  contact  [3,4].  These  studies  Included  stress  analyses 
in  which  there  were  significant  shear  stresses  at  the  edges  of  the  zone  of 
contact  between  two  rollers,  with  the  sign  of  the  shear  stress  at  contact  exit 
reversed  with  respect  to  the  sign  at  contact  entrance.  Hence,  it  is  reasonable 
to  assume  that  the  adhesive  bond-line  in  a printing  press  roll  will  experience 
one  full  reversed  shear-stress  cycle  per  revolution,  while  a compressive  nor- 
mal stress  across  the  debond-crack  is  caused  by  the  contact  pressure. 
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Therefore,  it  was  reconunended  that  a Mode  II  laboratory  test  specimen 
be  developed  to  acquire  the  necessary  crack  growth-rate  data.  It  was  assumed 
that,  with  such  a specimen  available,  the  experimental  data  could  be  correlated 
by  a power  law  of  the  form; 

da/dn  = C (AKjj)"’  (1) 

where  AKjj  is  the  Mode  II  stress  Intensity  range  and  C,  m are  empirical  con- 
stants fit  to  a logarithmic  plot  of  the  test  data.  Equation  1 is  simply  the 
the  application  of  a Paris  equation  to  shearing-mode  crack  growth.  Of  course, 
before  one  can  apply  Eq.  1 to  the  correlation  of  test  data,  one  must  have  an 
accurate  relationship  between  the  Mode  II  stress  intensity,  Kjj,  and  the 
experimentally  observable  parameters,  viz;  applied  load  and  crack  size. 

SPECIMEN  DEVELOPMENT 


Finite-element  analysis  was  employed  to  obtain  the  required  relation 
between  Kjj,  applied  load  and  crack  size.  Also,  the  analysis  was  used  as  a 
design  tool  to  evaluate  the  ability  of  the  test  specimen  to  provide  the  stress 
environment  required  to  produce  stable  debond-crack  propagation. 

Since  the  principal  contribution  to  crack  growth  at  the  printing  press 
roll  adhesive  bond  is  thought  to  be  shear  stress,  the  design  activity  focussed 
upon  possible  configurations  for  a Mode  II  test  specimen.  A bi-material  "com- 
pact shear"  specimen  concept  (Fig.  2)  was  selected  as  a promising  candidate. 

This  design  is  quite  similar  in  general  appearance  to  the  ASTM  standard  com- 
pact tension  specimen,  which  is  widely  used  today  for  Mode  I crack-propagation 
tests  of  homogeneous  materials.  The  design  illustrated  in  Fig.  1 consists  of 
a 0.25-lnch  wide  rubber  layer  bonded  between  two  metal  layers,  with  a pre-crack 
in  the  bond  which  lies  along  the  load  centerline.  The  offset  load  arms  apply 
shearing  forces  to  the  specimen  through  two  bearing  pins.  Since  a moment  is 
associated  with  these  forces,  the  specimen  must  he  placed  on  rollers  between 
anti-rocking  supports. 

The  primary  condition  which  the  test  specimen  is  required  to  satisfy  is 
that  the  Mode  I stress  intensity  factor  Kj  must  be  much  lower  than  (ideally, 

the  condition  Kj  = 0 is  sought).  This  stringent  design  requirement  calls  for 
■a  careful  analysis  of  the  test  specimen  before  any  ma^or  commitment  to  an 
experimental  program.  The  problem  is  compounded  by  the  conflict  between 
requirements  for  economy  and  realism*  in  the  specimen  design  and  the  limita- 
tions of  analytical  stress  analysis  methods.  The  requirements  usually  dictate 
a design  with  no  extreme  dimensions  and  with  different  boundary  geometries  in 
proximity,  configurations  for  which  stress  solutions  cannot  be  calculated 
analytically.  Also,  the  bi-material  Interface  introduces  its  own  complication, 
in  that  the  fracture  mechanics  stress  singularities  associated  with  cracks  at 
these  Interfaces  have  a general  r"^  behavior  Instead  of  r"l/2^  where  r measures 
radial  distance  from  the  crack  tip.  The  value  of  X has  been  shown  to  depend 


Realism;  Can  you  grip  it  and  load  it? 
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FIGURE  2.  TEST  SPECIMEN 
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upon  the  relative  values  of  the  elastic  moduli  and  Poisson  ratios  of  the  two 
materials  [ 5 ] . 

Although  analytical  solutions  have  been  obtained  for  debond  cracks 
between  two  infinite  dissimilar  materials  [6],  a numerical  analysis  is  required 
to  properly  evaluate  a test  specimen  such  as  the  one  illustrated  in  Fig.  2. 
Finite-element  analysis  is  an  obvious  approach,  but  requires  an  accurate  repre- 
sentation of  the  stress  singularity  behavior  in  the  elements  which  surround 
the  crack  tip.  It  is  well  known  that,  without  this  representation,  the  solu- 
tion convergence  rates  are  so  slow  that  the  finite-element  mesh  must  be  refined 
beyond  the  bounds  of  computational  economy,  and  that  this  situation  cannot  be 
improved  by  using  displacement  elements  with  higher-order  interpolations  [7]. 
However,  a recently  developed  assumed-stress  hybrid  element  (SKBP17)  was  avail- 
able for  this  analysis.  The  SKBP17  element  includes  both  displacement  and 
stress  interpolations,  the  latter  derived  from  a stress-function  solution  for 
the  near-field  behavior  of  the  actual  bi-material  singularity.  The  SKBP17  ele- 
ment was  verified  by  comparison  with  the  analytical  solutions  given  in  Ref.  6, 
and  was  shown  to  provide  computed  values  Kj,  Kjj  less  than  1 percent  different 
from  the  analytical  values  [RJ.  These  tests  were  accomplished  using  meshes 
containing  only  a few  hundred  degrees  of  freedom.  Additional  details  of  the 
crack-element  variational  formulation  appear  in  Ref,  9. 

Therefore,  the  SKBP17  element  was  viewed  as  a practical  tool  for  assess- 
ment of  the  proposed  "compact  shear"  specimen  design.  A typical  finite-element 
model  of  the  test  specimen  is  illustrated  in  Fig.  3.  Note  that  the  crack  ele- 
ment is  coupled  to  conventional  displacement  elements  (TRIM3,  QUAD4)  in  the 
surrounding  mesh.  Another  special-purpose  hybrid  element  (HOLEL)  [10]  is  used 
to  model  the  bearing  pin  holes  to  avoid  wasting  mesh  detail  in  those  areas. 

The  entire  finite-element  model  has  approximately  520  degrees  of  freedom  and 
is  processed  through  an  automated  solution  procedure  in  which  the  SKBP17  ele- 
ment moves  from  left  to  right  to  provide  K-solutions  for  approximately  20 
crack  sizes.  Several  numerical  studies  were  conducted  with  the  boundary  con- 
ditions varied  to  represent  different  physical  possibilities  for  the  antl- 
rocklng  supports.  The  boundary  conditions  shown  in  Fig.  3 correspond  to 
ideally  rigid  supports  of  limited  extent  along  the  specimen's  lateral  edges. 
Rigid  supports  of  full  extent  and  combinations  of  rigid  and  spring  supports 
were  also  studied. 


RESULTS  AND  CONCLUSIONS 


The  reason  for  the  extent  of  the  Investigation  appears  in  Fig.  4,  which 
Illustrates  the  solution  for  Mode  I and  Mode  II  stress  Intensity  as  a function 
of  crack  size.  The  solutions  shown  correspond  to  the  boundary  conditions  in 
Fig.  2 and  represent  the  best  effort  to  satisfy  the  essential  design  require- 
ment Kj  <<  Kjj.  For  other  support  conditions,  K-j  tended  to  Increase  while  K-jj 
remained  at  about  the  level  shown  in  the  figure. 

Thus,  we  failed  to  meet  our  main  objective,  which  was  to  design  a test 
specimen  which  could  be  used  to  study  Mode  II  fatigue  propagation  of  debond 
cracks  in  bi-materlals.  However,  the  study  does  provide  a good  illustration 


FIGURE  3.  FINITE-ELEMENT  MODEL 


of  the  value  of  finite-element  analysis  as  a tool  for  the  assessment  of  frac- 
ture mechanics  test  specimen  concepts.  In  the  light  of  the  results  we  obtained, 
the  importance  of  making  such  an  assessment  before  committing  funds  to  an 
experimental  program  is  obvious.  A new  study  is  now  in  progress  to  define  and 
evaluate  other  test  specimen  configurations  for  this  application. 
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INTRODUCTION 


Historical  Background 

In  the  late  1950s,  a seven-story  parking  garage  of  reinforced  concrete 
was  built  in  Houston,  Texas,  and  after  a few  weeks,  it  was  noticed  that  seri- 
ous cracks  ISee  Fig.  1)  were  occurring  near  the  ends  of  the  joists  near  the 
large  18-inch-by-18-inch  columns  on  the  outside  perimeter  of  the  floor,  as  well 

as  in  the  same  location  on  each  side  of  these  columns  where  ithe  pan-joist  type 

floor  system  was  supported  by  the  spandrel  beam  running  between  these  columns. 
Some  of  those  cracks  ran  not  only  throughout  the  depth  of  the  stem  of  the 
joist,  but  through  the  slab  depth  as  well.  Inasmuch  as  there  was  no  diagonal 
tension  steel  in  the  joist  stems,  only  the  dowel  action  of  the  bottom  steel  in 
the  joist  stems,  the  mesh  in  the  floor,  and  the  surrounding  floor  held  up  the 

floor  and  joists  where  the  cracks  extended  both  through  the  joist  stem  and 

floor  slab.  The  presence  of  these  cracks  thus  constituted  a grave  danger  to 
the  safety  of  the  building. 


Figure  1.  Cracks  in  Joists 


Typical  .foist  Section 
Figure  3. 
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Distribution  of  Cracks 


The  objective  of  the  investigation  was  quite  clear;  it  was  to  determine 
the  cause  of  the  cracks  and  to  determine  whether  or  not  they  could  be  repaired 
so  that  the  building  could  be  used  safely. 

Technical  Background 

The  reinforced  building  under  study  was  designed  in  strict  adherence  with 
the  ACI  code  in  effect  at  that  time.  The  building  consisted  of  extremely 
large  (.18-inch-by-18-inch)  exterior  and  interior  columns,  and  what  is  known  as 
a pan-joist  floor  system.  This  is  a system  in  which  the  floor  and  the  joists 
are  poured  as  a unit,  or  at  one  time.  Apparently  everything  had  been  done  in 
the  way  of  design,  in  the  use  of  materials,  and  in  construction  in  accordance 
with  accepted  design  criteria  and  construction  procedures.  The  origin  of  the 
cracks  thus  presented  quite  a mystery  at  the  beginning  of  the  study,  and,  in 
addition,  there  were  technical,  legal,  economic  aspects,  etc.,  to  the  problem. 

FORMULATION 


Definition  of  Tasks 

It  is  the  nature  of  ordinary  reinforced  concrete  to  crack,  and  it  is  ex- 
tremely difficult  to  prevent  it  from  doing  so.  Prestressed  concrete  is  nor- 
mally crackless  concrete  as  it  is  designed  to  be  so.  As  a matter  of  fact,  if 
a reinforced  concrete  structure  acts  at  the  design  load,  it  will  certainly 
crack  (although  the  cracks  may  not  necessarily  be  seen  with  the  naked  eye)  be- 
cause of  the  difference  in  the  stress-strain  and  strength  properties  of  the 
plain  concrete  and  the  reinforcing  steel. 

The  appearance  and  direction  of  the  most  serious  cracks  (Fig.  1)  in  the 
building  suggested  ordinary  diagonal  tensile  stresses  as  the  cause,  but  con- 
ventional computations  for  such  stresses  provided  values  obviously  too  low  to 
be  a single  source  of  the  cracks.  Therefore,  it  was  necessary  to  look  else- 
where (many  other  places,  in  fact)  for  a more  complete  explanation. 

Technical  Data 

The  concrete  used  in  the  building  was  lightweight  structural  concrete, 
that  is,  concrete  consisting  of  cement  and  water,  a small  amount  of  sand,  and 
manufactured  fine  and  course  aggregates  (burnt  clay  or  shale) . Structural 
concrete  of  this  type  is  very  commonly  used  today,  but  was  not  commonly  used 
at  that  time.  Shrinkage  of  lightweight  concrete  is  slightly  greater  than  that 
of  ordinary  sand  and  gravel  (fine  and  course  aggregates) , a fact  not  as  com- 
monly known  and  appreciated  at  that  time  as  it  is  now.  The  steel  used  in  the 
structure  was  conventional  reinforcing  steel,  and  the  construction  procedures 
used  were  those  commonly  used  throughout  the  industry  for  buildings  of  that 
type. 


ASSESSMENT 


A detailed  presentation  of  numerical  data  obtained  in  this  portion  of  the 
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case  study  would  require  much  more  space  than  is  available.  (The  original 
source  required  a major  portion  of  the  14S  page  report.)  The  work  consisted 
primarily  of  the  various  computation  procedures  involved  in  determining  the 
steel  and  concrete  stresses  required  to  permit  a study  of  the  stress  condi- 
tions near  the  ends  of  the  joists.  These  computations  involved  the  following 
items: 

(1)  Assumptions  concerning  joist-spandrel  beam-column  framework, 

(2)  Dead  load, 

(3)  Live  load, 

(4)  Fixed  end  moments, 

(5)  Moment  distribution  factors, 

(6)  I/L  for  3-joist  unit, 

(7)  Dead  load  and  live  load  negative  moments, 

(8)  Selection  of  analysis  points  in  failure  zone, 

(9)  Shear  and  bending  moments  in  failure  zone, 

(10)  Summary  of  dead  and  live  load  shears  and  bending  moments, 

(11)  Steel  and  concrete  stresses, 

(12)  Properties  of  transformed  sections, 

(13)  Concrete  stresses--dead  plus  live  load, 

(14)  Steel  stresses--dead  plus  live  load, 

(15)  Stresses  at  top  of  slab,  and 

(16)  Principal  stresses. 

A detailed  summary  of  the  estimated  stresses  obtained  was  prepared,  from 
which  specific  conclusions  could  be  drawn  regarding  the  safety  of  the  build- 
ing. Rather  than  presenting  a small  portion  of  the  computations  and  results, 
the  remainder  of  this  case  study  is  given  primarily  in  narrative  form,  be- 
lieved to  be  more  appropriate. 

The  steps  taken  in  obtaining  information  required  for  the  conclusion  de- 
cision regarding  the  safety  of  the  building  were  as  follows: 

(1)  Obtaining  a detailed  survey  of  the  cracks,  with  regard  to  extent, 
width,  incidence,  and  then  repeating  this  procedure  at  juonthly  intervals  to 
determine  whether  or  not  the  severity  of  the  cracks  was  increasing,  and  if  so, 
in  what  manner. 

I 

(2)  Concurrently  with  step  one,  many  alternatives  were  considered  in  re- 
storing the  strength  which  had  been  lost  due  to  the  cracks.  It  should  be 
noted  that  there  were  no  stirrups  (or  vertical  bars)  in  the  stems  of  the 
joists  to  resist  the  diagonal  cracks,  and  thus  where  the  concrete  was  cracked 
both  throughout  the  depth  of  the  beam  and  the  floor  sla'. , as  well,  there  was 
nothing  to  hold  up  the  floor  system  and  any  live  load  e.;cept  the  dowel  action 
of  the  continuous  bottom  steel  reinforcement  which  extended  into  the  columns 
or  the  spandrel  beam  on  the  outside  perimeter  of  the  building.  From  the  very 
beginning,  the  writer  was  very  doubtful  as  to  whether  or  not  the  building 
could  be  saved,  primarily  because  no  immediate  ideas  came  to  mind  as  to  how 

to  restore  the  strength  lost  in  the  extensive  initial  cracking  of  the  con- 
crete. The  owners  and  engineers  were  insistent  in  trying  various  methods  of 
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injt'cting  epoxy  cements  into  the  cracks  in  an  effort  to  stop  the  cracking. 

Ibis  procedure  did  add  temporary  live-load  strength  to  the  floor  system,  but 
there  were  a number  of  additional  factors  (probably  more  important  than  the 
live  load)  which  caused  the  cracks  in  the  first  place,  and  it  was  not  believed 
that  the  injection  of  the  epoxy  had  any  influence  on  these  factors.  It  was 
believed  that  cracks  adjacent  to  those  which  had  been  filled  with  epoxy  would 
occur;  and  this  is  exactly  what  happened.  The  epoxy- inj ect ion  methods  were 
soon  stopped. 

(3)  Also,  concurrent  with  the  above,  a detailed  study  was  carried  out, 
investigating  every  possible  factor  which  could  have  led  to  the  formation  of 
the  dangerous  cracks  in  the  floor  system.  Fixtensive  discussions  were  held 
With  the  design  [)ersonnel,  material  supplier  personnel,  and  the  construction 
I'ersoniii-l  involved  in  the  construction  of  the  building.  F.xtensive  library 
work  was  .also  done  regarding  the  properties  of  the  materials  involved.  In  the 
case  of  the  construction  jirocedures,  extensive  studies  were  made  of  the  con- 
struction diary,  the  following  leading,  incidentally,  to  a rather  surprising 
discovery.  In  the  construction  of  a building  of  this  type,  the  basement  slab 
IS  poured  first,  then  the  basement  columns  are  poured,  and  finally,  shores  of 
steel  or  timber  are  placed  to  supjiort  the  first  floor.  After  an  appro]iriate 
time  to  allow  curing  of  the  l)asemcnt  slab  and  columns,  the  first  floor  is 
lioured,  and  the  forms  are  placed  for  the  first-floor  columns.  After  an  appro- 
priate curing  time  for  the  first  floor,  shoring  is  placed  for  the  second 
floor,  i'hen,  de|)cnding  on  the  waiting  times  involved,  as  well  as  the  number 
of  sets  of  shores  available,  the  basement  shoring  may  bo  removed  and  placed  on 
the  second  floor  as  soon  as  the  second-story  columns  are  poured.  This  same 
procedure  is  repeated  for  the  entire  height  of  the  building.  The  fact  is,  and 
can  be  demonstrated  in  a few  minutes,  that  a floor  dead  load  of  more  than 
twice  the  normal  floor  dead  load  can  be  placed  on  a given  floor  during  con- 
struction long  before  the  concrete  is  permitted  to  reach  the  normal  JS-di'  de- 
sign strength  for  which  the  concrete  building  is  designed. 

Many  other  factors  were  involved.  Much  study  was  placed  on  the  shrinkage 
characteristics  of  the  lightweight  aggregate  involved,  the  details  of  design 
which  involved  no  stirrups  in  the  stems  of  the  joists  (joists  by  definition, 
but  perhaps  more  accurately  described  as  "beams"  with  the  widths  and  thickness 
involved- -and  the  distinction  is  critical--the  ACI  code  reiiuired  stirrups  in 
beams  but  not  in  joistsj.  It  was  noticed  very  early  in  the  investigation  that 
the  most  severe  cracks  were  in  the  slab  and  joists  where  the  floor  system  ran 
into  the  extremely  large  columns.  Similar  cracks  which  were  in  the  floor  sys- 
tem near  the  spandrel  beam  between  these  columns  were  much  less  frequent  and 
less  severe,  leading  directly  to  the  conclusion  that  the  large  negative  moment 
caused  by  the  difference  in  stiffness  between  the  floor  slab  and  the  large 
columns  was  responsible  for  considerable  negative  moment  tensile  stresses  in 
the  top  of  the  floor  system.  The  termination  of  the  cracks  in  the  slab  a few 
feet  on  each  sitle  of  the  columns  was  due  to  the  decrease  in  the  negative  mo- 
ment because  of  the  much  smaller  torsional  stiffness  of  the  spandrel  beam  than 
the  bending  stiffness  of  the  large  columns.  As  a result,  the  negative  moment 
and  tensile  stresses  in  the  top  of  the  slab  and  beam  were  much  smaller  where 
the  floor  system  ran  into  and  was  supported  by  the  spandrel  beams. 
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Detailed  study  of  the  design  also  revealed  an  interesting  feature.  The 
code  at  that  time  required  only  a "hairpin"  negative  moment  reinforcement  liar 
at  the  columns,  with  the  two  ieqs  of  the  hairpin  hi'inp,  of  unequal  length, 
rhese  were  intended  to  take  the  nominal  tensile  stresses  assumed  to  result 
from  such  construction.  The  closed  end  of  the  "hairpin”  w.is  embedded  in  the 
column,  with  the  open  ends  facing  away  from  the  column  and  the  ends  ending  at 
different  distances  from  the  face  of  the  column.  In  man>  cases,  the  cracks 
which  ran  throughout  the  dejith  of  the  stem  ami  through  the  slab,  .cepneided 
with,  or  were  very  near  one  of  the  outer  ends  of  the  hairpin.  The*  Tone  1 us i on 
from  this  was  that  in  addition  to  the  negative  moment  tensile  stress  already 
e.xisting  in  the  concrete,  there  was  a stress  concentrat  ion  at  the'  end  of  the 
hairpin  which  increased  the  tensile  stress  in  the  concrete  and  contrihuteil  to 
formation  of  the  crack,  ilomput  .at  i ons  were  carried  out  to  put  apj'roximate 
numbers  on  the  tensile  stress  in  the  concrete  <it  the  end  of  the  bars  where  the 
cracks  occurred. 

In  summary,  there  were  several  factors  which  could  h.ive  caused  tensile 
stresses  which  led  to  the  cracks  in  the  concrete:  (1)  a very  large  negative 
moment  causing  tensile  stresses  in  the  top  of  the  floor  slab,  stresses  which 
would  not  normall)  be  compensated  for  by  the  hairpin  reinforcement  there;  (J) 
the  stress  concentration  at  the  end  of  the  hair]iin  bar  in  the  region  in  which 
there  were  already  high  tensile  stresses  in  the  concrete  due  to  the  negative 
moment;  (.'S)  the  floor  system  spanned  fifty  feet,  which  was  rather  long,  as  tlie 
pan  joist  system  until  that  time  had  s|ianned  onl>’  thirty-five  to  forty  feet; 
(•IJ  shrink.ige  in  tin.  concrete  used  was  slightl>'  greater  thin  "hard-rock"  con- 
crete (concrete  consisting  of  sand  and  gravel  as  the  fine  and  large  aggre- 
gate); (5)  the  construction  process,  which,  according  to  diary  dates,  placed 
large  floor  dead  load  and  thus  large  neg.itive  moments  at  the  columns  con- 
siderably earlier  than  the  28-day  ))eriod  at  which  the  design  strength  of  the 
concrete  was  to  bo  obtained. 

It  was  imposs  i b 1 e to  place  precise  quant  i t.at  i ve  values  on  any  of  the  com- 
putations pertinent  to  the  factors  listed  above,  but  they  could  be  apjiroxi- 
mated,  and  they  were.  The  considerations  of  tlie  accumulative  total  of  the  ef- 
fect of  all  factors  acting  together  presented  a rational  explanation  for  the 
appearance  of  the  cr.icks  in  the  concrete.  One  question  had  thus  been 
answered- -why  did  the  cracks  occur?  The  second  ({ucstion  was  vet  to  be 
answered- -whether  or  not  the  cracks  could  be  repaired  to  restore  the  strength 
and  safety  of  the  building.  This  was  a very  difficult  and  agonizing  decision 
to  make,  involving  a great  deal  of  money,  legal  matters,  .and  other  things. 
Reap()earance  of  the  cracks  after  repeated  use  of  the  epoxy  revealed  that  this 
was  not  a suitably  adequate  procedure  and  that  whatever  jihenomenon  or  pheno- 
mena had  caused  the  cracks  in  the  first  jilace  still  existed.  I’he  extent  and 
severity  of  the  cracks  continued  to  increase,  and  it  was  decided  that  one  of 
two  things  were  absolutely  necessary.  T.ither  some  way  must  be  found  tjuickly 
to  strengthen  the  floor  system,  or  else  the  building  must  be  abandoned. 

CONTUI.SJONS 

The  final  single  conclusion  in  this  case  stud\  was  a ver>-  sim|ile  one. 


i 


Namcl),  tii.it  tile  huildinj;  had  to  ho  torn  down.  This  conclusion  was  based  on 
tile  conijiut  at  ions  mentioned  above,  .and  the  individuai  conclusions  listed  below. 


I'lie  suiiimai-y  preiKired  from  the  com|Hit  a t i ons  mentioned  at  the  beginning  of 
the  Assessment  |iort  ion  of  tins  case  study,  together  with  otlicr  considerations 
led  to  the  following  specific  conclusions; 

(1)  riie  primary  c.iuse  of  the  serious  cracks  were  the  combination  of 
stresses  wliicli  arose  from  tlie  greatly  incre.ased  dead  load  during  construction 
and  shrinkage  of  the  concrete  .at  the  early  age  of  tlie  concrete  associated  with 
tliis  loatling.  Tliis  combination  of  stresses  was  believed  to  have  started  most 
('f  tile  cracks  in  tiie  garage  Imilding. 

iJj  The  second  most  important  cause  of  the  cracks  was  the  comliinat ion  of 
stresses  wliicii  arose  from  tlie  normal  deaii-plus  - 1 i ve  loading  plus  long-time 
shrinkage.  This  combination  of  stresses  was  believed  to  be  severe  enough  to 
cause  some  of  the  cracks  in  the  joists,  but  the  most  probable  effect  of  this 
combination  of  stress  conditions  was  to  cause  progressive  ojicning  and  exten- 
sion of  cracks  initiated  by  the  combination  of  stresses  discussed  in  (1) 
above . 


(,s)  The  combination  of  stresses  arising  only  from  the  normal  dead-]ilus- 
live  loading  of  the  garage  probably  could  not  have  started  the  serious  cracks 
in  the  si  .alls  and  joists. 

(4)  Tests  conducted  at  the  University  of  Texas  indicated  that  the  dia- 
gonal tension  strength  of  reinforced  concrete  beams  was  lowered  when  the  per- 
centage of  steel  was  decreased  to  a low  value,  and  that  the  diagonal  tension 
strength  was  further  decreased  when  bars  were  cut  off  near  the  end  of  the 
beam.  These  tests  also  indicated  that  the  diagonal  tension  strength  of  light- 
weight concrete  was  less  than  that  of  sand  and  gravel  concrete  of  the  same 
compressive  strength.  liven  though  the  research  mentioned  liere  was  at  that 
time  limited  in  scope,  the  results  indicated  the  very  definite  trends  men- 
tioned .above,  and  were  believed  to  be  reliable.  The  items  listed  here  were  ' 
thus  believed  to  be  contributing  causes  of  the  cracks  in  the  garage  building. 

Iwo  footnotes  should  be  added  to  this  case  study.  At  .approximate I)’  the 
same  time  the  study  of  this  building  was  taking  [ilacc,  the  air  force  had  a 
number  of  failures  of  large  concrete  storage  buildings  across  the  United 
■States,  and  as  a result  of  these  failures  and  others,  the  next  version  of  the 
ATI  code  paid  much  more  attention  to  shearing  stresses  in  concrete  members, 
and  a number  of  changes  were  made  pertinent  thereto.  Considerable  attention 
was  also  given  to  the  use  ot  negative  moment  steel  .and  reinforcing  steel  in 
general  at  connections. 

Another  footnote  to  this  study  is  highly  jicrtinent.  If  a designer  walks 
securely  in  the  footsteps  of  those  who  preceded  him;  using  the  same  materials, 
the  same  structural  systems,  the  same  geometric  [iroport i ons , and  the  same  con- 
struction [Jrocedures,  he  is  likely  to  run  into  little  trouble.  However,  if 
any  of  these  are  changed,  greater  care  and  greater  attention  to  fundamental 
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characteristics  of  the  materials  and  other  factors  must  be  given.  In  this 
particular  problem,  the  same  structural  system  was  used,  but  the  geometric 
proportions  were  significantly  different,  and  a new  material  was  used. 

Disaster  was  the  result,  even  though  no  violations  of  any  existing  codes  or 
accepted  construction  procedures  existed.  All  alternatives  regarding  restora- 
tion of  the  shearing  strength  of  the  joists  at  their  ends  were  finally  aban- 
doned, inasmuch  as  they  were  extremely  expensive,  and  because  they  did  not  ad- 
dress themselves  to  the  questions  of  the  stresses  in  the  slab  tensile  stresses 
in  either  the  slab  or  the  joists.  After  more  than  a year  of  extensive  study 
of  all  factors  involved,  it  was  concluded  that  the  building  was  unsafe,  could 
not  be  repaired  at  reasonable  cost,  and  that  it  should  be  destroyed.  The 
writer  had  concluded  months  before  that  the  building  would  probably  have  to  be 
destroyed,  but  work  of  several  types  had  to  be  done  before  this  same  convic- 
tion could  be  passed  on  to  the  owner  and  designer  of  the  building  before 
preparation  of  the  final  report  condemning  the  building. 
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Section  3 

PRESSURE  VESSELS  AND  ROTATING  MACHINERY 


APPLICATION  OF  FRACTURE  MECHANICS 
TO  ROTATING  MACHINERY 

by 

David  W.  Hoeppner,  Ph.D.,  P.E. 
Professor  of  Engineering 
University  of  Missouri 
College  of  Engineering 
Columbia,  Missouri  65201 


BACKGROUND 

Fracture  mechanics  has  not  been  applied  extensively  to  the  design, 
maintenance  and  inspection  of  rotating  machinery  components  - especially 
gas  turbine  engines.  This  is  an  interesting  state  of  affairs  inasmuch  as 
Dr.  Griffith  is  the  progenitor  of  energy  approaches  to  fracture  prevention 
and  he  was  apparently  motivated  in  his  classic  fracture  work  by  excessive 
numbers  of  engine  failures.  Furthermore,  he  made  numerous  contributions 
to  the  field  of  gas  turbines.  It  is,  therfore,  somewhat  paradoxical  that 
in  January,  1973  a second  large  fan  disc  failed  on  a large  gas  turbine 
engine  that  was  manufactured  by  a company  to  which  Dr.  Griffith  made 
numerous  contributions. 

This  case  is  written  to  accentuate  one  of  the  major  areas  in  which 
fracture  mechanics  was  utilized  as  a tool  to  aid  in  life  prediction  related 
to  this  particular  fan  disc.  In  particular, emphasi s herein  is  given  to 
the  necessity  for  using  the  correct  fatigue-crack  growth  information  when 
comparing  materials,  selecting  manufacturing  controls,  establishing  life 
limits,  setting  inspection  intervals  and  establishing  the  configuration  of 
structural  components.  Even  though  fracture  mechanics  considerations  may 
be  applied,  if  the  incorrect  material  property  information  is  supplied, 
errors  in  assessing  the  probability  of  failure  may  occur. 

I have  had  the  fortune  of  participating  in  evaluating  many  failures  of 
rotating  components.  Some  of  those  that  I've  worked  on  are  cranks  shafts 
for  conventional  internal  combustion  engines,  soap  flake  rolls,  pump 
impellors,  ship  screws  and  propellers,  auxiliary  power  unit  turbines,  pump 
shafts,  shipbased  propulsors,  rocket  engines  components,  and  gas  turbine 
discs  and  blades.  Two  recent  failures  of  interest  relate  to  the  broad 
objective  of  presentation  of  this  case.  Figure  1 shows  a photograph  I 
took  of  an  engine  that  failed  in  flight  over  Colorado  in  January  1973. 

While  the  pieces  of  the  fan  disc  that  failed  and  the  compressor  blades  were 
never  recovered  this  failure  was  traced  to  an  inflight  burst  of  the  fan 
disc.  This  was  the  second  such  event  to  occur.  This  failure  is  used  as 
the  basis  of  this  case  because  of  the  emphasis  it  provided  for  increased 
application  of  fracture  mechanics  to  the  design  and  life  verification 
testing  of  aircraft  propulsion  systems.  Figures  2,  3,  and  4 show  photos 


3.1.1 


Hat  tuHum  nu«p 


of  the  failed  crankshaft  that  occurred  in  a conventional  reciprocating 
engine  in  August  1976.  The  failure  of  this  crankshaft  led  to  the  loss 
of  six  lives.  These  figures,  taken  from  a recent  National  Transportation 
Safety  Board  (NTSB)  report  related  to  the  incident,  show  that  the  crank- 
shaft failed  by  fatigue.  These  two  incidents  point  up  the  need  for  in- 
creased attention  to  structural  integrity  and  reliability  of  aircraft 
engine  components.  If  we  were  to  check  the  FAA  requirements  on  engines* 
we  would  find  out  that  fracture  mechanics  considerations  (i.e.  damage  toler- 
ance requirements)  are  not  required  on  aircraft  propulsion  systems.  This  is 
also  true  of  military  aircraft  and  ship  propulsion  plants.  Even  though  the 
Air  Force  and  FAA  are  both  moving  toward  requiring  damage  tolerance  analysis 
and  verification  on  airframes,  we  have  a long  way  to  go  before  such  re- 
quirements are  introduced  into  propulsion  systems.  Hopefully,  this  case  will 
provide  a slight  increase  in  stimulating  us  toward  improving  the  methods 
we  use  to  assure  structural  integrity  of  aircraft  engines. 


OBJECTIVES 


Objective  of  case: 

To  accentuate  the  need  for  application  of  fracture  mechanics  based 
damage  tolerance  concepts  to  the  design,  inspection,  maintenance,  and  re- 
placement of  rotating  machinery.  Emphasis  in  this  case  is  directed  toward 
gas  turbines  - those  used  in 

• aircraft  propulsion 

• ship  propulsion 

•land  based  vehicle  propulsion 

•land  based  power  generation 
CASE 


The  failure  shown  in  Figure  1 occurred  when  the  LI  Oil  aircraft  was 
over  Colorado  at  37,000  ft.  Failure  of  the  fan  disc  occurred  after 
approximately  200  flights.  The  design  life  for  this  disc  was  initially 
much  greater  than  5,000  flights. 


* See,  for  example.  Advisory  Circular  No.  33-3,  FAA,D)T,  9/9/68 


) 
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Obviously  it  became  extremely  important  for  the  cause  of  the  failure  to 
be  identified  to  formulate  a fix.  Since  a spin  pit  test  of  the  disc  did  not 
produce  a failure  of  the  disc  until  approximately  9500  cycles,  for  a five 
minute  spin  pit  cycle,  the  lack  of  correlation  between  the  spin  pit  tests, 
engine  performance  tests,  engine  verification  tests  and  in-flight  performance 
had  to  be  explained.  Actually,  prior  to  this  failure  there  had  been  another 
in-flight  failure  over  Chesepeake  Bay  three  days  prior  to  the  LlOll  crash  in 
December  1972.  Thus,  there  obviously  was  a great  deal  of  intensity  applied 
to  resolution  of  this  failure. 

As  you  all  are  aware,  much  fatigue  data  is  generated  using  the  sine 
wave  shown  in  Figure  5. 

However,  we  have  recognized  that  we  frequently  must  utilize  the  actual 
load  (strain)  spectrum  applied  to  the  structure.  In  the  case  of  much 
rotating  machinery,  the  use  cycle  can  more  closely  resemble  that  shown  in 
Figure  6b.  Even  though  the  load  spectrum  is  greatly  simplified  here  it  is 
noted  that  a rotating  component  frequently  is  held  at  a fixed  rpm  for  some 
period  of  time.  Excluding  vibration,  gyroscopic,  bending  and  aerodynamic 
loading  on  a rotating  disc  the  centrifugal  loads  can  be  represented  by  a 
trapezoid.  The  length  of  dwell  at  maximum  load  after  climb  top-off  will 
vary  depending  on  the  length  of  the  flight.  Rarely  have  fatigue  data  been 
generated  with  a dwell  cycle  at  maximum  load. 

In  the  utilization  of  fracture  mechanics  for  design  it  is  important  that 
the  following  factors  related  to  the  load  (strain)  spectrum  be  considered: 

Magnitude 

Frequency 

Wave  Form  (Carrier  Function) 

Order  of  Occurrence 
Type  - Positive,  Negative 
Residual,  Steady 
Alternating,  R Value 

Data  on  a material  frequently  are  generated  using  a sine  wave  function, 
analyzed  appropriately,  and  plotted  on  a log-log  plot  of  fatigue-crack  growth 
rate  (da/dN)  versus  change  in  stress  intensity  (aK).  Subsequently,  a rela- 
tionship that  can  be  integrated  to  get  life  or  the  converse  is  employed. 

The  most  cottmon  parametric  relationship  used  is  of  the  form  da/dN  = C(aK)'^. 

By  evaluation  of  C and  n from  experimental  data  this  equation  can  be  inte- 
grated. However,  if  the  incorrect  values  of  C and  n are  used  an  estimate  of 
life  can  result  that  is  unconservative  - that  is,  an  unexpected  failure  can 
occur.  Using  the  idea  that  the  proper  loading  wave  form  must  be  employed  to 
generate  fatigue-crack  growth  data  tests  were  conducted  on  the  material 
employed  in  the  fan  disc  that  failed  (Figure  1).  It  was  necessary  to  utilize 
a trapezoid  wave  (Figure  6b)  for  these  tests  since  the  large  difference  in 
number  of  flight  cycles  to  failure  between  the  field  failures  and  spin  pit 
life  verification  failures  had  to  be  explained.  It  was  believed  that  a 
potential  acceleration  of  crack  growth  could  result  for  this  high  strength 
J titanium  alloy  based  on  previous  experiences  on  the  Appollo  program. 

I 
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Figure  7*  presents  data  generated  using  a sine  wave  (solid  lines)  and 
using  hold  times  as  indicated  in  Figure  6b.  Typical  values  in  the  C and  n 
values  assessed  from  the  data  shown  in  Figure  7 are: 


Baseline 


Dwel  1 


lOHz,  R = 0 
Lab  Air 


Flold  times  indicated 
in  Figure  7,  R = 0 
Lab  Air 


C = 2,13  X 10~''3 
n = 5.188 


C = 9.79  X lO-l^ 
n = 6.854 


(da/dN  in  inches/cycle,  aK  in  ksi/TnT) 


Thus,  the  previous  results  showed  that,  even  though  the  alloy  used  in 
the  fan  disc  was  characterized  using  traditional  fatigue  data  (S-N,  aE-N), 
traditional  mechanical  properties,  and  fatigue-crack  growth  data  generated 
using  sine  waves  at  frequencies  greater  than  lOFIz,  the  differences  in  spin 
pit  results  and  field  results  could  be  partially  explained  by  the  differences 
in  fatigue-crack  growth  behavior  under  sine  wave  and  trapezoid  wave  loading. 
Thus,  using  fatigue-crack  growth  data  generated  using  test  conditions  that 
more  closely  simulated  the  disc  use  cycle,  more  accurate  life  predictions 
were  performed.  Thus,  proper  application  of  fracture  mechanics  led  to 
greater  reliability.  We  wi IT  be  well  advised  to  evaluate  the  load  cycle 
effects  on  rotating  machinery  more  carefully  in  the  future. 

In  closing,  it  is  important  to  emphasize  that  the  load  wave  form  effect 
on  fatigue-crack  growth  was  only  one  factor  that  related  to  the  in-flight 
engine  failures.  There  were  many  interesting  aspects  to  this  failure  chal- 
lenge that  will  be  published  in  the  future. 
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Figure  1 Photograph  of  large  gas  turbine 
engine  that  failed  in  flight  - 
D.  W.  Hoeppner,  January  1973 


Figure  2 Figure  of  failed  crankshaft  from  an 
aircraft  engine  - NTSB  report  (1976) 


Figure  3 

Mating  fracture  surfaces  of  break  between  No.  3 main  journal 
(far  left)  and  No.  5 rod  journal  (far  right). 

Arrows  "o"  denote  origin  areas. 

(NTSB  report  9 1976) 
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Figure  4 

SEM  photograph  of  the  origin  areas  shown  in  the  left 
photograph  of  Figure  3.  Arrow  "R"  indicates  journal  radius.  Note  that 
the  fatigue  origin  is  well  below  this  radius  surface. 

(NTSB  report  - 1976) 


3.1.7 


STRESS, 

psi 


NOTE  THAT: 


^max 


^min 

2 

^max 

Y~ 


• 5^ox  ■ ^min  , 

S . 
win 


R OR  A 


- STRESS  RATIO 
S . 

_ min 


^mox 
I - A 


AND  R - 

I + A 


■'m 
I - R 


A 

I • R 


Figure  5 Nomenclature  used  in  fatigue 
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Figure  6 Comparison  of  sine  wave  and  hold  time  loading  spectrum 
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FATIGUE  CRACK  GROWTH  RATE  , do/dN  . in  /cycle 


FRACTURE  MECHANICS  ANALYSIS  OF  ULTRASONIC  INDICATIONS 
IN  CrMoV  ALLOY  STEEL  TURBINE  ROTORS 


H.  Craig  Argo  and  Brij  B.  Seth 


Materials  Engineering,  Steam  Turbine  Division 
Westinghouse  Electric  Corporation 
Lester  Branch  P.  0.  Box  9175,  Philadelphia,  Pa.  19113 


INTRODUCTION 

The  two  steam  turbine  rotors  of  lCr-1 . 2Mo- . 2V  alloy  steel 
were  retired  after  fifteen  years  of  service.  The  rotors  were 
made  in  1953  using  acid  open  hearth  steel  without  the  benefit  of 
vacuum  degassing  which  is  employed  today.  Consequently,  these 
rotors  were  expected  to  have  high  residual  elements  content,  be 
less  clean  and  have  generally  poorer  properties  compared  with  to- 
day's standards.  Since  these  rotors  were  exposed  during  service 
to  temperatures  up  to  1000  F,  considerable  degradation  of  prop- 
erties due  to  temper  embrittlement  was  anticipated.  Further, 
these  rotors,  unlike  modern  rotors,  were  not  ultrasonically  in- 
spected; therefore,  their  internal  quality  was  unknown. 

It  was  intended  to  use  these  retired  rotors  for  shafts  in  a 
test  facility.  Since  the  shafts  would  be  operating  at  room 
temperature  under  significant  stresses,  it  was  necessary  to  en- 
sure their  safety  and  reliability  against  catastrophic  brittle 
failure.  To  perform  the  needed  fracture  mechanics  calculations, 
information  about  rotor  properties  and  indications  in  the  rotors 
was  required. 

Both  rotors  were  made  from  a single  ingot  of  an  average 
chemistry  of  .34C,  .80Mn,  .025P,  .020S,  .33Si,  .19Ni,  1.05Cr, 
1.21MO  and  .21V.  In  subsequent  discussion,  the  rotors  will  be 
identified  as  rotor  A and  rotor  B.  The  original  heat  treatments 
of  the  rotors  were; 


Rotor  A Rotor  B 

Austenitizing  Temp  1850  F 1750  F 

Air  Cooled 

Tempering  Temp  & Time  1220  F,  52  hrs  1210  F,  45  hrs 
Furnace  Cooled 

The  geometry  of  the  rotors  and  test  locations  are  shown  in 
Figure  1.  The  original  tensile  properties  are  summarized  in 
Table  I. 
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figure  1 Schematic  Outlines  of  the  Rotor  and  the  Shalt 


Table  I Original  Tensile  Properties 


Rotor  A Rotor  B 


PROPERTY 

XI 

X2 

X3 

XI 

X2 

X3 

0.2%YS,  ksi 

111.0 

102.0 

101.2 

91.0 

94.0 

96.3 

UTS,  ksi 

131.5 

122.0 

121.3 

116.0 

119.0 

122.0 

Elongation,  % 

12.5 

16.0 

12.8 

15.5 

16.0 

14.0 

Red.  of  Area,  % 

27 . 5 

43.1 

25.8 

38.2 

42.2 

34.7 

To  establish  the  properties  oc  these  rotors  after  service, 
test  material  was  removed  from  the  location  of  maximum  service 
temperature  as  shown  in  Figure  1.  Tensile  and  impact  tests  were 
run  on  both  rotors  in  the  radial  direction.  The  results  are  sum- 
marized in  Table  II. 


Table  II  After-Service  Mechanical  Properties 


PROPERTY 

ROTOR  A 

ROTOR  B 

0.2%YS,  ksi 

98.6,  100.5 

90.9,  91.9 

UTS,  ksi 

123.3,  124.2 

117.3,  118.3 

Elongation,  % 

11.4,  10.0 

15.8,  13.7 

Red.  of  Area,  % 

19,2,  11.5 

31.9,  23.4 

RT  CVN,  ft-lbs 

2 

1 

50%  FATT,  F 

575 

420 

Considering  that  these  rotors  had  lost  ductility  during  ser- 
vice (compare  Tables  I and  II)  and  had  very  high  FATT ' s , the 
rotors  were  suspected  of  having  undergone  considerable  temper 
embrittlement.  The  susceptibility  of  alloy  steels  to  temper 
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embrittle  is  well  known  [l]  . The  fracture  surfaces  of  after- 
service  Charpy  V-notch  (CVN)  impact  specimr'ns  as  examined  by 
scanning  electron  microscope  (SbM)  showc'd  a large  percentage  of 
interqranularity , refer  to  F’igurc  2,  c'stabl  ishing  that  these 
rotors  had  undergone  temper  emhr ittlement . A series  of  CVN  im- 
pact tests  over  the  range  from  lower  to  higher  shelf  tempera- 
tures were  used  to  estimate  the  fracture  toughness  versus  tem- 
perature using  the  Begley-Logsdon  correlation  [2]  . However, 
since  these  rotors  wore  heavily  embrittled,  had  very  low  room 
temperature  (RT)  impact  strengths,  had  very  high  FATT's  and  low 
ductilities,  it  was  thought  that  the  Begley-Logsdon  correlation 
would  not  be  appropriate  for  converting  impact  values  into  Kic 
values.  If  the  Begley-Logsdon  correlation  had  been  applicable, 
room  temperature  Kic's  of  between  50  and  40  ksi  \jiri . would  have 
been  estimated.  A conservative  value  of  about  half  the  esti- 
mated values  was  used  in  the  initial  calculation  which  indi- 

cated the  reliability  of  the  shafts  would  be  rather  low. 


Figure  2 SEM  view  of 
impact  specimen  fracture 
at  SOX.  About  80% 
intergranular  and  20% 
cleavage.  70F  test 
having  2 ft-lbs. 


In  order  to  improve  the  fracture  toughness,  various  de 
embrittlement  heat  treatments  were  investigated  in  the  labora- 
tory and  one  was  chosen  for  use  on  the  rotors.  The  properties 
of  the  rotors  after  the  de-embrittlement  treatment  were  measured, 
the  rotors  ultrasonically  inspected  and  fracture  mechanics  cal- 
culations performed  to  demonstrate  that  they  would  be  quite  safe 
for  use  as  shafts. 
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Analytical  Equations 

Basically,  the  test  shafts  have  the  potential  for  failure 
via  two  mechanisms:  one,  crack  growth  by  high-cycle  fatigue  and, 
two,  brittle  fracture  caused  by  critical  crack  size.  To  evalu- 
ate if  crack  growth  by  high-cycle  fatigue  was  a possibility,  the 
crack  growth  rate  threshold  concept  as  has  been  described  by 
Paris  et  al  D]  was  used.  Stress  intensity  at  the  indication  is 
to  be  less  than  the  threshold  value  in  order  for  the  indication 
to  not  grow  in  high-cycle  fatigue.  The  stress  intensity  is  given 
by  the  conventional  equation  noted  by  Greenberg  et  al  [4]  : 

AK 

where  AK 

a 

Q 


1.21 


To  evaluate  the  other  failure  mechanism  possibility,  the  in- 
dication or  crack  size  has  to  be  compared  with  the  critical  flaw 
size  given  by  the  equation  [4]  : 

3^1-=  {Q/1.217T)  (Kj^/o)^  (2) 

acr  = critical  flaw  depth,  in. 

Kic  = fracture  toughness,  ksi  ^in . 

0 = applied  stress,  ksi 


= Ao  (1.2l7ia/Q)  ^ (1) 

= stress  intensity  range,  ksi  )JTn. 

= alternating  stress,  ksi 
= crack  depth,  in. 

= crack  shape  parameter  is  a function  of  the 
crack  shape  and  the  ratio  of  the  applied 
stress  to  the  yield  strength  of  the  material, 
refer  to  Figure  3C4]  . 

is  included  only  when  the  crack  is  intersecting 
a surface 


The  above  equations  are  valid  only  for  a single  flaw  in  a 
given  stress  field.  However,  when  there  are  several  indications 
in  the  same  general  area,  the  possibility  of  their  interaction 
has  to  be  considered.  The  degree  of  interaction  is  a function 
of  the  size  and  spacing  between  the  flaws.  If  there  is  an  in- 
teraction between  flaws,  the  stress  intensity  magnification  can 
be  determined  and  using  Figure  4 [Sj  . 

Since  the  test  shafts  were  to  be  used  for  only  a few  start- 
stops  (less  than  50  times) , consideration  of  an  initial  defect 
depth  a^  growing  to  3^,^  was  not  necessary. 
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where  0 
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1 3 ' 

Flaw  Shape  Parameter,  Q 


Figure  3 'Flaw  shape  parameter  curves  ':r  surface  anil  internal  cracks  [4j 


In  order  to  employ  the  above  two  equations  for  evaluating 
the  reliability  of  shafts,  it  is  necessary  to  know  the  mechani- 
cal properties,  the  ultrasonic  indication  sizes,  and  the  duty 
requirements.  These  are  discussed  below. 

(a)  Mechanical  Properties 

Since  the  rotors  were  considered  unuseable  because  of  em- 
brittlement, different  heat  treatments  were  evaluated  in  the  lab 
oratory  using  the  after-service  test  material.  One  approach  was 
to  give  a de-embrittlement/tempering  treatment  at  1230  F for 
18  hrs  followed  by  still  air  cooling  so  as  to  minimize  the  em- 
brittlement and,  at  the  same  time,  lower  the  strength  level  to 
improve  the  ductility.  Another  approach  for  improving  the  prop- 
erties was  to  reheat  treat  the  shafts  completely.  This  was  simu 
lated  by  using  material  from  the  rotors  which  was  austenitized 
at  1750  F for  18  hrs,  controlled  cooled  at  100  deg  or  300 
deg  F per  hr  to  facilitate  selection  of  cooling  rate,  and 


tempered  ^^t  1250  F for  18  hrs  followed  by  air  cooling.  The 
material  was  tested  for  tensile  properties  and  impact  strengths. 
The'  results  are  summarized  in  Table  III. 


Figure  4 -Stress  intensity  ma«jnification  at  the  approaching  edge 
between  adjacent  circular  defects  in  a tension  stress  field  [5] 


A marked  improvement  in  room  temperature  impact  strength 
values,  FATT ' s and  ductilities  occurred  as  a result  of  these 
thermal  treatments  (compare  Tables  II  and  III) . The  de-embrit- 
tlement/tempering treatment  properties  were  only  slightly  worse 
than  the  full  heat  treatment  properties.  The  additional  proper- 
ty improvement  achieved  by  the  full  heat  treatment  was  considered 
insufficient  to  justify  its  application  since  it  would  have  re- 
quired three  weeks  compared  with  four  days  for  the  de-embrit- 
tlement/tempering treatment. 


3.2.6 


Concurrent  v/ith  the  laboratory  work,  the  rotors  were  ma- 
chined near  to  the  shaft  configuration.  An  integral  test  loca- 
tion was  loft  for  providing  test  metal.  The  shafts  were  heat 
treated  and  ultrasonic  inspected.  Finally,  the  shafts  were 
finish  machined. 

The  shafts  were  de-embrittled  at  1230  F for  32  hours  fol- 
lowed by  furnace  cooling  to  500  F.  Below  this  temperature  the 
shafts  were  air  cooled.  Test  material  was  removed  (from  the 
after  treatment  test  location.  Figure  1)  and  tested  for  mechani- 
cal properties.  The  results  are  summarized  in  Table  IV.  Room 
temperature  tensiles,  room  temperature  Charpy  V-notch  (RT  CVN) 
impacts,  and  the  FATT  tests  were  performed  according  to  ASTM 
A370.  The  tests  were  performed  according  to  ASTM  E399  using 

the  compact  tension  specimens  with  B=1.00  in. 


Table  III  Mechanical  Properties  of  Laboratory 

Thermally  Treated  After-Service  Material 


Property 

Rotor  A 

Rotor  B 

1230F 
18  hr  s 

1750F  18 
hrs  100° 
/hr  1250F 
18  hrs 

1750F  18 
hrs  300° 
/hr  1250F 
18  hrs 

1230F 
18  hrs 

1750F  18 
hrs  100° 
/hr  1250F 
18  hrs 

1750F  18 
hrs  300° 
/hr  1250F 
18  hrs 

. 2%YS ,ksi 

92.6 

93.5 

94.1 

88. .1 

96.1 

96.4 

UTS ,ksi 

116.2 

118.6 

118,  5 

113.6 

121.1 

121.3 

El ,% 

15.2 

15.6 

16.0 

15.8 

16.8 

14.5 

RA,  % 

32,1 

35.6 

37.9 

36.6 

37.9 

30.5 

CVN  ft-lbs 

4 

8 

6 

6 

8 

6 

50%FATT,F 

250 

200 

205 

215 

205 

205 

Table  IV  Shafts’ 

Mechanical  Properties 

After 

Thermal  Treatment 

Property 

Shaft  A 

Shaft  B 

0.2%  YS,  ksi 

92.5,  90.9,  91.6 

88.0, 

88.4  , 

88.5 

UTS,  ksi 

118.5,  115.7,  116.3 

114.5 

, 113.6 

, 114.1 

Elong,  % 

16.5,  14.8,  16.0 

16.0, 

17,8, 

17,2 

Red.  of  Area,  % 

40.7,  38.9,  36.9 

43.4, 

42.5, 

41.6 

RT  CVN,  ft-lbs 

5 

4 

50%  FATT,  F 

250 

260 

RT  Kic»  ksi  ^n. 

40.0 

48.0 

i 


The  mechanical  properties  tabulated  in  Table  IV  are  compar- 
able to  those  obtained  with  laboratory  thermal  treatments  as 
listed  in  Table  III.  The  crack  growth  rate  threshold  value  AK 
for  this  material  is  assumed  to  be  3.0  ksi  ^in . based  on  data 
for  other  alloy  steels  C3]  . 

(b)  Ultrasonic  Indication  Sizes 


Both  shafts  were  ultrasonically  inspected  after  being  ma- 
chined to  near  the  shaft  configuration,  refer  to  Figure  1.  The 
entire  volumes  of  the  shafts  were  inspected  from  the  peripheral 
surfaces  using  a 2.25-MHz,  longitudinal-mode  transducer.  Inspec- 
tion sensitivity  was  calibrated  against  the  amplitudes  of  1/16- 
in.  diameter  flat  bottom  holes  in  reference  blocks  at  two  test 
distances.  The  amplitudes  of  the  ultrasonic  indications  were 
corrected  for  test  surface  curvature  and  for  metal  path  dis- 
tances similar  to  the  procedure  described  in  ASTM  A418.  The 
description  of  the  larger  ultrasonic  indications  is  summarized 
in  Table  V.  The  indications  in  shaft  A were  all  located  in  the 
shaft  end  where  the  bore  was  5.2-in.  diameter;  whereas,  in  shaft 
B the  indications  were  located  in  the  large-diameter  section  of 
the  shaft  where  the  bore  was  6.7-in.  diameter. 

Table  Va  Ultrasonic  Indications  in  Shaft  A 


Indication 

No. 

Dist  from 
end* , in . 

Dist  from 
bore,  in. 

Angular 

Position 

Area 

in  .2 

1 

141.0 

0.25 

220° 

.0013 

2 

141.5 

0.25 

128 

.0009 

3 

141.5 

0.50 

218 

.0009 

4 

143.5 

0.19 

113 

.0008 

♦Left  side  of  Figure  1 


(c)  Duty  Requirements 

As  shafts,  the  conditions  would  be  to  operate  at  room  tem- 
perature and  3600  rpm  as  the  normal  speed  and  a possible  4320 
rpm  overspeed.  The  shafts  experience  an  alternating  bending 
stress  during  each  revolution  which  create  the  high-cycle  fatigue 
situation.  This  stress  is  maximum  at  the  surface  of  the  shaft 
and  decreases  towards  the  bore.  The  magnitude  of  the  stresses 
at  the  locations  of  the  ultrasonic  indications  in  the  shafts  A&B 
are  about  1 ksi  and  4.25  ksi  respectively. 

The  shafts  will  also  experience  a tangential  stress  which 
is  maximum  at  the  bore  surface  and  is  proportional  to  the  square 
of  the  rpm.  Each  time  the  shaft  is  started  and  stopped,  it 
will  experience  one  cycle  of  this  stress.  The  magnitude  of  this 
stress  in  the  bore  at  the  location  of  indications  in  shafts  A 
and  B at  4320  rpm  is  6.3  ksi  and  56  ksi  respectively. 


Table  Vb 

Ultrasonic 

Indications 

in  Shaft 

B 

Indication 

Dist  from 

Dist  from 

Angular 

Area 

No. 

end*,  in. 

bore,  in. 

Position 

in  .2 

1 

62.4 

.12 

175° 

.0014 

2 

62.8 

.12 

153 

.0018 

3 

64.8 

.62 

15 

.0014 

4 

64.9 

.62 

78 

.0014 

5 

65.0 

.62 

84 

.0014 

6 

65.0 

.75 

45 

.0014 

7 

65.3 

.75 

30 

.0018 

8 

65.3 

.12 

55 

.0014 

9 

65.5 

.25 

70 

.0014 

10 

66.0 

.62 

58 

.0014 

11 

67.3 

.38 

145 

.0014 

12 

68.0 

.12 

15 

.0014 

13 

69.0 

.12 

358 

.0018 

14 

69.6 

.12 

345 

.0014 

15 

71.8 

.25 

270 

.0015 

*Left  side  of  Figure  1 

ASSESSMENT 

Safety  Against  High-Cycle  Fatigue  Failure 

Utilization  of  the  shafts  would  subject  the  ultrasonic  in- 
dications in  the  shafts  to  a very  large  number  of  fatigue  cy- 
cles in  only  a few  hours  of  operation  at  3600  rpm.  To  evaluate 
the  potential  of  failure  via  crack  growth  by  high-cycle  fatigue, 
a tolerable  crack  size  was  determined  using  equation  (1)  with 
AK  equal  to  3.0  ksi  \/in.  and  solving  for  the  crack  depth  value. 
The  ultrasonic  indications  are  reported  as  an  equivalent  area  in 
comparison  to  the  inspection  sensitivity;  hence,  the  tolerable 
crack  size  is  to  be  an  area.  When  intersecting  a surface,  an 
indication  area  is  presumed  to  be  a semi-elliptical  shape,  see 
sketches  in  Figure  3.  The  conservative  area  value  is  when  the 
a/2c  ratio  is  0.25  which  is  a Q value  of  1.45  from  Figure  3. 

The  largest  high-cycle  stress  was  4.25  ksi. 


a = (Q/1.2lTr)  (AK/Ao)2 

= (1. 45/1. 2nr)  (3.0/4.25)2 
= 0.190  in. 


The  area  of  a semi-elliplse  of  a/2c=0.25  is  ira^ . The 
tolerable  area  for  not  having  high-cycle  fatigue  crack  propaga- 
tion is  Tr(.190)2  or  0.113  in. 2.  Indications  in  both  shafts  did 
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,( 


not  interact  as  established  by  the  criterion  in  Figure  4;  hence, 
only  the  largest  single  indication  needed  to  be  considered.  The 
tolerable  area  size  is  very  much  larger  than  the  largest  Reported 
indication  size  of  0.0018  in^.  Thus,  there  is  sufficient  safety 
margin  even  with  possible  underestimation  of  the  indication  size 
found  by  Tu  and  Seth  6 . 

A similar  analysis  could  not  have  been  made  for  the  shafts 
before  the  de-embrittlement  treatment  because  very  little  was 
known  about  the  crack  growth  rate  threshold  value  AK  for  embrit- 
tled materials. 

Safety  Against  Catastrophic  Failure 

Since  there  were  several  ultrasonic  indications  in  this 
shaft,  it  was  decided  to  evaluate  on  the  basis  of  the  largest 
indication  at  the  highest  stress  and  near  the  bore.  If  this  con- 
dition were  safe  then  it  would  not  be  necessary  to  evaluate  each 
individual  indication.  Based  on  the  size  and  spacing  of  each 
indication,  it  was  established  that  there  was  not  any  interac- 
tions between  the  indications  by  the  criterion  in  Figure  4.  Be- 
cause toughness  values  were  based  on  periphery  properties  only 
and  because  the  bore  properties  are  likely  to  be  somewhat  worse, 
the  bore  Kic  values  were  calculated  using  80%  of  the  surface 
values.  Thus,  the  bore  Kic  before  and  after  thermal  treatments 
were  estimated  as  25  and  38  ksi  ^in.  respectively.  The  critical 
flaw  size  for  brittle  bursting  was  calculated  using  equation (2). 

acr  = (0/1.2171)  (Kic/a)  2 


Parameter  Before  Treatment  After  Treatment 


Kic,  ksi  . 

25 

38 

a , ksi 

56 

56 

ays,  ksi 

91 

88 

o/ays 

.62 

.64 

a : 2c 

.25 

.25 

0 

1.35 

1.35 

^ / xn  • 

.071 

.164 

A^j,,  in.  2 

.016 

.084 

Since  the  area  of  the  largest  indication  detected  ultra- 
sonically  was  .0018  in. 2,  the  ratio  of  critical  area  to  indica- 
tion area  before  de-embrittlement  treatment  was  only  8.9.  This 
is  approximately  the  degree  of  underestimating  ultrasonic  in- 
dications versus  metallographic  examination  K]  ; thus,  there  was 
insufficient  safety* margin  before  the  de-embrittlement  treatment. 
The  ratio  after  de-embrittlement  treatment  increased  to  47  which 
provided  adequate  safety  against  catastrophic  failure. 
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CONCLUSIONS 


1.  Considerable  temper  embrittlement  can  occur  in  Cr-Mo-V  alloy 
steel  rotor  material  during  service  exposure.  The  embrittle- 
ment can  be  reduced  by  either  a de-embrittlement  treatment 

or  a full  reheat  treatment. 

2.  The  reliability  of  shafts  was  calculated  using  fracture 
mechanics  principles  and  was  found  to  be  unsatisfactory  be- 
fore de-embrittlement  treatment  but  satisfactory  after  ap- 
plying the  thermal  treatment. 

3.  The  operation  of  both  shafts  was  satisfactory  in  the  test 
facility. 

4.  The  validity  of  the  correlation  of  Begley  and  Logsdon  for 
converting  impact  values  into  Kic  is  unknown  for  embrittled 
materials  and  should  be  examined. 

5.  The  threshold  AK  values  for  embrittled  materials  should  also 
be  measured. 
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DIESEL  ENGINE  CRANKSHAFT  FAILURE 
L P Pook 

(National  Engineering  Laboratory 
East  Kilbride,  Glasgow,  Scotland 

INTRODUCTION 


A large  number  of  failure  analyses  are  carried  out  at  NEL  and  a fracture 
mechanics  approach  is  used  whenever  appropriate.  This  investigation,  which 
has  been  previously  outlined  (1]  is  a straightforward  example  of  how 
quantification  of  flaw  severity  using  fracture  mechanics  techniques  can  help 
to  positively  identify  the  causes  of  a failure.  Only  infomation  which  was 
available  at  the  time  of  tlie  investigation  is  used,  but  the  accuracy  of 
calculation  is  discussed  in  the  light  of  more  recent  information.  Pro- 
prietary detail  has  been  omitted. 

When  the  prototype  for  a new  design  of  large  diesel  engine  was  being  run 
under  test  conditions,  the  crankshaft  failed  after  several  hundred  hours.  A 
conventional  metallurgical  examination  showed  that  the  material  was  within 
specification  and  that  failure  was  due  to  fatigue  cracking,  originating  at  a 
fillet.  Nothing  that  accounted  for  the  failure  was  revealed,  although  it  was 
noted  that  grain  flow  in  the  vicinity  of  the  failure  was  not  as  specified. 

It  was  suspected  that  the  stress  at  the  origin  might  have  been  higher  than 
estimated  during  design,  perhaps  because  of  a resonance.  There  was  however, 
no  evidence  of  abnormal  operation  during  the  test.  At  this  stage,  NEL  was 
asked  to  advise  on  the  cause  of  the  failure. 

The  crankshaft  was  a steel  forging;  the  steel  specification  was  not  known  at 
the  time  the  calculation  below  was  carried  out.  The  site  of  the  failure  was 
a large  radius  fillet.  The  diesel  engine  had  been  run  at  constant  speed,  and 
the  stresses  in  the  fillet  were  largely  due  to  inertial  loads,  so  the  loading 
could  be  regarded  as  a constant  amplitude  cyclic  loading.  The  estimated 
stress  level  in  the  fillet  was  0+90  MN/m^,  No  surface  treatments,  such  as 
surface  hardening  or  shot  peening,  which  could  have  introduced  residual 
stress,  had  been  applied  to  the  fillet. 

The  metallurgical  examination  had  shown  that  the  grain  flow  in  the  fillet  was 
roughly  perpendicular  to  the  surface,  rather  than  parallel  to  the  surface  as 
specified.  There  were  a number  of  small  forging  laps  in  the  area,  with 
depths  measured  perpendicular  to  the  surface  of  up  to  about  2 mm.  The 
incorrect  grain  flow  and  the  presence  of  laps  would  not  have  been  acceptable 
in  a production  engine,  but  the  defects  were  not  regarded  as  sufficiently 
serious  to  cause  trouble  at  the  stress  levels  involved.  However,  a fatigue 
crack  had  initiated  at  the  root  of  one  of  the  laps,  resulting  fatigue 
failure  of  the  crankshaft.  The  exact  shape  and  depth  of  this  lap  had  not 
been  recorded  and  could  not  be  ascertained  because  it  had  been  destroyed 
during  sectioning  to  determine  the  precise  grain  flow.  However,  it  was 
believed  to  have  been  one  of  the  deeper  laps,  that  is  about  2 mm  deep.  The 
sectioning  had  revealed  a smaller  fatigue  crack  at  the  root  of  another  lap, 
again  one  close  to  2 mm  deep.  Viewed  on  the  surface  the  laps  were  approxi- 
mately perpendicular  to  the  maximum  principal  stress. 


FORMULATION 


Engine  parts,  such  as  a crankshaft,  are  subjected  to  very  large  numbers  of 
cycles  during  service,  so  that  once  a crack  starts  to  grow,  fatigue  failure 
is  inevitable.  The  crankshaft  failed  after  several  hundred  hours  running, 
equivalent  to  roughly  10^  cycles,  that  is  about  the  knee  of  the  S/N  curve  for 
the  crankshaft.  This  suggested  that  the  forging  lap  at  which  the  fatigue 
failure  originated  was  just  severe  enough  to  initiate  crack  growth  under  the 
actual  stress  in  the  fillet.  The  problem  therefore  resolved  itself  into 
determining  whether  or  not  the  estimated  stresses  were  sufficient  to  cause 
crack  growth  at  the  root  of  a forging  lap  2 mm  deep.  The  laps  were  crack- 
like in  form  so  that  a fracture  mechanics  approach  was  appropriate. 

It  is  known  [1]  that  a crack  will  not  grow  under  a fatigue  loading  unless 
the  range  of  opening  mode  stress  intensity  factor  AKi  exceeds  a threshold 
value  aKIc.  When  a load  cycle  extends  below  zero,  AKi  is  conventionally 
calculated  from  only  the  tensile  part  of  the  load  cycle.  Relevant  air 
threshold  data  which  were  available  [2]  are  given  in  Table  1.  Lack  of  data 
for  the  crankshaft  steel  was  felt  to  be  unimportant  because  fatigue  crack 
growth  thresholds  are  largely  independent  [2]  ^f  a steel's  tensile  strength 
or  composition;  and  AKic  was  taken  as  6.4  MN/m' . The  values  of  A Kic  quoted 
in  Table  1 were  obtained  as  the  fatigue  limit  of  plates  containing  edge 
cracks  between  *5  mm  and  5 mm  deep,  but  with  AKi  rather  than  stress  plotted 
against  endurance  in  the  S/N  curve.  They  were  therefore  directly  relevant 
to  this  type  of  problem.  Certain  precautions  have  to  be  taken  [2]  to  obtain 
accurate  results. 

Table  1 Values  of  A.Kjj,  for  Various  Steels  at  Zero  Mean  Stress 


Material 

Tensile  strength 

AKic^ 

MN/m2 

MN/m^ 

Mild  steel 

430 

6.4 

Low  alloy  steel 

680 

6.3 

18/8  authentic  steel 

665 

6.0 

ASSESSMENT 


The  expression  for  AKi  can  be  written  in  the  general  form; 


AKi  * AiC’('iTa)^. 


(1) 


where  An  is 


the  tensile  range  of  applied  stress  across  the  crack, 


a in  this  case  is  crack  depth,  and 
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^(.  oi.i(.  1 1 i c corrccLion  lacLur  ol  tlie  order  o£  one. 

llie  Ioil,!!!.,  l.ips  were  (juite  long  compared  with  their  depths,  so  ft  was  taken 
■ IS  one,  wliich  is  appropriate  ll]  for  a semi -e  1 1 i p Li  ca  1 surface  crack  whose 
ovtrall  length  is  six  times  its  depth.  The  laps  were  small  compared  with 
thi  fillet  radius  so  ' was  obtained  from  the  local  stress  [ l]  . Sub- 
stituting tlu  tensile  stress  ran^e  of  00  MN/m^  and  lap  depth  of  2 mm  into 
t .|uation  (.1)  gavt  AKi  = 7.1  MN/m; . This  was  somewhat  (11  per  cent)  greater 
tiian  the  value  of  so  i t was  clear  that  a forging  lap  only  2 mm  deep 

was  just  sufficient  to  initiate  fatigue  crack  growth.  As  with  most  loadings 
’K]  increased  with  crack  size  so  that  crack  arrest  could  not  occur,  and  as 
already  stated,  failure  of  the  crankshaft  was  inevitable  once  crack  growth 
started.  File  failure  of  the  crankshaft  after  several  hundred  hours  running, 
and  tlie  presence  of  a small  fatigue  crack  at  another  forging  lap,  were  there- 
fore satisfactorily  explained  by  means  of  a calculation  based  on  the 
estimated  stresses.  Hence  it  was  most  unlikely  that  the  premature  failure 
was  associated  wi tii  any  abnormal  operating  condition,  such  as  a previously 
unsuspected  reonance.  Had  residual  stresses  been  present  a different 
conclusion  migUL  well  have  been  reached;  residual  stresses  would  alter  the 
effective  focal  stresses  and  hence  AKi. 

At  the  time  the  calculation  seemed  to  provide  a sound  basis  for  the  expla- 
nation of  the  failure.  With  the  benefit  of  hindsight  it  is  possible  to  doubt 
tile  validity  of  this  type  of  calculation,  which  inevitably  involves  various 
assumptions  and  approximations.  Thus,  for  example,  the  assumption  that  the 
fatigue  crack  growtii  Llireshold  is  independent  of  steel  type  is  only  true  to 
witliin  engineering  rather  than  scientific  accuracy.  No  account  was  taken  of 
tlie  possible  effect  of  the  temperature,  which  must  tiave  been  above  ambient, 
or  tlie  oil  environment,  on  the  value  of  the  threshold.  In-air  test 
results  li,u]  show  that  moderately  elevated  temperatures  have  little  or  no 
effect  on  the  thresliold  for  various  steels.  Corrosive  environments  can  have 
a dramatic  effect  on  threshold  behaviour;  thresholds  can  be  substantially 
reduced  and  frequency  sensitivity  introduced  (4],  and  the  knee  in  the  S/N 
curve  for  a cracked  specimen  (or  component)  shifted  to  much  longer 
endurances  (1].  Fortunately,  engine  oil  appears  to  be  an  inert  environment 
for  steels  [4]  so  that  the  threshold  is  increased  somewhat  over  the  in-air 
value;  for  mild  steel  at  z^ro  mean  stress,  immersion  in  SAE  30  engine  oil  lb] 
increases  to  7.3  MN/m^.  This  is  very  nearly  the  same  as  the  calculated 

value  of  AKj  for  the  forging  lap,  and  its  use  would  perhaps  have  improved  tlie 
quality  of  the  failure  analysis. 

In  failure  analyses  estimating  the  values  of  stress  intensity  factors  for  the 
usual  irregularly  shaped  cracks  is  always  a problem  particularly  when,  as  in 
the  present  case,  the  exact  size  and  shape  of  the  crack  are  unknown.  Thus, 
a ten  per  cent  error  in  the  depth  results  in  a five  per  cent  error  in  the 
stress  intensity  factor.  Making  different,  but  still  reasonable,  assumptions 
about  the  shape  of  the  crack  can  easily  result  in  a ten  per  cent  change. 
Similarly  any  error  in  stress  level  will  result  in  a corresponding  error  in 
the  stress  intensity  factor. 

As  already  pointed  out  the  forging  laps  were  generally  not  perpendicular  to 
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the  surface.  When  this  happens  it  is  usual  to  estimate  Kj  by  taking  the 
resolved  depth  perpendicular  to  the  surface.  Comparison  with  numerical 
solutions,  presented  in  graphical  form,  for  inclined  cracks  [7]  , shows  that 
this  approach  increasingly  overestimates  Kj  as  the  angle  of  the  crack  to  the 
perpendicular  increases,  but  provided  this  angle  does  not  exceed  30°  the 
error  is  less  than  ten  per  cent.  The  edge  sliding  mode  (mode  II)  displace- 
ments which  appear  for  inclined  cracks  [7]  are  neglected  by  this  approach,  it 
being  implicitly  assumed  that  the  value  of  Kj  alone  controls  fatigue  crack 
growth  threshold  behaviour.  Available  evidence  [8]  however  indicates  that 
this  assumption  can  be  unconservative  if  mode  III  displacements  are  also 
present.  The  complex  situation  is  illustrated  by  Fig.  1,  taken  from 
Reference  4,  which  shows  stress  intensity  factors  for  a crack  growing  from  an 
initial  crack  inclined  at  45°.  As  a general  rule,  fatigue  cracks  tend  to 
grow  such  that  only  opening  mode  displacements  are  present,  hence  the  radical 
change  in  stress  intensity  factors  when  crack  growth  starts. 

CONCLUSIONS 


The  failure  of  the  prototype  engine  crankshaft  was  due  to  a defect  which 
would  not  be  present  in  production  engines,  so  no  action  was  required.  The 
analysis  did,  however,  confirm  the  importance  of  using  a forging  schedule 
which  would  ensure  correct  grain  flow  in  high  stress  regions,  so  that  forging 
laps  penetrating  into  the  material  would  be  avoided.  The  investigation 
introduced  fracture  mechanics  techniques  to  a firm  who  were  not  previously 
aware  of  their  utility. 
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Figure  1 Stress  Intensity  Factors  For 
Straight  and  Branched  Short  Edge  Cracks 
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FRACTURE  MECHANICS  ANALYSIS  OF  STEEL 
PIPE  WELDS  FOR  STEAM  TURBINES 

L.  K.  L.  Tu*  and  B.  B.  Seth 

Advanced  Engineer  and  Manager 
Materials  Engineering,  Steam  Turbine  Division 
Westinghouse  Electric  Corp.,  Phila.,  PA.  19113 

INTRODUCTION 

There  were  five  types  of  shop  welds  used  in  the  cross- 
around  piping  carrying  steam  from  the  high  pressure  turbine 
to  the  moisture  separation  reheaters  (MSR)  and  from  the  MSR 
to  the  low  pressure  turbines.  They  were  standard  girth  weld 
in  straight  sections  of  pipes,  the  girth  weld  attaciiment  to 
a valve  or  ring,  the  true  miter  joint  weld,  the  longitudinal 
seam  weld,  the  attachment  weld  between  pipe  and  turning  vane 
assembly  elliptical  girders.  Typical  configuration  of  tne 
crossaround  pipes  and  welds  are  shown  in  Fig.  1.  The  long- 
itudinal seam  welds  were  made  by  automatic  process  and  the 
other  four  types  were  welded  by  a manual  shield  metal  arc 
welding  process.  The  girth  welds  connecting  carbon  steel 
pipes  were  AWS  E7018  and  E70-1  carbon  steels.  Stainless 
steel  E309  welds  were  used  for  joining  410  stainless  steel 
turning  vane  to  carbon  steel  pipes  equivalent  to  ASTM  A515 
GR  65.  The  mechanical  properties  of  these  welds  are  given 
in  Table  I.  Weld  joints  were  visually  inspected  as  well 
as  magnetic  particle  and  radiographically  examined.  Several 
types  of  defects  were  discovered  in  E309  stainless  steel 
welds  and  carbon  steel  welds.  The  flaws  were  categorized 
into  following  five  groups: 

a)  spherical  inclusion  or  void 

b)  circular  inclusion  or  void  of  elliptical  cross  section 

c)  long  elliptical  slag  line  or  lack  of  fusion  line 

d)  long  surface  groove,  weld  undercut  and  lack  of  penetration 

e)  weld  buildup  or  protrusion.  The  observed  defect  sizes 

and  minimum  radius  of  the  defects  in  welds  as  revealed  by  X-ray 
films  are  summarized  in  Table  II. 

Since  no  standard  ANSI  or  API  standard  could  strictly 
be  applied  to  this  case,  the  safety  as  well  as  the  need  for 
any  repair  work  of  these  defect  containing  welds  were 
evaluated  using  ASME  pressure  vessel  code  fatigue  design  curve 
and  fracture  mechanics  analysis  employing  the  non-destructive 
test  results,  applied  stresses  and  materials  properties  of 
the  welds.  The  stress  analysis  included  a combination  of 
thermal  expansion,  dead  weight,  and  local  stress  effects  due 
to  the  presence  of  defects. 

•Now  with  Kxxon  Produttion  Research.  Houston,  TX 
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FORMULATION 


A,  Cyclic  Life  Evaluation  According  to  ASME  Pressure  Vessel 
Code 

Assume  no  crack  propagation,  the  cyclic  lives  of  various 
defect  containing  welds  were  obtained  from  ASME  Pressure 
Vessel  Code  Section  VIII,  Division  2 fatigue  design  curve, 
Fig.  2.  The  effective  stress  concentration  factor  for 
cyclic  loading  (Kf)  is: 


Kf=q{Kt-l)+l 


(1) 


where  K^.  = theoretical  elastic  stress  concentration  factor 

q = notch  sensitivity  factor. 

According  to  minimum  radii  of  the  defects  in  welds 
detected  by  nondestructive  inspection,  the  effective  stress 
concentration  factors  Kf  for  various  kinds  of  defects  in 
stainless  steel  and  carbon  steel  welds  are  given  in  Table  II. 

B.  Static  Fracture  Mechanics  Analysis 

In  the  absence  of  any  available  test  data,  fracture 
toughness  valuei>  of  the  welds  were  conservatively  estimated 
from  impact  test  data.  The  room  temperature  Charpy  V-notch 
impact  energy  was  CVN=90  ft-lb  obtained  from  literature 
Cl,  2l  . Fracture  toughness  value  was  estimated  as  follows: 
C3,  4l 

Upper  shelf,  Kjc  = ^y  /"i  (CVN/  CJy  - 0.05)  (2) 

= 115  ksi-inl/2 

Transition  region,  Kjc  =/2E(CVN)^/^ = 206  ksi-in^/2  (3) 

Using  E=25xl0^  psi  at  the  maximum  operating  temperature  of 
373OF  and  Oy  = 30  ksi,  it  was  found  conservatively, 

Kj(j  = 115  ksi-in^/2.  Although  this  approach  is  not  strictly 
applicable  to  such  ductile  austenitic  stainless  steel,  as 
it  has  been  shown  later  the  brittle  fracture  is  not  of  con- 
cern, and  therefore  the  great  accuracy  in  estimating  Kjq 
is  not  essential. 
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Section  b-b 


Section  c-c 


Fig.l  Typical  Crossaround  Pipe  Assembly. 


The  critical  flaw  size  for  brittle  fracture  was 
calculated  from  [S']  : 

(acr)B=(l/M)  (KIC/  (4) 

for  the  assumed  surface  and  internal  cracks.  Fig.  3. 
where  M = component  geometry  and  flaw  shape  parameter 

M = 1.21  TT /Q  (surface  crack) 

M = TT/q  (internal  crack) 

Q = 1 

C.  Cyclic  Fracture  Mechanics  Analysis 

Assume  in  the  worst  case,  all  the  defects  presented  were 
surface  and  internal  cracks.  The  amount  of  crack  growth  in 
104  cycles  was  calculated  as  follows; 

Using  an  empirical  fatigue  crack  growth  rate  equation L6] 
da/dN  = Cq  ( AK)'^  ( 5 ) 

and  Ak  = AO'(Ma)l/2 


the  number  of  cycles  for  an  initial  crack  to  grow  into  a 
critical  size  was  obtained  by  integration  of  equation  (5) . 

Since  a/2c  ratio  is  approximately  the  same  during  crack  growth, 
it  is  reasonable  to  assume  a constant  M in  the  integration  of 
the  above  equation. 

Thus , 


N = 


(n-2)CQM“/^Q-n  ( 


(2-n)/2  (2-n)/2 


- a 


cr 


) , n\2 


(6) 


(2-n)/2  n/2  n.  2/(2-n) 

or  af  = ( ai  - N (n-2)CoM  AO"  ^2  ) , n\2 
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where  N = number  of  cycles  for  an  initial  crack  to  grow 
into  a critical  size. 

n = slope  of  log  da/dN  vs.  log  AK  curve 

Cq  = intercept  constant 

AO"  = applied  cyclic  stress  range 

aj^  = initial  crack  size 

af  = final  crack  size 

ASSESSMENT 


A.  Cyclic  Life  Evaluation  According  to  ASME  Pressure  Vessel 
Code 

The  cyclic  lives  of  the  stainless  steel  welds  contain- 
ing five  types  of  flaws  were  calculated  from  the  fatigue 
design  curve,  Fig.  2 and  Table  II. 

a)  spherical  inclusion  or  void: 

Since  Crj^=12.2  ksi  in  axial  direction  and  kf=2  from  Fig.  2, 
we  found  Nl=lxlO®  cycles. 

Also,  Oq  = 17.9  ksi  in  tangential  direction  and  kf =2 , from 
Fig.  2 , we  found  N0=  1x105  cycles. 

Similarly,  lives  for  various  other  cases  were  calculated 
below: 

b)  circular  inclusion  or  void  of  elliptical  cross  section: 

N2=60,000  cycles,  Nq  = 10,000  cycles 

c)  long  elliptical  slag  line  or  lack  of  fusion  line: 

N]^=l.lxl0^  cycles 

d)  long  surface  groove,  weld  undercut  and  lack  of  penetration: 

Ni=l.lxl0^  cycles 

e)  weld  buildup  or  buildup  and  undercut: 

> 10®  cycles 

Hence,  according  to  ASME  Pressure  Vessel  Code,  the  E309  stain- 
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less  steel  welds  are  safe  for  the  designed  life  (104  cycles) 
even  with  the  presence  of  various  kinds  of  welding  defects. 
Similarly,  the  cyclic  lives  thus  obtained  for  carbon  steel 
welds  are  much  longer  than  designed  life  and  can  be  safely 
used. 

B.  Static  Fracture  Mechanics  Analysis 

Using  the  ASME  Code  procedure  of  multipling  the  stress 
by  a 2x  to  obtain  the  alternating  stress  resulted  in  a con- 
servative stress  of  35.8  ksi.  This  was  the  maxiiiuin  applied 
stress  employed  in  the  calculation. 

According  to  equation  (4),  it  was  found  that  (a£,j.)B= 

2.71  in.  for  surface  crack  and  (acrB  = 3.28  in.  for  internal 
crack.  The  brittle  fracture  critical  crack  sizes  in  all 
cases  were  greater  than  the  weld  thickness  (0.75  in.). 
Therefore,  brittle  fracture  was  impossible  in  the  temperature 
range  considered.  The  critical  flaw  size  for  ductile  rupture, 
(acr)D»  was  obtained  as  follows; 

Assume  the  crack  propagates  to  (acr)D'  remaining 

weld  thickness  is  t, 

weld  thickness  = 0.75  in.=(acr)D+t 

t is  obtained  by  requiring  that  the  stress  on  weld  does  not 
exceed  the  tensile  strength.  Using  a minimum  tensile  strength 
of  75  ksi, 

hence,  t = 0.358  in. 

and  critical  flaw  size  for  ductile  rupture  was  (acr)D“0’^92  in. 

C.  Cyclic  Fracture  Mechanics  Analysis 

(a)  For  a surface  crack  with  ai=0.100  in. 

Even  though  the  actual  indications  were  small,  analysis 
was  made  assuming  that  the  welds  contain  surface  cracks  with 
aj^=0.1  in.,  ai/2ci=0.1  and  internal  cracks  with  2ai=0.2  in., 
ai/2ci=0.1.  A conservative  upperbound  fatigue  crack  growth 
rate  data  for  austenitic  stainless  steel  C7J  showed  that 
Co=3xl0”10  and  n=3.25. 

The  number  of  cycles  (N^  , Nj^)  for  a given  crack  to 

grow  into  a ductile  f racture'^critical  size  (acr)D  in  tangen- 
tial and  axial  directions,  and  the  final  crack  size 
C(af)0  , (af)i3  after  10^  cycles  of  loading  were  calcu- 
lated as  follows; 
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i)  surface  crack 

N0  =1.3x10^  cycles  = 4.7x10^  cycles 

(a£)Q  = 0.107  in.,  (af)l  = 0.102  in. 

ii)  internal  crack 

Nq  = 1.07x10^  cycles,  N-l=3  . OxlO^cycles 

(af)0  = 0.105  in.  (af)i=0.101  in. 

(b)  For  a surface  crack  with  ai=0.25  in. 

N0  = 3.1x10^  cycles,  N2=1.14xlo5  cycles 

(af  = 0.285  in.  (af)2=0.259  in. 

Thus,  if  the  initial  crack  is  ai=0.1  in.,  it  will  take 
larger  than  designed  number  of  cycles  to  propagate  it  into 
a critical  size;  and  less  than  0.007  in.  of  maximum  crack 
growth  will  occur  in  10'^  cycles  in  axial  and  tangential 
directions.  Even  if  the  initial  surface  crack  is  0.25  in., 
it  will  take  larger  than  designed  life  to  grow  into  critical 
crack  size;  and  less  than  0.035  in.  of  crack  growth  will 
occur  in  both  axial  and  tangential  directions  under  104 
cycles  of  loading.  Carbon  steel  welds  similarly  showed 
adequate  safety  feature  in  the  calculation. 

CONCLUSIONS 

A fracture  mechanics  analysis  was  performed  for  steam 
pipe  welds  containing  nondestructively  detected  flaws.  Both 
ASME  Pressure  Vessel  Code  fatigue  design  curve  approach 
assuming  no  crack  growth  and  fracture  mechanics  approach 
treating  all  the  flaws  as  cracks  were  employed  in  the  analysis. 
It  was  concluded  that  all  the  welds  were  safe  for  the  design- 
ed life.  Practical  welds  containing  flaws  with  reasonable 
sizes  and  shapes  can  be  safely  used  so  long  as  careful  analy- 
tical and  experimental  fracture  mechanics  evaluation  has 
been  conducted.  The  importance  of  the  fracture  mechanics 
analysis  in  the  safety  and  economical  evaluation  of  the 
weldr  has  been  demonstrated. 
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Table  I Mechanical  Properties  of  the  Welds 

at  Room  Temperature 

Stainless  Steel 

Carbon  Steel 

Welds 

Welds 

Yield  Strength,  Min. 

(ksi) 

30 

60 

Ultimate  Strength,  Min. 
(ksi) 

75 

72 

Table  II 

Type  of  Defects  in  Welds 
Detected  by  X-Ray 

Stainless  Steel 
Welds 

Carbon  Steel 
Welds 

1.  Spherical  inclusion 
or  void,  r= 

Kf= 

0.1  in. 

2 

0.1  in. 

2 

2.  Circular  inclusion  or 
void  of  elliptical 
cross  section  r= 

t= 

Kf= 

0.01  in. 

0.1  in. 

3.3 

0.03  in. 

0.01  in. 

2.7 

3.  Long  elliptical  slag 
line  or  lack  of 
fusion  line  r= 

c= 

Kf= 

0.01  in. 

0.1  in. 

4.8  in. 

0.03  in. 

0.1  in. 

3.9  in. 

4.  Long  surface  groove, 
weld  undercut  and  lack 
of  penetration  r= 

Kf= 

0.03  in. 

2.9 

0.03  in. 

2.7 

3.4.9 

0.03  in. 
0.75  in. 
1.7 


0.03  in. 
0.75  in. 
1.6 


5.  Weld  buildup  or  protrusion 

r= 
h= 

Kf= 

where  r=minimum  radius  of  defects  in  welds 

t=circle  of  radius  of  elliptical  inclusion 
c=l/2  of  major  diameter  of  ellipse 
h=weld  buildup  width 
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EXPLOSION  OF  AN  AMMONIA  PRESSURE  VESSEL 
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INTRODUCTION 

United  Kingdom 

Production  of  ammonia  for  the  manufacture  of  fertilizers  involves 
reaction  of  nitrogen  and  hydrogen  at  high  pressures  and  slightly  elevated 
temperatures  120“C).  The  steel  reaction  vessel  discussed  in  this  paper 
exploded  shortly  before  Christmas,  1965,  during  hydrostatic  testing  prior  to 
being  shipped  to  the  chemical  plant.  Figure  1 shows  that  the  damage  to  the 
vessel  was  extensive.  The  less  obvious  economic  costs  do  not  show  up  in  the 
photograph.  It  is  estimated  that  the  cost  of  the  failure  (mainly  from  lost 
production  due  to  the  plant  standing  idle)  was  several  million  dollars.  The 
vessel  would  cost  about  $4  x 10^  today,  about  half  of  this  sum  being  the  cost 
of  the  steel  plates  from  which  it  was  fabricated.  Thus,  while  material  costs 
are  not  negligible,  they  play  a minor  role  in  the  economics. 


Figure  1.  The  Failed  Vessel 


The  failure  investigation  had  three  main  goals: 

(1)  To  determine  whether  the  vessel  could  be  repaired,  and,  if  so,  how. 
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(2)  To  assess  liability,  and 

(3)  To  ascertain  whether  vessels  already  in  service  require  modifica- 
tion . 

The  investigation  was  carried  out  by  the  British  Welding  Research 
Association  (now  the  Welding  Institute),  who  issued  a full  report  [1].  A 
shorter  report  appeared  in  this  country  [2].  Starting  in  1976,  the  Open 
University  course,  "Materials  Under  Stress",  has  used  this  failure  to 
illustrate  the  use  of  fracture  mechanics  in  engineering.  This  paper  draws 
heavily  upon  the  resultant  text  [3]  which  contains  newer  material  and  employs 
the  case  study  format.  A principal  modification  was  the  addition  of  fracture 
mechanics  to  the  previous  BWRA  analysis.  In  fact,  successful  conclusion  of 
the  actual  investigation  involved  more  conventional  tests,  such  as  the 
Charpy.  We  have  chosen  to  treat  the  investigation  as  it  would  have  been 
carried  out  if  the  failure  had  occurred  more  recently,  and  the  use  of 
fracture  mechanics  had  been  included  in  the  natural  course  of  events. 

Construction  was  by  conventional  techniques  involving  building  up 
cylindrical  sections  by  Joining  curved  plates  together  with  longitudinal 
electroslag  welds.  In  turn,  the  cylinders  were  joined  circumferentially  by 
submerged  arc  welding.  The  end  sections  were  forgings  which  were  also 
joined  to  the  remainder  of  the  vessel  by  submerged  arc  welding  (Figure  2). 

To  minimize  residual  stress,  preheat  was  used  and  the  vessel  was  post-weld 
stress  relieved  at  a nominal  temperature  of  650®C  for  six  hours. 

Fortunately  the  vessel  failed  during  hydrostatic  testing  with  no  loss  of 
life  or  serious  injury.  Under  service  conditions,  with  gas  as  the  pressuriz- 
ing medium,  the  damage  would  likely  have  been  considerably  more  extensive  [3] 
By  coincidence,  the  fracture  occurred  within  2%  of  the  Intended  operating 
pressure,  although  the  test  was  planned  to  run  up  to  a level  almost  40% 
higher.  Furthermore,  the  visible  damage  seen  in  Figure  1 extended  only  along 
about  one-third  of  the  length.  Thus,  repair  with  replacement  of  the  damaged 
forging  and  plates  was  a realistic  consideration. 

FORMULATION 


Since  the  failure  pressure  was  close  to  the  design  pressure  an  overload 
mechanism  (plastic  collapse)  was  out  of  the  question  (assuming  that  no  error 
had  been  made  in  the  design  calculations).  Neither  would  stress-corrosion  be 
a reasonable  hypothesis  for  a new  vessel  being  tested  under  controlled 
conditions.  Fatigue  could  also  be  eliminated.  While  References  [1]  and  [3j 
show  that  a few  load  cycles  had  occurred,  the  severity  of  the  strain 
reversals  were  quite  modest.  By  the  process  of  elimination,  brittle  (low 
stress)  fracture  must  have  occurred. 

Under  these  circumstances,  two  kinds  of  deficiencies  need  to  be  sought 
out:  physical  defects,  such  as  pre-existing  cracks,  and  material 

deficiencies  associated  with  low  toughness.  The  combination  of  flaws  and 
material  leads  to  failure  according  to  the  well-known  relations  of  fracture 
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(a)  circumfarantial  welds 


foiging  between  sub-assemUies 


cireumferential  weld  '’® 

conieining  fatal  flaw 
(which  occurred  in  stage  d ) 


Figure  2.  Fabrication  Processes  Used  to  Make  the  Vessel 

(a)  Plate  rolling 

(b)  Plates  bent  to  the  proper  curvature 

(c)  Cylinders  welded  together  from  bent 
plates 

(d)  Cylinders  welded  together  to  form 
sub-assemblies 

(e)  Sub-assemblies  welded  together 

(f)  End-cap  bolted  on 
(e)  The  completed  vessel 
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mechanics.  Assuming  that  the  wall  of  a pressurized  vessel  acts  as  a center- 
cracked  panel  under  uniaxial  tension,  failure  will  occur  when 
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< 4)0 /na^^^ 
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where  ij)  is  a shape  factor,  a is  the  nominal  stress  acting  perpendicular  to 
the  crack,  and  is  the  effective  value  of  crack  length.  In  the  case  of 

this  welded  pressure  vessel,  both  o and  Sgff  have  to  be  evaluated  carefully: 

(1)  The  assigned  value  of  stress  must  include  applied  stress  plus  any 
residual  stress.  In  the  case  of  the  vessel  in  question  it  can  be 
easily  shown  that  the  applied  stress  is  close  to  the  hoop  stress 
for  a thin-walled  vessel  whose  radius  is  the  mean  radius  of  the 
actual  vessel  [3].  There  is  also  a possible  contribution  due  to 
discontinuities  such  as  nozzles  and  ports,  but  examination  showed 
that  the  origin  of  the  failure  was  too  far  away  from  any  such 
features  to  be  of  consequence.  Residual  stresses  pose  an  even  more 
difficult  problem  since  their  magnitude  is  not  known.  In  develop- 
ing the  case  study  we  assumed,  along  with  Dawes  [4]»that  the  safest 
course  was  to  set  them  equal  to  the  yield  stress  of  the  base  metal, 
Oy  (at  the  actual  stress  relieving  temperature)  for  those  instances 
where  welds  are  not  properly  stress  relieved.  Realizing  that  this 
may  be  the  most  tenuous  part  of  the  analysis,  we  assume  that 
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where  P = pressure,  R « mean  radius,  t = wall  thickness,  and 
Oyg  is  the  yield  stress  of  the  base  plate  at  the  stress  relieving 
temperature . 

(2''  The  effective  crack  length  will  be  equal  to  the  actual  crack  length 
provided  the  local  stress  is  a small  fraction  of  the  yield  stress 
at  the  test  temperature.  When  the  local  stress  is  a large  fraction 
of  the  yield  stress  there  are  several  ways  of  handling  the  problem. 
One  can  use  Irwin’s  [5]  approach  and  consider  that  the  crack 
responds  as  if  its  length  were  larger  by  an  Increment  equal  to  the 
plastic  zone  size.  Alternatively,  one  could  assume  that  the 
material  obeys  a critical  crack-tip-opening  displacement  fracture 
criterion.  In  this  case  it  is  easily  shown  the  resultant  equations 
provide  similar  values  to  those  obtained  from  the  Irwin  assumption. 
In  either  event  the  following  relation  gives  an  adequate  descrip- 
tion of  the  effect  of  crack  tip  plasticity  on  the  failure 
criterion : 
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When  Equations  (1),  (2),  and  (3)  are  combined  the  failure 
pressure  can  be  calculated. 

The  above  equations  show  that  the  data  required  are  the  mechanical 
properties  of  the  steels  used,  and  Oy,  plus  the  size,  shape,  and  location 

of  the  critical  flaw,  ip  and  a.  Table  1 provides  the  necessary  strength  and 
toughness  as  well  as  the  steel  composition.  Note  that  both  the  base  plate 
and  the  weld  metal  exceed  specifications  as  to  strength  and  that  there  is  no 
required  toughness  level.  At  the  time  that  the  vessel  was  constructed,  a 
"nc-cracks"  philosophy  was  currppf-:  no  orack  would  be  allowed  It  was 

unnecessary  to  insure  that  the  steel  had  a particular  fracture  toughness. 
Since  then  the  tendency  has  been  to  recognize  that  some  small  cracks  will 
likely  remain  undetected  and  that  materials  should  have  a minimum  toughness 
level  to  guard  against  them.  While,  in  hindsight,  the  earlier  approach 
would  appear  to  be  foolhardy,  it  must  be  remembered  that  pressure  vessel 
failures  have  been  quite  rare  for  a number  of  years  and  that  procedures  such 
as  stress-relieving  of  welds  lend  assurance  that  the  toughness  is  sufficient- 
ly high.  Some  further  assurance  was  required  that  the  welds  were  sufficient- 
ly tough  and  this  was  done  by  making  simulated  production  welds  to  qualify 
the  procedure.  Table  2 lists  the  results  of  this  preliminary  test  and  it  is 
seen  that  the  minimum  Charpy  energy  is  surpassed  along  the  traverse. 

The  design  parameters  for  the  vessel  are  given  in  Table  3.  It  is 
interesting  to  reflect  that  the  size  is  not  far  from  that  of  the  passenger 
compartment  on  a commercial  airliner  and  that  the  stored  compression  energy 
of  the  gas  is  sufficient  to  propel  the  vessel  vertically  to  respectable 
cruising  altitude. 

ASSESSMENT 


As  recreated  in  the  Open  University  text  [3],  the  failure  analysis 
assembled  information  on  all  of  the  parameters  of  Equations  (1)  - (3) . The 
first  step  was  to  locate  the  failure  origin.  Figure  3 shows  a map  of  the 
break  with  two  origins  Indicated.  It  was  not  a difficult  matter  to  locate 
them  by  tracing  chevron  markings.  A point  of  great  importance  is  that  both 
origins  were  associated  with  the  weld  indicated  in  Figure  2.  Closer  examina- 
tion showed  that  these  origins  were  within  the  heat  affected-zone  on  the 
forging  side  of  the  weld  and  consisted  of  tiny  pre-existing  buried  cracks. 
Figure  4 is  a profile  of  such  a crack  which  did  not  propagate.  Although  the 
origins  were  irregularly  shaped  as  seen  in  Figure  5,  for  purposes  of  calcula- 
tion they  were  taken  to  be  circles  of  8 mm  diameter,  for  which  the  shape 
factor,  * 2/tt.  Note  also  that  such  a crack  will  escape  detection  by  even 
the  most  sophisticated  NDI  procedures. 
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l ahle  2 Mechanical  properties  of  simulated  produeti.  ! «elds* 
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*Data  from  Reference  [1]. 


Table  3.  Geometry  and  Operating  Pressure 


Inner  Diameter,  •• 

1.70  m 

Wall  Thickness,  t - 

0.149  m 

Inner  Length  ■ 

16.7  m 

Operating  Pressure  « 

35  MNm"^ 

Figure  4.  A Welding  Crack  In  the  HAZ  of  the  Forging 


3.S.8 


Figure  5.  Flat  Facet  at  the  Origin 
(See  Figure  3 for  map.) 
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Attention  then  turned  to  the  metallurgical  conditions  of  the  forging 
HAZ.  A microhardness  traverse  showed  that  the  location  was  considerably 
harder  than  either  the  base  plate  or  the  weldment  (VHN  ~ 430) . When  pieces 
were  taken  from  It  and  tempered  for  two  hours  at  various  temperatures  It  was 
found  that  softening  began  at  bOCC.  Clearly  this  location  had  not 
experienced  the  650'C/6  hr.  temperature/ time  combination  It  was  supposed  to 
have  received  during  stress  relief.  This  failure  to  stress  relieve  also  led 
to  low  toughness  as  shown  by  the  Charpy  data  of  Figure  6.  It  was  thus 
determined  that  there  was  an  uneven  temperature  distribution  within  the 
stress  relieving  furnace  and  that  the  origin  location  was  Indeed  cooler  than 
required. 


iMKIMmiM/K 

Figure  6.  Results  of  Charpy  Tests  on  the 
Weld  Metal  of  the  Failed  Vessel 


Having  demonstrated  that  the  HAZ  was  brittle.  It  remain^!  to  be  deter- 
mined whether  the  conditions  were  appropriate  to  trigger  a low-stress 
fracture.  There  are  several  ways  In  which  this  might  be  done.  We  have 
chosen  to  calculate  whether  the  test  pressure  was  sufficiently  high  to  grow 
the  pre-existing  cracks.  The  Input  data  are  summarized  in  Table  4. 
Equations  (1)  and  (3)  combine  to  give  a 'predicted'  failure  stress: 
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tfhence  a - 669  MNm  From  Equation  (2),  this  converts  to  an  expected 
failure  pressure  of  45  MNm~^,  about  30Z  above  the  actual  value.  Accordingly, 
the  detailed  treatment  Is  consistent  with  failure  occurring  during  hydro- 
static testing  although  at  a considerably  higher  pressure  than  the  actual 
value . 


There  are  several  Interesting  points  with  regard  to  this  calculation. 
Above,  all.  It  Is  disturbing  that  the  result  Is  non-conservative.  The  most 
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Table  4.  Evaluation  of  Fracture  Mechanics  Parameters 
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Oy  (forging) 

Oyg  (base  metal) 
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likely  source  of  error  is  in  the  shape  factor;  the  value  for  a circle  is 
doubtless  different  from  that  of  the  actual  crack.  Secondly,  the  toughness 
level  would  have  to  be  very  high  in  order  for  critical  cracks  to  be 
Inspect Ible  by  routine  NDI  methods.  Finally,  it  emphasizes  the  effect  of 
residual  stress  which,  in  this  case,  is  considerably  larger  than  the  applied 
stress. 


CONCLUSIONS 


Since  the  failure  was  limited  to  one  end  of  the  vessel  and  since 
examination  showed  that  the  remainder  had  not  suffered  damage.  It  was 
rebuilt.  The  vessel  was  finally  put  into  service  in  1968  and  was  still  in 
regular  use  eight  years  later.  Probably  the  major  lesson  learned  is  that 
the  rules  for  pressure  vessel  construction  assure  safety  provided  they  are 
adhered  to  strictly.  However,  even  a very  small  deviation  (in  this  case  a 
local  cool  spot  in  the  stress  relieving  furnace)  has  the  potential  of 
causing  great  damage.  Because  of  the  energy  stored  in  such  a structure  the 
consequences  can  be  serious.  However,  the  requirement  of  pre-testing  at 
elevated  pressures  is  a major  safety  valve.  Had  the  ammonia  vessel  not  been 
pretested,  the  accident  would  have  been  many  times  more  serious. 

ACKNOWLEDGMENTS 


ARR  is  grateful  to  Battelle  Memorial  Institute  and  to  Battelle's 
Columbus  Laboratories  for  having  provided  sabbatical  leave  at  Open 
University  In  the  summer  of  1974.  Special  gratitude  is  offered  to  our 
fellow  members  of  the  Open  University  T351  course  team. 


3.5.11 


REFERENCES 


[1]  Anon.,  "Brittle  Fracture  of  a Thlck~Walled  Pressure  Vessel",  British 
Welding  Research  Assn.  Bull.,  T_  [6]  (1966). 

[2]  Clark,  W.  D. , and  Mantle,  K.  G.,  "Brittle  Fracture  of  Annnonla  Converter", 
paper  presented  at  AIChE  Fall  Meeting  (1966) . 

[3]  T351  Course  Team,  "The  Stability  of  Cracks",  Materials  Under  Stress. 

Units  5a-7A,  Open  University  Press,  Milton  Keynes,  U.K.  (1976). 

[4]  Dawes,  M.  G.,  "Fracture  Control  In  High  Yield  Strength  Weldments", 

Weld.  Research.  39,  3698  (1974). 

[5]  Irwin,  G.  R. , "Plastic  Zone  Near  a Crack  and  Fracture  Toughness", 

Proc.  7th  Sagamore  Ordnance  Materials  Research  Conf.  (1961). 


3.5.12 


APPLICATION  OF  FRACTURE  MECHANICS 
TO  WELDED  STRUCTURES  DESIGN* 


BY 

D.  A.  Bolstad  - Martin  Marietta  Corporation,  New  Orleans,  La, 
L.  W.  Loechel  - Martin  Marietta  Corporation,  New  Orleans,  La. 


INTRODUCTION 

This  case  describes  the  manner  in  which  fracture  control  methods  were  used 
in  the  design,  fabrication  and  test  of  the  External  Tank  (ET)  portion  of 
the  Space  Shuttle  Program.  The  ET  is  composed  of  two  propellant  tanks;  a 
hydrogen  tank  and  an  oxygen  tank  which  are  joined  together  by  an  intertank 
section  to  form  one  element  154  feet  long  by  27.6  feet  in  diameter.  Figure 
1 is  a sketch  of  the  ET  showing  it's  main  features.  The  ET  is  used  to  con- 
tain the  liquid  oxygen  and  hydrogen  propellants  used  by  the  Space  Shuttle 
Orbiter  during  ascent  and  serves  as  the  structural  backbone  joining  the 
Orbiter  and  Solid  Rocket  Boosters.  This  paper  is  limited  to  a discussion 
of  the  fracture  control  approach  for  the  welded  pressure  vessels. 


The  liquid  oxygen  and  hydrogen  tanks  are  fabricated  from  2219-T87  aluminum 
alloy  sheet  and  plate  with  some  2219-T62  forgings  and  2219-T8511  extrusions 
being  used,  2219  was  selected  as  the  ET  material  because  of  it's  weldabil- 
ity, toughness,  and  good  cryogenic  properties.  During  launch  the  ET  sup- 
ports the  Orbiter  and  Solid  Rocket  Boosters  at  attach  points  on  the  tank 
exterior.  The  ET  must  then  absorb  both  the  thrust  loads  from  the  Orbiter 
and  the  Solid  Rocket  Booster  and,  the  internal  pressure  stresses  of  the 
tanks  themselves. 


* Work  sponsored  by  the  NASA,  Marshall  Space  Flight  Center,  Alabama, 
under  Contract  No.  NAS8-30300 


Historical  Background 

For  the  ET  program  it  was  required  that  a Fracture  Control  Plan  (FCP)  be 
developed  to  define  the  manner  in  which  fracture  mechanics  principles  would 
be  used  in  design,  fabrication  and  testing  of  the  ET.  The  constraints  we 
considered  to  be  appropriate  in  developing  such  a plan  included  the  follow- 
ing. 

Flight  Reliability  - The  most  important  consideration  in  developing  an  FCP 
was  to  provide  a positive  demonstration  of  flight  reliability.  This  was 
to  be  accomplished  by  a combination  of  proof  test  logic  and  non-destructive 
evaluation  (NDE)  techniques. 

Low  Cost  - The  manner  in  which  fracture  mechanics  could  contribute  to  low 
program  cost  lies  basically  in  preventing  proof  test  failures  while  main- 
taining the  minimum  NDE  required  to  prevent  such  failures.  Also  it  was 
envisioned  that  significant  savings  could  result  if  the  number  of  weld  re- 
pairs required  in  the  approximately  3,000  feet  of  ET  welds  could  be  mini- 
mized. Ambient  temperature  proof  tests  {GN2  for  the  LH2  tank  and  inhibited 
H20  for  the  LO2  tank)  were  selected  to  avoid  costs. 

Technical  Background 

The  operational  requirement  for  the  ET  is  that  it  survive  1 flight  with  a 
scatter  factor  of  4.  Operating  and  proof  test  environments  include:  liquid 
hydrogen,  liquid  oxygen,  GN2  and  inhibited  water;  and  temperatures  ranging 
from  -4230F  to  +150OF.  A typical  flight  pressure  profile  is  shown  in  Figure 
2.  In  addition  the  tank  sees  external  loads  which  include  contributions 
from  the  other  Shuttle  elements  and  dynamically  induced  loads  from  engine 
noise,  sloshing  of  the  propellant,  etc. 


FIGURE  2 - FLIGHT  PRESSURE  PROFILE  FOR  THE  ET  ) 


I 


3.6.2 


While  earlier  space  programs  had  generated  considerable  fracture  data  on 
2219  there  was  almost  no  data  available  for  welds  at  cryogenic  temperatures. 
A good  deal  of  fracture  data  did  exist  in  the  literature  for  parent  metal 
over  the  temperature  range  of  interest  and  for  welds  at  ambient  temperature. 
Another  variable  recognized  in  the  existing  2219  weld  data  was  that  the 
weld  parameters  varied  from  test  to  test  and  so  no  concrete  conclusions 
could  be  reached  regarding  toughness  and  life  behavior  for  the  ET. 


FORMULATION 


From  the  previous  section  it  can  be  deduced  that  three  mechanisms  of  fail- 
ure could  be  possible. 

Static  Overload  - A failure  could  occur  in  proof  test  if  a large  enough 
flaw  existed  in  the  structure  prior  to  proof  test.  Furthermore,  failure 
could  also  occur  in  flight  if  proper  screening  of  flaws  was  not  achieved 
by  the  proof  test  and  NOE. 

Sustained  Load  - This  mechanism  of  slow  flaw  growth  under  load  was  also 
possible  both  during  proof  test,  storage,  and  flight  if  times  above  the 
slow-growth  threshold  were  not  controlled. 

Cyclic  - Once  the  tanks  are  proof  tested,  then  they  must  be  shown  good  for 
all  the  necessary  leak  checks,  tankings,  and  flight  conditions  with  a scat- 
ter factor  of  4. 

Additionally  to  reduce  proof  test  failure  risks,  a program  decision  was 
made  to  design  the  ET  weld  land  thicknesses  so  that  a Wak  mode  was  to  oc- 
cur at  proof  in  lieu  of  a burst  mode.  Technically  this  meant  that  the 
critical  flaw  depth  exceeded  weld  land  thickness  at  proof  stresses  and  risk 
of  failure  during  proof  would  be  reduced. 

Another  important  factor  was  that  the  design  of  the  ET  and  the  fracture 
control  effort  (both  management  and  test)  were  starting  at  the  same  time. 
There  was  no  luxury  of  having  2 years  of  test  before  the  first  draftsman 
drew  his  lines.  Data  trends  had  to  be  established  early  in  the  program, 
so  as  to  have  no  impact  on  design  that  could  adversely  affect  schedule  and 
cost. 

Empirical  Approach 

Since  the  ET  was  to  be  fabricated  from  2219  aluminum  which  is  very  tough, 
it  was  recognized  that  expressions  relating  fracture  strength  to  flaw  size 
would  be  difficult  to  obtain  and  subject  to  criticism  as  would  any  calcula- 
tion of  a toughness  value  (Kj^,  Kq,  etc.).  Therefore,  it  was  decided  that 
a semi-empirical  approach  to  the  problem  would  be  best.  That  approach  was 
to  generate  specimens  at  the  production  facility  with  production  welders, 
use  production  weld  schedules,  specimen  thicknesses  equivalent  to  tank  wall 
thicknesses,  test  temperatures  the  same  as  flight  temperatures,  and  to 
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determine  critical  flaws  at  the  anticipated  proof  and  flight  stresses.  The 
resulting  curves  of  flaw  size  as  a function  of  fracture  strength  were  then 
used  for  design  and  analysis. 

Test  Program 

Table  I is  a matrix  of  the  tests  that  were  run  to  verify  that  the  ET  met 
the  specification  requirements.  A detailed  description  of  the  test  program 
is  presented  in  reference  {!}.  A brief  summary  of  the  specimens  tested  is 
as  follows: 

1)  material  was  2219-T87  per  QQ-A-250/30; 

2)  semi-elliptical  surface  flaws  with  a/2c  = 0.20  and  0.50; 

3)  flaws  introduced  by  EDM  or  slitting  saws  and  extended  by  low-stress 
high-cycle  fatigue; 

4)  flaws  in  welded  specimens  were  along  the  weld  centerline  and  specimens 
were  tested  in  the  as-welded  condition; 

5)  flaws  in  parent  metal  were  parallel  to  long  transverse  direction; 

6)  specimen  width  for  all  temperatures  except  LH2  was  3.90  inches; 

7)  specimen  widths  for  LH2  tests  were  1.75  inch  (0.125  thick),  3.00  inch 
(0.140  and  0.188  inch  thicknesses),  and  5.75  inch  (0.375  inch  thick); 


TABLE  I 2219-T87  TEST  MATRIX 


■BOB! 

ss 

bb^^b 

^IB^B 

■■ 

bBSI^I 

IBI^BBB 

■■ 

IHi 

BB 

I^Hb 

KEY:  F * fracture  test,  C = cyclic  test,  S = sustained  load  test 
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8)  for  thicknessci  to  0.500  inch,  the  welds  were  made  with  two  passes  - 
one  penetration  pass  without  filler  wire  and  a second  pass  with  2319 
filler  wire  using  automatic  DC  GTA  welding  techniques.  Multiple  passes 
with  2319  were  used  for  thicker  welds. 

Fracture  Tests 


All  the  fracture  test  specimens  (except  LH2)  were  tested  in  a 100  Kip  load- 
capacity  servo-hydraulic  tensile  machine.  The  LH2  tests  were  run  on  a 400 
Kip  unit.  The  toughness  specimens  were  loaded  at  100  (parent)  and  50  (weld) 
ksi/min  rates.  The  purpose  of  these  te'-ts  was  to  develop  the  acceptable 
flaw  lengths  for  the  weld  inspection  criteria. 

The  results  of  these  tests  are  presented  in  reference  {!}.  Figure  3 is  a 
plot  of  fracture  strength  vs,  flaw  size  fo>  0.375  inch  thickness  and  is 
typical  of  data  obtained  for  all  thicknesses.  This  thickness  approximates 
the  most  common  thickness  on  the  ET.  These  results  (and  the  results  from 
the  other  thicknesses)  had  three  applications: 

1)  prediction  of  the  largest  flaws  that  would  survive  proof  test; 

2)  determination  of  acceptable  weld  defects;  and, 

3)  establishing  leak  before  burst  criteria. 
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FIGURE  3 - THE  EFFECT  OF  FLAW  SIZE  ON  FRACTURE  STRENGTH 
OF  2219-T87  WELDS 
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Sustained  Load  Tests 


We  ran  a number  of  sustained  flaw  growth  tests  on  welded  specimens  in  air 
and  dye  penetrant  to  assure  ourselves  we  did  not  have  an  aggressive  environ- 
ment to  deal  with.  The  literature  (2,3)  contained  sufficient  evidence  that 
the  flight  and  proof  test  environments  were  also  non-aggressive.  In  addi- 
tion, the  proof  (air)  and  flight  cycle  (air,  LN2*  & LH2)  tests  described  in 
the  following  sections  confirmed  that  this  approach  was  correct. 

Cyclic  Flaw  Growth 

Because  of  the  toughness  of  2219  and  unpredictable  flaw  growth  during  proof 
test,  linear  elastic  fracture  mechanics  theory  could  not  be  used  to  predict 
the  largest  flaw  surviving  proof  and  da/dN  data  could  not  be  used  to  predict 
cycles  to  fracture  or  leak.  Therefore,  it  was  determined  to  use  a simula- 
ted-service test  that  incorporated  a proof  test  on  each  specimen  and  "flying" 
the  specimen  on  a number  of  missions.  Each  cyclic  specimen  had  a flaw  size 
(for  that  thickness  and  proof  stress)  that  would  just  survive  proof  test. 
This  critical  flaw  size  was  determined  by  1)  the  fracture  tests,  2)  special 
instrumentation  (strain  gages  and  leak  detectors),  and  3)  careful  moni- 
toring of  the  load-deflection  readings  of  the  tensile  machine. 

About  one-half  of  the  cycl ic  specimens  "blew-up"  in  proof  demonstrating  that 
our  simulated-service  specimens  started  out  with  nearly  catastrophic  flaws. 
Figure  4 shows  the  profile  of  the  proof  and  flight  stresses  of  the  specimens. 
At  this  point  before  any  cyclic  tests  were  run,  a decision  had  to  be  made 
regarding  the  ET  proof  factor**.  Based  on  preliminary  data  assessments,  we 
selected  a proof  factor  of  1.05.  However,  the  major  portion  of  the  ET  tanks 
would  be  at  cryogenic  temperatures  and  2219  was  known  to  exhibit  higher 
toughness  at  these  colder  temperatures.  Therefore,  it  was  decided  to  take 
advantage  of  the  cryogenic  properties  by  establishing 


Proof  Factor  = 1.05  x toughness  at  ambient  (1) 

toughness  at  cryoaenic  temperature 


* Reference  (2)  presents  data  to  show  that  LN2  has  similiar  flaw  growth 
characteristics  to  LO2  for  2219,  so  LN2  was  used  instead  of  LO2. 

**  Proof  factor  is  defined  here  as  the  factor  by  which  flight  stress  is 
multiplied  to  determine  the  proof  stress. 
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A review  of  the  literature  {2}  and  early  fracture  results  indicated  that 
between  room  temperature  and  -320OF  the  toughness  of  2219-T87  parent  metal 
increased  by  at  least  5%.  Between  room  temperature  and  -4230F  the  data  in- 
dicated at  least  a 105S  increase.  Therefore,  the  cyclic  tests  were  estab- 
lished with  the  following  proof  factors. 

OPERATING  TEMPERATURE  PROOF  FACTOR 

ambient  1.05 

-320OF  1.00  (1.05  X 1/1.05) 

-4230F  0.955  (1.05  x 1/1.10) 

No  cyclic  tests  were  run  at  temperatures  above  ambient  because  when  these 
elevated  temperatures  occur  on  the  ET,  it  is  very  late  in  flight  and  the 
stresses  are  inconsequential. 


PROOF  TEST 


RT  (70®F)  V'p  ■ 

LR2  (-320«F)  Vffp  - 1.1 
LRj  (-4Z3®F)  ao/ap  ■ 1. 


30  660 

TINE,  t (second)  *30 

SIHULATED  SERVICE  CYCLE 


FIGURE  4 - TEST  SEQUENCE 


;;  Table  II  presents  selected  cyclic  test  results.  In  all,  69  specimens  sur- 

f vived  proof  and  all  69  subsequentially  survived  the  required  4 flights. 

The  test  goal  was  to  try  to  make  twelve  flights.  The  value  of  twelve  re- 
sulted from  a consideration  of  1)  anticipated  changes  in  loads  and  stresses 
later  in  the  ET  program,  2)  a possible  requirement  to  show  the  ET  good 
for  more  than  one  flight  (i.e.,  test  articles)  and,  3)  test  budget  restric- 
tions (number  of  specimens  vs.  length  of  test). 
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TABLE  II  EXAMPLES  OF  SIMULATED  SERVICE  TESTS 


THICK  (IN.) 

CONO. 

a 

2c 

Fatiq 

Leak 

je  Cycles 
Fracture 

0.122 

P 

0.055 

0.405 

0.14 

- 

OK 

700 

0.95 

12 

293 

306 

0.138 

P 

0.430 

0.17 

OK 

-3200 

1.0 

12 

4 36 

454 

0.367 

P 

0.197 

0.925 

0.21 

- 

Frac. 

0.371 

P 

0.123 

0.930 

0.13 

-4230 

1.05 

12 

NOT  RUN 

0.233 

H 

0. 195 

0.920 

0.21 

24 

Leak 

700 

0.95 

12 

N.A 

118 

0.357 

0.240 

1.255 

0.24 

24 

OK 

-3200 

1.00 

12 

137 

0.353 

W 

0.304 

1.391 

0.22 

21.9 

Leak 

-3200 

1.00 

12 

N.A. 

204 

0.366 

W 

0.324 

0.688 

0.47 

24,7 

OK 

-3200 

1.00 

12 

40 

403 

0.354 

RU 

0.243 

1.230 

0.19 

?4 

OK 

700 

0.95 

12 

58 

ASSESSMENT 


This  section  will  discuss  the  test  results,  the  impact  of  the  test  results 
on  the  ET  design,  and  the  implementation  of  fracture  control  on  the  ET. 

Fracture  Tests 


By  taking  the  individual  data  plots  of  fracture  stress  vs.  flaw  depth  (for 
a/2c  = 0.20)  and  extrapolating  the  data  to  where  the  flaw  depth  = thickness 
Figure  5 resulted.  Figure  5 is  used  by  the  designers  to  determine  the 
proper  thickness  to  assure  leak  at  proof.  Remaining  ligament  tests  have 
shown  that  leakage  can  occur  at  eVv.n  higher  stresses  {4},  which  provides 
an  added  measure  of  conservatism  in  our  approach. 

There  are  some  weld  lands,  that  because  of  manufacturing  limitations  or 
complex  loading,  that  will  not  be  in  a leak  mode  during  proof.  These  welds 
receive  no  additional  NDE  effort,  except  that  all  cracks  in  these  "burst" 
welds  are  referred  to  engineering  for  review  before  acceptance  regardless 
of  flaw  length  or  stress  in  the  weld.  All  tank  welds  are  radiographed  and 
penetrant  inspected  prior  to  proof  test. 

The  next  step  in  applying  the  fracture  data  to  ET  design  was  to  establish 
a weld  acceptance  criteria.  Here,  we  decided  to  consider  every  weld  defect 
(porosity,  dross,  inclusions,  ...)  a surface  crack.  The  most  common  defects 
associated  with  2219  welding  are  porosity  and  oxide  inclusions  with  an  occa- 
sional crater  crack  in  a weld  repair  area. 

The  thought  process  used  to  establish  the  defect  criteria  was  as  follows. 

1)  Review  all  the  room  temperature  data  for  each  thickness  including 
weld  repair  data. 


3.6.8 


2)  Determine  the  critical  flaw  depth  (at  a/2c  = 0.20)  for  each  thickness 

at  20,000  psi,  25,000  psi , and  30,000  psi  fracture  stresses.  These 

stresses  were  chosen  because  they  represented  the  most  likely  proof 
stresses.  In  actual  fact,  all  proof  stresses  are  less  than  25,000  psi. 

3)  Convert  the  flaw  depth  to  flaw  length. 

4)  Divide  this  critical  flaw  length  by  two  to  provide  a safety  margin 

to  minimize  proof  test  failure  risks. 

5)  Next,  consider  a flaw  shape  of  a/2c  = 0.5.  Let  a = thickness  and 
calculate  2c  (equals  2t).  This  is  the  very  deep  flaw  poised  to  leak 
or  fracture. 

6)  Compare  the  flaw  length  in  5 to  4.  Choose  the  smaller  value. 

7)  Round  off  the  number  (i.e.,  0.33  to  0.30)  to  simplify  the  task  of 
the  x-ray  inspector. 

Figure  6 was  the  result-of  this  logic  and  was  used  to  establish  defect 
K tolerance  criteria. 


FIGURE  5 - LEAK/BURST  CURVE  FOR  2219-T87  WELDS 
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However,  one  additional  step  was  still  necessary  so  a weld  grade  system 
was  established  in  the  weld  process  specification  in  which  defect  lengths 
were  assigned  grade  level  numbers.  Each  grade  level  has  a range  of  0.050 
inch.  For  example  a grade  7 callout  allows  defects  up  to  0.300  inches  in 
length.  A grade  6 allows  defects  up  to  0.250  inches.  These  grades  are  in 
turn  specified  on  the  engineering  drawings. 

This  approach  to  establishing  a weld  acceptance  criteria  is  conservative 
and  yet  allows  the  acceptance  of  defects  considerably  in  excess  of  those 
that  have  been  allowed  in  past  pressure  vessels.  This  has  resulted  in 
large  ET  cost  savings  through  a significant  reduction  in  weld  repairs. 

Cyclic  Data 

A review  of  Table  II  reveals  two  conclusions.  First,  that  the  flaw  sizes 
that  just  survived  proof  are  considerably  larger  than  those  allowed  for 
that  thickness  during  proof  test.  Figure  6.  Secondly,  that  any  ET  that 
survives  proof  will  be  good  for  at  least  one  flight  with  a scatter  factor 
of  four. 


KSI 


KSI 


KSI 


FIGURE  6 - WELD  DEFECTS  ALLOWABLE 
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As  can  be  deduced  from  the  data  and  knowledge  of  fracture  toughness, 
this  simulated  service  approach  cannot  assure  that  the  ET  will  not  leak. 
The  test  results  show  that  a flaw  may  break  through  in  proof,  but  will 
still  not  fracture  for  at  least  12  flights.  Still  a leak  is  undesirable 
and  therefore,  each  tank  is  leak  checked  either  during  or  after  proof 
test  and  acceptance  grade  levels  for  NDE  are  specified  such  that  no  flaw 
is  accepted  that  will  leak  in  service  or  proof  test. 


CONCLUSIONS 


In  the  past  the  acceptance  of  internal  and  external  defects  in  welds, 
(porosity,  dross,  cracks,  inclusions,  and  lack-of-fusion)  has  been  based  on 
somewhat  arbitrary  and  in  general  very  conservative  methods.  For  example, 
cracks  (or  crack-like  defects),  and  lack-of-fusion  have  never  been  allowed 
for  basic  weld  acceptance.  The  ET  approach  is  to  analyze  all  defects  by 
fracture  mechanics  techniques  as  though  they  were  cracks  and  allow  these 
defects  to  remain  in  the  weld  if  they  are  less  than  critical  size.  The 
defect  acceptance  length  is  specified  on  the  engineering  drawing.  This 
approach  has  resulted  in  a weld  acceptance  criteria  for  the  ET  that  al- 
though conservative,  is  much  less  stringent  than  that  of  other  existing 
weld  specifications.  This  approach  has  resulted  in  significantly  fewer 
weld  repairs  and  consequently  lower  cost  for  the  ET. 

We  have  minimized  any  risk  of  proof  test  failures  by  radiographic  and  pene- 
trant inspection  and  by  making  welds  leak  mode  where  possible.  Weld  leak- 
age is  prevented  by  NDE.  An  empirical  method  in  which  no  reliance  is  placed 
on  theoretical  analytical  expressions  that  would  be  questionable  for  high 
toughness  materials  has  been  used  to  select  proof  factors  that  ensure  suc- 
cessful flight  operation. 
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STRESS  ANALYSIS  OF  AN  OMEGA  SEAL  CONTAINING  A CRACK-LIKE  DEFECT 
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West  Mifflin,  Pennsylvania  15122 


INTRODUCTION 


Historical  and  Descriptive  Background 

In  the  nuclear  power  Industry,  there  are  many  applications  for  zero  leakage 
seals.  A seal  of  this  type  must  usually  provide  a flexible  connection 
between  two  independent  components  in  order  to  accommodate  their  relative 
motions  as  well  as  to  retain  the  applied  internal  pressure  such  that  zero 
leakage  is  provided.  One  type  of  zero  leakage  seal  frequently  employed  is 
called  an  "omega"  seal.  This  seal  is  comprised  of  inner  and  outer  seal 
halves  which  are  fabricated  into  a complete  toroidally  shaped  omega  seal 
(the  cross  section  of  which  resembles  the  Greek  letter  omega)  by  first 
welding  or  otherwise  securing  the  bases  of  the  seal  halves  to  two  components 
that  move  independent  of  one  another.  The  two  seal  halves  are  then  closure 
welded  together  at  their  "tops"  to  complete  the  omega. 

The  usual  sources  of  loading  on  the  seal  are  internal  pressure  and  motion 
of  the  components  to  which  the  seal  halves  are  affixed.  The  motion  of  the 
components  is  caused  by  pressure  and  temperature  effects.  Usually  the  dis- 
placements are  large  enough  to  produce  exceptionally  high  stress  levels  in 
the  seal.  That  is, for  the  given  number  of  operating  cycles  the  stress  levels 
are  frequently  beyond  those  allowed  in  Reference  1,  A low  stress  level  with 
subsequent  high  fatigue  life  is  obviously  a more  desirable  situation.  This 
has,  in  the  past,  frequently  been  accomplished  by  providing  a thin  flexible 
seal,  particularly  when  the  seal  experiences  large  "bottom"  end  displace- 
ments. This  lowering  of  the  stress  levels  results  from  a thin  seal  which 
has  negligible  resistance  to  bending,  hence,  low  bending  stress.  Thus,  the 
more  flexible  the  seal  the  lower  the  bending  stresses  will  be  and  the  higher 
the  membrane  stresses  due  to  Internal  pressure  will  be.  However,  the 
membrane  stresses  are  usually  well  within  the  limits  established  by  Refer- 
ence 1.  Consequently,  it  is  apparent  that  the  best  seal  design  will  be  a 
reasonably  flexible  seal  which  is  capable  of  handling  the  various  boundary 
conditions  imposed  on  the  seal.  The  strength  and  fatigue  life  of  a thin 
seal  is  of  course  significantly  affected  by  any  linear  defects  (cracks) 
which  may  be  present  in  the  seal.  Usually  the  material  used  in  an  omega 
seal  is  of  high  quality  Alloy  600  and  of  course  is  carefully  Inspected  for 
defects  prior  to  installation.  However,  the  final  seal  welding  of  the  two 
halves  of  the  omega  seal  is  a possible  source  of  defects  because  the  under- 
side of  the  weld  cannot  be  Inspected  upon  completion  of  the  weld.  It  is 
for  this  reason  that  it  is  usually  assumed  by  the  analyst  that  a linear 


defect  of  some  prescribed  depth  exists,  normally  at  one  of  the  toes  of  the 
seal  weld  since  that  is  the  usual  location  of  the  highest  stress  level  in 
the  seal.  Thus,  in  order  to  predict  the  stress  levels  and  fatigue  life  of 
a seal  that  may  or  may  not  contain  a linear  defect,  a fracture  mechanics 
crack  growth  analysis  of  the  seal  with  a defect  is  necessary. 

Technical  Background  and  Data 

It  was  desired  to  perform  a parametric  study  of  an  omega  seal  of  Alloy  600, 
the  cross  section  of  which  is  shown  in  Figure  1.  The  material  properties 
used  in  this  analysis  for  the  base  metal  were  different  from  those  used 
for  the  weld  deposit  metal  as  shown  in  Table  1.  The  weld  underbead  shape 
has  been  assumed;  however,  it  does  correspond  reasonably  well  with  the 
cross  section  of  actual  seal  welds.  The  parametric  study  was  to  consist 
of  both  stress  and  fracture  mechanics  crack  growth  analyses  to  determine 
1)  the  maximum  depth  of  crack  allowed  at  the  toe  of  the  weld  so  that  crack 
growth  would  be  less  than  five  percent  in  an  expected  lifetime  of  2000 
cycles;  2)  whether  the  remaining  ligament  could  meet  the  primary  membrane 
and  primary  membrane  plus  primary  bending  requirements  set  forth  in  Refer- 
ence 1,  and  3)  whether  ratchetting  requirements  (no  rathcetting  allowed) 
could  be  met.  The  analysis  would  be  performed  using  finite  clement 
techniques.  Further,  the  analysis  of  the  omega  seal  would  be  performed  on 
an  axisymmetric  basis  and  as  such  required  that  the  cracks  be  circumfer- 
ential. This  of  course  creates  a much  more  severe  condition  than  isolated 
semi-circular  or  semi-elliptical  cracks  would  create. 

The  boundary  conditions  imposed  on  the  seal  for  this  study  are  listed  in 
Table  1 and  correspond  to  the  symbols  indicated  in  Figure  2. 


Table  1 Boundary  Conditions  and  Young's  Moduli 


Variable 
R^(Rad.01spl.) 
R^CRad.  Dlspl.) 
M^(Displ.due  to  Mom. 
p(Pressure) 

T (Tempera tu re) 
E*(Weld  dep.Mat.) 

E (Other  Mat.) 


Steady  State 

9.1(10"^)ln  (23y>n) 
2.&(10"^)in  (7.1pm) 

) 1.34(10  ^)  radians 

2500  psi  (17.24  MPa)** 
500°F  (260°C)** 
22.2(10^)p8i  (153.06  GPa) 
28.9(10^)p8i  (199.26  GPa) 


Initial  Condition 

0.0 

-2.8(10"^)in  (-71pjn) 
1.26(10  ^)  radians 
0.0 

70°F  (21.1°C) 
23.7(10^)p8l  (163.41  GPa) 
31.4(10^)p8i  (216.50  GPa) 


One  other  condition  (a  limiting  condition)  Imposed  on  the  seal 
is  that  no  ratchetting  will  be  allowed. 

* Assumed  values  of  Young's  Modulus  for  the  weld  deposit  material. 
**These  values  are  representative  of  those  used  in  either  a pressurised 
water  reactor  or  a light  water  breeder  reactor. 
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Figure  1 Cross  Section  of  Omega  Seal  Scale  10/1 


FORMUIATION 


Definition  of  Tasks 


The  first  step  In  the  analysis  was  to  determine  the  point  of  meixlmum  stress 
on  the  surface  of  the  seal.  An  axlsynnetrlc  stress  analysis  using  the 
finite  element  techniques  described  In  Reference  2 and  In  Reference  3 was 
used  to  locate  the  maximum  stress  point.  The  next  step  was  to  create  a new 
finite  element  model  of  the  seal  so  that  an  explicit  representation  of  the 
crack  using  finite  element  crack>tip  elements  could  be  Inserted  at  the 
location  of  maximum  stress,  namely  at  the  outside  toe  of  the  weld  underbead. 
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Figure  2 Sketch  indicating  pressure  and  temperature,  and 
positive  directions  of  displacements  and  moment 


As  stated  above,  it  was  necessary  in  the  next  step  to  know  the  crack  growth 
rate  for  the  maximum  allowable  depth  of  an  axisymnetric  crack  located  at  the 
toe  of  the  weld  underbead.  This  was  accomplished  by  using  a nine  node 
isoparametric  brick  finite  element  analysis  in  which  the  mode  one  stress 
intensity  factor  1C  was  calculated  first  by  means  of  the  "J"  Integral  method 
in  the  finite  element  domain  and  then  by  a displacement  expansion  method. 

The  results  of  the  two  methods  were  then  compared.  The  stress  intensity 
factors  for  both  initial  and  steady-state  conditions  were  determined  as 
indicated,  then  substituted  into  the  expression 


where 


crack  length  in  inches  (m) 

number  of  cycles  of  stress  amplitude  (2000  in  this  case) 
an  experimentally  determined  material  dependent  quantity 
(For  Alloy  600  C - 4(10-13)in  [cycle  (KSlVin)"]"^  or 
1.016 (10”'^^)m  [c^cle 

an  experimentally  determined  material  dependent  quantity  - 
5.7  for  Alloy  600 

range  of  stress  intensity  factor  (iC  at  steady  state  minus 
1C  at  initial  conditions  (assumed  zero  in  this  problem)) 
KSI  YTiT  (1.099  Pa  Ym). 
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The  experimental  data  from  which  Cj^  and  n were  determined  were  collected 
from  specimens  tested  in  air  and  subjected  to  maximum  linearized  stress 
levels  in  the  range  68  to  104  KSI  (469-717  Pa),  These  stress  levels  are 
considerably  above  monotonic  yield  and  some  were  even  above  cyclic  yield. 
Therefore,  the  empirical  relationship  of  Equation  (1)  should  be  valid  for 
stresses  beyond  yield  such  as  are  encountered  in  the  problem  under  dis- 
cussion. The  value  for  C was  increased  by  a factor  of  10  to  account  for 
the  seal  being  in  contact  with  water.  The  next  step  involved  determining 
if  the  remaining  ligament  could  withstand  the  steady-state  conditions  and 
meet  the  appropriate  basic  stress  intensity  limits  of  Reference  1.  The 
final  step  was  to  investigate  whether  ratchetting  takes  place.  For  the 
omega  seal  under  consideration,  no  ratchetting  was  allowed. 

Technical  Data 

The  technical  data  for  the  problem  under  discussion  is  presented  in  the 
Introduction  under  the  heading  Technical  Background  and  Data. 

ASSESSMENT 

The  cross-sectional  geometry  of  the  omega  seal  is  shown  in  Figure  1.  This 
geometry  is  basically  the  as-built  condition  with  the  assumed  shape  of  the 
weld  underbead  corresponding  reasonably  well  with  observed  weld  cross 
sections.  The  cross-sectional  geometry  was  converted  to  the  mathematical 
(finite  element)  representation  shown  in  Figure  3.  This  mathematical  model 
consists  of  five  free  bodies  which  are  fastened  together  at  their  respective 
interfaces.  The  free  bodies  (IHOMEGl,  LH0MEG2,  etc.)  along  with  their 
respective  s-t  coordinate  origins*  are  indicated  in  Figure  3.  An  axisymmetric 
stress  analysis  using  References  2 and  3 was  performed  on  the  mathematical 
model.  The  data  from  the  stress  analysis  of  the  complete  seal  was  used  to 
locate  the  point  of  maximum  hoop  stress  on  the  boundary  of  the  seal  so  that 
a crack  could  be  placed  in  that  location.  That  point  is  as  indicated  in 
Figure  3.  The  model  shown  in  that  figure  was  then  modified  to  six  free 
bodies  to  account  for  the  crack-tip  region  which  itself  is  a separate  free 
body.  To  insert  the  crack-tip  free  body  into  the  analysis,  it  was  necessary 
to  revise  the  free  body  CRAKEL  to  accept  the  additional  free  body.  This 
involved  certain  changes  in  the  mathematical  model  which  can,  for  a 
representative  crack  length,  be  seen  in  Figures  4 through  8,  Figure  4 is 
the  crack-tip  region  itself.  It  consists  of  one  element  in  the  s-direction 
and  28  elements  in  the  t-direction.  Figure  5 is  a modification  of  the  free 
body  CRAKEL  from  Figure  3 with  five  elements  in  the  s-direction  and  28  in 
the  t-direction.  The  modification  of  CRAKEL  consisted  of  changing  the  s-t 
origin  and  including  a crack  and  a "hole"  to  receive  the  crack-tip  region. 

As  stated  above,  the  free  body  of  the  crack-tip  region  is  composed  of  a 
number  of  special  crack-tip  elements.  These  elements  are  triangular  in 
shape  so  that  the  most  acute  angle  of  each  element  lies  at  the  tip  of  the 
crack  which  is  also  the  origin  of  the  s-t  axis  in  this  free  body.  The 
purpose  of  this  configuration  is  to  provide  that  every  element  in  the  free 
body  is  conmon  to  the  tip  of  the  crack  so  that  a stress  singularity, 

* The  coordinate  system  s-t  is  established  as  a convenient  means  for 
element  and  node  numbering  and  is  described  further  in  Reference  3. 
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Fisure  3 Mathematical  Model  of  Ome^a  Seal 
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figure  3 Revised  Free  Body  CRAKEL 
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Figure  7 Cross  Section  of  Omega  Seal  with  Crack 


3.7.10 


MX  IS 


H80’'*i:il  Qi'-  50CO-431  SHSO-Ol 

R RXIS 


Figure  8 Distorted  Geometry  - Displacements  Magnified  100  times 
Steady  State  Boundary  Conditions 
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presumed  valid  near  the  tip,  can  be  modeled.  This  is  shown  graphically  in 
Figure  4 where  the  free  body  resembles  a Japanese  fan,  the  pivot  point  of 
which  would  represent  the  near  tip  area  of  the  crack.  The  edges  of  the 
triangular  elements  which  form  the  periphery  of  the  free  body  are  exactly 
the  same  configuration  as  the  mating  quadrilateral  elements  of  the  surrounding 
free  body  CRAKEL  shown  in  Figure  5.  Thus,  the  free  body  CRAKEL  is  a trans- 
ition region  of  quadrilateral  elements  which  connects  the  free  body  con- 
taining the  crack-tip  to  the  remaining  structure  which  is  composed  of 
basically  rectangular  elements.  Figure  6 shows  the  assembly  of  the  free 
bodies  CRAKTIP  and  CRAREL.  Figure  7 shows  the  cross  section  of  the  seal 
with  a crack  at  the  outside  toe  of  the  weld  and  Figure  8 shows  the  displaced 
(dotted)  outline  relative  to  the  undisplaced  (solid)  outline.  The  basic 
model  shown  in  these  figures  was  used  to  perform  the  parametric  study  to 
determine  the  maximum  allowable  crack  depth  for  this  seal  and  its  associated 
boundary  conditions.  The  following  assumptions  are  used  throughout  the 
computer  (finite  element)  analysis. 

1.  Linear  elastic  stress-strain  relationship  is  valid. 

2.  Defect  (crack)  exists  completely  around  the  seal  inner  circumference. 

3.  The  defect  occurs  in  the  area  of  highest  hoop  stress  --  i.e.,  at  the 
outside  toe  of  the  weld. 

4.  Poisson's  ratio  is  0.3. 

5.  Small  strain,  small  displacement  theory  is  valid. 

The  fracture  analyses  were  performed  following  the  same  procedures  and  using 
the  same  computer  program  network  as  was  used  in  the  uncracked  model  except 
that  a final  module  of  the  network  was  called  to  calculate  the  "J"  integrals 
and  then  calculate  the  mode  I stress  intensity  factor,  K^,  for  cracked 
elastic  bodies  by  means  of  the  expression 


where  E is  Young's  Modulus 
and  V is  Poisson's  ratio. 

A value  for  Poisson's  ratio  of  0.3  was  used  in  all  calculations.  This  pro- 
duces the  most  conservative  values  for  the  J-integral  since  the  problem  is 
displacement  controlled  and  the  J-integral  is  proportional  to  the  area  under 
the  force-displacement  curve. 

Equation  2 is  the  relation  between  K-  and  J for  the  plane  strain  case  and  is 
not  strictly  valid  for  the  axisymmetHc  problem  considered  here.  However, 
since  the  ratio  of  torus  radius  to  thickness  is  in  the  55-60  range,  the 
problem  is  reasonably  close  to  plane  strain.  Therefore,  the  results  of 
Equation  (2)  should  be  acceptable,  although  possibly  a bit  conservative. 
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The  linear  elastic  fracture  mechanics  analyses  of  the  omega  seal  were  per- 
formed in  a parametric  fashion  such  that  seals  with  circumferential  cracks 
ranging  in  depth  from  0.015  inches  (0,381  mn)  to  0.040  Inches  (1.02  mm)  in 
increments  of  0.005  inches  (0.127  mn)  were  analyzed  for  both  steady-state 
and  initial  conditions.  To  maximize  the  crack  growth,  it  was  assumed  that 
the  initial  conditions  produced  no  loading  on  the  crack-tip.  Hence,  the 
Kj  at  initial  conditions  is  zero.  In  accordance  with  Equation  (1),  the 
maximum  calculated  crack  growth  associated  with  a 0.040  inch  (1.02  mn)  crack 
normal  to  the  inside  surface  of  the  seal  at  the  outside  toe  of  the  weld 
underbead  is  1.79  percent.  This  is  based  on  a calculated  stress  intensity 
factor  of  11.073  KSI  -yj  in'  (12.17  at  steady  state  conditions  and  the 

assumption  that  da/dN  can  be  replaced  by  the  difference  expression 
where  ^ = a^  - a^  and  - N for  f = final  and  i = initial.  Sub- 

stitution of  these  expressions  into  Equation  (1)  yields 


= ai  + Nf 


(3) 


where  was  set  to  zero. 

Thus,  substitution  of  the  appropriate  values  into  Equation  (3)  yields 
a^  = .040  + 2000(4)(10"^^)(11. 073-0)^*^ 


or 


a^  = .0407168  in  (1.0342067  mn) 

and  the  percent  of  growth  for  the  0.040  inch  (1.016  mm)  crack  is 

a,  ..  ,0407168  - .040  

U growth  - •* — * (100/.) 


- 1.797. 


This  is  a small  percentage  growth  and  of  course  is  less  than  the  five  per- 
cent limit  set  forth  in  the  Technical  Background  and  Data  section.  To 
corroborate  this  growth,  the  values  of  calculated  via  the  J-integral 
method  were  substantiated  by  hand  calculation  using  the  single  term  displace- 
ment expansion  method  discussed  in  Reference  4.  In  this  method 
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(4) 


K 


I 


where  v is  the  displacement  normal  to  the  crack  face  at  the  ith  node  and 
is  the  distance  along  the  crack  face  from  the  crack-tip  to  the  ith  node. 

For  instance,  in  the  case  of  the  0.040  inch  (1.02  mm)  crack,  the  J-integral 
value  for  was  11.073  KSI'^Tn  (12.17  while  the  displacement 

expansion  method  of  Reference  4 generated  16.056  KSI'^^in  (17.65  Pa'\/m).  In 
Reference  5 the  displacement  expansion  method  was  compared  to  test  data  and 
it  was  found  that  it  over  estimated  the  measured  data.  Thus,  it  is  believed 
that  the  J-integral  values  of  Kj.  are  reasonable  numbers  for  this  case; 
hence,  it  is  concluded  that  no  appreciable  crack  growth  will  be  caused  by 
the  loads  considered. 

The  portion  of  the  seal  between  the  tip  of  the  crack  and  the  outside  surface 
of  the  seal  is  called  the  remaining  ligament.  It  is  now  necessary  to 
determine  if  the  remaining  ligament  can  withstand  the  steady-state  conditions 
and  meet  the  appropriate  stress  requirements  of  Reference  1.  The  stresses 
(as  determined  via  References  2 and  3)  within  the  seal,  resulting  from  the 
boundary  conditions  of  Table  1,  contain  a significant  amount  of  secondary 
stresses  due  to  thermal  effects.  Since  the  boundary  conditions  which  pro- 
duce primary  stresses  and  those  which  produce  secondary  stresses  were  not 
stated  independently,  but  rather  were  stated  in  a combined  sense,  i.e., 
given  as  total  displacement  or  rotation,  it  is  an  extremely  difficult  if  not 
impossible  task  to  separate  the  primary  and  secondary  components  from  the 
total  stress  determined  by  the  finite  element  computer  program.  Consequently, 
a reasonable  method  of  approximating  the  primary  stresses  is  required.  One 
approach  to  this  problem  Is  to  observe  that  the  only  contribution  to  primary 
stress  roust  come  from  internal  pressure.  Therefore,  the  primary  stress 
intensity  in  the  remaining  ligament  is  due  only  to  pressure.  By  considering 
the  seal  to  be  approximated  by  an  uncracked  torus,  the  membrane  stress  and 
hence  the  average  membrane  force  can  be  determined  by  using  the  standard 
torus  formula  as  shown  in  Reference  6 and  reproduced  below  as 


where 


a £b  ■ 2a  - b 
'^max  2t  ' a - b * 


(5) 


p - internal  pressure 

b ~ outside  radius  ~ 0.25  inches  (6.35  mm) 
a > the  torus  radius  • 5.15  inches  (0.1308  mm) 
t * the  torus  thickness  (remaining  ligament 
In  this  case)  - 0.046  to  0.076  inches 
(1.17  to  1.93  mm),  depending  upon  depth 
of  crack 
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For  equilibrium,  the  membrane  force  must  be  transmitted  across  the  remaining 
ligament.  Referring  to  Figure  6,  it  was  determined  that  the  distance  across 
the  modeled  seal  along  the  line  of  the  crack  is  0.0913  inches  (2.32  mm). 
Thus,  by  considering  the  free  body  diagram 


1 

t 

0913  ^ ^ 

J * t ^ * 

320MM)  1 

1 .0457  (1.161  MM) 

i 1 

J 

\ CRACK  LENGTH 

it  is  seen  that  in  transmitting  the  force  across  the  remaining  ligament  the 
forces  are  offset  an  amount  6,  thereby  creating  a moment  M = F5.  The 
maximum  stresses  per  unit  length  can  then  be  determined  by  the  expression 


where 


a 


F ^ 
A * I 


F 

h 


(6) 


F = membrane  force /unit  length 
A = area  of  ligament  = h(l) 

I = bh^/12,  b = 1 
C = h/2 

h = remaining  ligament 


Using  Equation  (5),  the  maximum  general  primary  membrane  stress  intensity 
S under  a hydrostatic  testing  pressure  of  3200  psi  (22.064  MPa)  (1.5  times 
operating  pressure),  a minimum  remaining  ligament  h of  0,061*  inches 
(1.55  mm)  (a  0.030  inch  (0.762  mm)  crack),  and  a torus  radius  of  5.15 
inches  (130.81  mm)  is  determined  to  be 


S . 13449  - (-  "^1^)  = 15049  psi  (103.8  MPa) 

where  the  average  stress  due  to  Internal  pressure  is  subtracted  from  the 
toridal  stress  to  give  the  stress  intensity.  When  compared  with  the  S 
j value  of  Reference  1 (the  lower  of  j S or  j S ),  this  stress  intensify  is 

• well  within  the  limits,  e.g.,  ^ 

7 

i*  It  will  be  shown  on  the  following  page  that  a crack  depth  of  0.030 
inches  (0.762  mm)  is  the  maximum  that  can  be  allowed. 
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15049  psi  (103.8  MPa)  < f = | (35000)  « 23333  psi  (160.9  MPa) 


Using  the  stress  in  the  remaining  ligament  of  the  torus,  the  membrane  force/ 
unit  length  used  in  Equation  (6)  can  be  determined.  Thus, 


F = oh  = 13449  (.061)  = 820  Ib/in  (1.436(10^)  N/m) 


and  Equation  (6)  now  yields 


a 


820 

.061 


6(820)(.015) 

(.061)^ 


or 


o = 33276  psi.  (229.4  MPa) 


By  combining  this  value  with  the  hydrostatic  pressure  stress,  the  maximum 
primary  membrane  plus  bending  stress  intensity  is  determined  to  be  34876 
psi  (240.5  MPa).  The  limiting  value  of  stress  intensity  in  this  case  is 
1,5  S = 1.5(23333)  35000  psi  (241.3  MPa).  Thus,  this  requirement  on 

membrane  plus  bending  stress  intensity  is  satisfied  for  circumferential 
cracks  of  30  mils  (0,762  ram)  or  less  in  depth. 

The  primary  plus  secondary  stresses  in  the  remaining  ligament  were  calcu- 
lated by  the  computer  in  a coordinate  system  that  was  neither  parallel  nor 
perpendicular  to  the  crack  face.  To  separate  the  calculated  stresses  into 
membrane  and  bending  components  required  a rotation  of  the  computer 
determined  stresses  into  a coordinate  system  which  produced  stresses  normal 
and  parallel  to  the  crack  face.  It  was  then  possible  to  use  a numerical 
integration  scheme  on  the  normal,  hoop,  and  circumferential  stresses  to 
separate  the  stresses  into  membrane  and  bending  components.  Normally  this 
is  done  for  purposes  of  differencing  the  components  so  that  the  stress 
difference  range(s)  between  the  two  extreme  conditions  may  be  compared  with 
the  3S  limits  of  Reference  1.  However,  since  Equation  (1)  was  employed 
to  determine  the  crack  growth  in  one  lifetime  of  2000  cycles  and  since  a 
fatigue  analysis  is  intrinsic  to  this  empirical  equation,  it  is  not 
appropriate  to  invoke  the  stress  difference  range  limits  and  the  fatigue 
limits  of  Reference  1.  On  the  other  hand,  since  the  omega  seal  is  subjected 
to  both  cyclic  pressure  and  thermally  Induced  displacement  controlled 
loading,  it  is  appropriate  to  investigate  whether  ratchetting  takes  place. 
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For  the  problem  at  hand,  one  of  the  "boundary"  conditions  stipulated  that  no 
ratchetting  was  allowed. 

The  investigation  of  ratchetting  is  accomplished  basically  by  means  of  a 
graphical  determination  of  the  relation  between  primary  membrane  and  primary 
plus  secondary  bending  stress.  The  graph  used  is  usually  referred  to  as 
a "Bree"  diagram  (see  Figure  9)  after  J.  Bree  (Reference  7),  Both  the 
ordinate  and  abscissa  of  Figure  9 are  normalized  on  the  yield  stress.  Even 
though  Bree  in  his  original  paper  (Reference  7),  as  well  as  subsequent 
authors  on  the  subject,  did  not  state  which  yield  stress  should  be  employed, 
it  appears  that  if  a cyclic  phenomenon  is  under  investigation  the  appropriate 
yield  stress  would  be  cyclic  yield. 

For  the  seal  under  consideration,  o,.  (see  Figure  9)  will  also  include 
membrane  stress  due  to  thermal  effects.  It  is  assumed  that  the  yield  stress 
is  the  cyclic  yield,  in  this  case  it  is  assumed  that  the  cyclic  yield  is 
45.0  KSI*  (310.3  Pa)  and  that  the  pressure  stress  Op  contains  only  the 
membrane  stress  due  to  pressure.  Thus,  since,  for  a 30  mil  (0.762  mm)  crack, 
the  thermal  stress  is  128.9  KSI  (888.8  Pa)  and  the  membrane  stress  is 
10.5  KSI  (72.40  Pa),  the  ordinate  and  abscissa  values  are  approximately  3 
and  .25  respectively.  The  resulting  point  of  intersection  lies  in  the 
regime  P of  Figure  9;  hence,  there  is  no  ratchetting  for  this  seal  when  it 
contains  a 30  mil  (0.762  mm)  circumferential  crack  at  the  outside  toe  of 
the  weld. 

Sunmarv  and  Conclusions 

It  has  been  shown  that  for  the  omega  seal  under  consideration  which  contains 
a circumferential  crack  0.030  inches  (0.762  mm)  deep  at  the  outside  toe 
of  the  weld,  the  primary  membrane  and  primary  membrane  plus  primary  bending 
stress  intensities  are  within  the  limiting  values  of  S and  1.5  S 
respectively.  Furthermore,  there  is  essentially  no  crack  growth  Tn  an 
expected  life  of  2000  cycles.  Although  the  primary  plus  secondary  and 
fatigue  limits  of  Reference  1 are  not  explicitly  invoked,  the  failure  modes 
prevented  by  these  limits  are  precluded  as  demonstrated  by  ratchetting  and 
crack  growth  analyses.  Further,  by  inference,  a semi-elliptical  or  a semi- 
circular 30  mil  (0.762  mm)  deep  crack  at  the  toe  of  the  weld  would  be  well 
within  the  required  limits.  This,  of  course.  Implies  that  semi-elliptical 
or  semi-circular  cracks  of  greater  than  30  mils  (0.762  mm)  depth  could  be 
tolerated.  However,  since  it  is  not  known  to  what  depth  they  could  be 
tolerated,  if  they  are  limited  to  30  mils  (0.762  mm)  it  will  certainly  be 
a conservative  condition.  It  is  therefore  concluded  that  the  seal  analyzed 
in  this  report  can  meet  the  applicable  stress  limits,  the  ratchetting 
requirements,  and  the  fractu.e  mechanics  requirements  both  for  the  given 
boundary  conditions  and  for  a worst  case  condition  of  a circumferential 
crack  30  mils  In  depth  located  at  the  outside  toe  of  the  weld  underbead. 

* This  value  of  cyclic  yield  was  extracted  from  Figure  1 of  Reference  8 as 
a rough  "average"  of  the  cyclic  yield  between  the  knee  of  the  curve  and 
the  0.2  percent  offset  line. 
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INTRODUCTION 


Historical  Background 

Fre.nsure  vessels  have  always  provided  interest  and  an  area  of  fruitful  work 
for  the  engineer  and  scientist  involved  in  fracture  mechanics.  The  j^rincipal 
reasons  for  this  are  threefold;  failure  of  pressure  vessels  always  has 
serious  consequences,  the  probleniS  are  usually  interesting  technically  and 
they  are  usually  amenable  to  some  sort  of  solution.  The  approach  used  in 
this  paper  for  predicting  fatigue  and  failure  of  pressure  vessels  is 
primarily  applicable  to  large  calibre  gun  barrels  although  some  of  the 
results  are  of  wider  interest  and  application. 

liistoricalJy  the  occurrence  of  fracture  problems  in  gun  barrels  goes  back  a 
long  way  although  these  problems  largely  disappeared  with  the  advent  of 
modern  forging  and  heat  treatment  techniques.  Since  that  time  the  service 
life  of  gun  barrels  has  been  determined  by  wear  since  tliis  produces  a 
deterioration  in  accuracy  and  when  this  falls  outside  predetermined  limit.s 
the  gun  is  withdrawn  from  service. 

In  the  intervening  period  there  have  been  considerable  changes  brought  about 
by  demands  for  lower  weight  and  higher  performance.  Tliese  changes  have 
required  an  increase  in  working  stress  and  an  increase  in  the  strength  of 
steel  used.  TTie  net  result  of  this  has  been  to  reduce  fatigue  life  through 
the  increased  stress  intensity  factor  (AK)  and  the  reduced  fracture  tougliness. 
Originally  the  reduced  fatigue  life  brought  about  by  these  changes  was  of 
little  consequence  since  the  wear  life  was  shorter.  However  around  the  late 
1900 's  the  stress  levels  and  strength  levels  had  become  such  that  in  many 
cases  the  fatigue  life  was  shorter  than  the  wear  life  and  the  failure  of  a 
number  of  barrels  occurred.  This  reduction  in  fatigue  life  required  a 
fundamental  change  on  the  part  of  the  user  and  designer  since  it  meant  that 
the  fatigue  life  must  be  known  with  reasonable  accuracy  in  order  that  the 
barrel  could  be  withdrawn  from  service  before  failure  occurred.  It  is 
the  purpose  of  this  paper  to  describe  one  of  the  methods  of  analysing  and 
predicting  the  fatigue  behaviour  under  uhese  modern  conditions. 


i 
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Technical  Background 


One  of  the  most  important  features  of  gun  barrels  in  the  context  of  fracture 
mechanics  is  that  they  are  subject  to  thermal  fatigue  at  the  bore  from  hot 
propellant  gases.  This  causes  the  bore  surface  to  develop  a network  of  craze 
cracks  within  the  first  few  rounds  and  the  crack  depth  reaches  a maximum  of 
about  Imm  (O.OU")  after  200  rounds.  Subsequent  to  this  the  cracks  will 
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iovi-loji  n:;  longitudinal  fatigue  cracks  growing  radially  as  a result  of  the 
!trt,T.suri  nation  and  depressurisation  of  the  barrel.  The  result  of  this  is  that 
fatigu''  in  gun  barrels  is  a particularly  severe  problem  for  two  reasons . 
Firstly  initiation  of  cracks  is  effecteii  very  rapidly  and  within  a few 
r.  iunds  the  AK  value  can  reach  50-60  MNin~3/2  (UO-5O  ksi/in)  at  which  fatigue 
crack  growth  rates  are  fairly  fast.  Secondly  the  pressure  will  act  in  the 
cracks  as  well  as  producing  a hoop  stress  and  since  pressures  can  be  in  the 
range  of  300-600  MN/m^  (20-40  tonf/in^)  this  has  a large  effect  on  the  AK 
val ue . 

Krorr.  observations  on  actual  barrel  failures  or  simulated  failures  the 
important  features  that  appear  relevant  to  an  analysis  of  the  problem  are 
Hi'sociated  with  the  type  of  cracking  that  develops  and  the  final  failure.  It 
appears  that  once  the  craze  cracking  ’s  fully  developed  the  mechanical 
fatigue  cracks  that  grow  from  them  are  relatively  straight  fronted  and  can 
be  large  in  number.  This  situation  persists  for  a large  part  of  the  life  but 
the  curvature  of  the  cracks  increases  as  their  depth  increases.  The  final 
failure  depends  on  the  material  and  loading  conditions  but  in  the  case  of 
liigii  pressure  higli  strength  barrels  which  first  brought  the  problem  to  light 
the  fractures  can  be  fully  elastic  and  often  with  fragmentation.  In  the  case 
of  low  strength,  low  pressure  barrels  failure  would  normally  be  expected  to 
occur  by  the  leak  before  break  mechanism. 

FORMULATION 


Definition  of  Tasks 

The  problem  of  predicting  the  fatigue  life  of  gun  barrels  is  in  principle  a 
simple  one  since  we  start  with  a truly  initiated  crack.  It  is  therefore  a 
standard  procedure  of  integrating  the  crack  growth  equation  between  necessary 
Limits.  The  difficulties  that  do  arise  are  peculiar  to  this  particular 
problem  and  can  be  listed  as  determination  of  appropriate  stress  intensity 
factor  calibrations,  whether  these  calibrations  apply  over  the  whole  range 
of  crack  growth,  effects  of  crack  curvature  and  effects  of  residual  stress 
( autofrettage ) . 

Taking  the  non-autofrettaged  case  a K calibration  does  exist  for  the  single 
crack  (l)  but  the  question  arises  as  to  whether  this  is  applicable  to  the 
craze  cracked  gun  barrel.  Preliminary  estimates  of  fatigue  life  showed  that 
this  model  gave  values  which  were  lower  than  the  expected  or  measured  value 
by  a factor  of  between  10  and  PO. 

A more  realistic  calibration  had  therefore  to  be  obtained.  A careful  study 
of  cracked  gem  barrels  revealed  that  about  30-50  major  cracks  commonly 
developed  and  on  this  basis  the  best  model  would  be  one  containing  about  UO 
cracks.  In  order  to  calculate  a K calibration  for  this  model  available  data 
and  approximation  methods  were  examined  and  originally  a technique  by 
Williams  and  Isherwood  (2)  was  applied  to  data  for  a star  shaped  crack 
published  by  Westmann  (3).  For  the  purpose  of  the  present  paper,  however,  an 
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approximation  procedure  by  Cartright  and  Rooke  (1*)  has  been  applied  to  the 
more  accurate  data  for  radial  cracks  from  a.  hole  in  an  infinite  plate  by 
Tweed  and  Rooke  (!>).  Tlie  objective  in  this  approximation  procedure  is  that 
the  multiple  cracking  sliown  in  Figure  I represents  radial  cracks  growing 
from  a craze  cracked  gun  barrel.  Using  the  general  method  outlined  by 
Cartright  and  Rooke  (It)  the  finite  cylinder  shown  on  the  left  hand  side  of 
Figure  2 which  is  loaded  by  internal  pressure  is  equivalent  to  an  infinite 
cylinder  loaded  by  internal  pressure  plus  a finite  cylinder  with  external 
loading.  The  external  loading  is  defined  to  be  -2  where  S is  the  stress 
where  the  external  boundary  for  the  finite  cylinder  would  fall  in  the 
infinite  cylinder. 

If  we  take  the  example  of  a cylinder  of  diameter  ratio  2.0  the  stress  S is 
given  by 


(1) 


where  r and  a are  the  ratio  of  the  external  and  internal  boundaries.  For 
the  diameter  ratio  of  2.0 


S = -P  (2) 

and  -S  = 

i4 


Since  this  all  round  tension  is  equivalent  to  internal  pressure  then  the 
cylinder  on  the  right  hand  side  is  equivalent  to  one  with  internal  pressure 
of  F. 
h 


Now  if  the  K calibration  is  in  the  form 


K = if  ^ (3) 

W&  [tJ 

where  a is  the  crack  depth  and  T the  wall  thickness 
Figure  2 gives  us 
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where  f calibration  for  the  finite  gylinder  and  f|^ 

known  calibration  for  the  infinite  cylinder.  Consequently 


is  the 


fM  , h_  Ja\ 

T/f  3 XTJi 


Equation  5 has  been  applied  to  the  data  of  Rooke  and  Tweed  (5)  for  a cylinder 
with  diameter  ratio  of  2.0  and  forty  radial  cracks.  The  results  are  given 
in  figure  3 and  compared  with  data  for  a single  crack.  It  is  evident  that 
there  is  a very  large  difference  between  the  calibrations  and  this  difference 
increases  as  the  crack  depth  increases. 

To  these  curves  have  been  fitted  empirical  formulae  to  be  used  in  the  integra- 
tion procedure  given  in  the  next  section. 

The  single  crack  model  is  represented  by 


Ki  = 5.3  - U.U6  a + 3.8  /a\  - 7.63  /a 

p7a  T [t  V T 


and  the  kO  crack  model  by 


Ki  = O.2I48  + 0.86 

I . 0,05 


i 


for  0.01  < a < 0.7 
T 


or  Ki  = 

p7^ 


0.253 

J + 0.05 


0.001  + 0.86 

w + O.OCl 


for  O.OOK  a < 0.07 
T 
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Technical  Data 


For  the  purpose  of  this  paper  the  influence  of  three  steels  on  fatigue  life 
is  examined.  These  are  a low  quality  steel  with  hi/sh  crack  growth  rate 
and  low  toughness  designated  steel  A,  a medium  quality  steel  of  intermediate 
fatigue  crack  growth  rate  and  toughness  designated  steel  V,  and  a high  quality 
steel  of  low  crack  growth  rate  and  high  toughness  designated  steel  C.  The 
properties  of  these  steels  in  the  transverse  direction  were  as  follows: 


Steel 

O.P^PS 

MN/M^ 

UTS 

MN/m^ 

%RA 

%V.\ 

Kic 

MNm  ^/2 

A 

1229 

11450 

20 

9.5 

89 

B 

1170 

1300 

35 

11 

I2I4 

C 

1185 

1278 

I45 

13.5 

151 

The  fatigue  crack  growth  data  for  these  steels  wore  represented  in  the  form 


da 

dn 


ae 


bAK 


(9) 


The  reason  for  using  this  expression  rather  than  the  Paris  equation  is  that 
the  fatigue  life  of  gun  barrels  starts  well  up  the  crack  growth  curve  at 
a AK  value  of  UO-50  ksi/in  and  therefore  high  AK  values  where  the  Paris 
equation  does  not  apply  are  important  in  determining  fatigue  life.  Equation 
(9)  gives  good  representation  up  to  high  AK  values  as  shown  in  figure  I4 . 


The  numerical  values  of  the  constants  in  equation  (9)  for  the  three  steels 
using  ksi  units  were  as  follows: 


Constants 

mm 

b 

c 

Steel  A 

0.116 

1 

Steel  B 

0.071 

2.14 

Steel  C 

■ 

0.033 

12.7 

I 

i 

1 


Assessment 

The  calculation  of  fatigue  life  can  now  be  calculated  by  integration  of 
equation  (9)  giving 
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where  a^  is  critical  crack  depth  and  a^  is  initial  crack  depth. 
By  modification  of  the  variable  to  give 


(10) 


4 


ae 


bAK 


the  calibration  can  be  used  directly  as 

K = p/a  f^lj 


Here 


is  given  by  equations  (6), 


(T)  and  (8). 


(11) 


(12) 


Using  the  above  data  fatigue  lives  were  calculat"d  for  the  single  crack 
model  for  all  three  steels  and  the  results  are  shown  in  figxire  5 • Similarly 
the  data  for  the  Uo  crack  model  was  used  with  data  from  the  three  steels  and 
the  results  are  shown  in  figure  6.  In  all  cases  the  initial  crack  depth  was 
taken  as  1mm  (O.OU")  which  is  normal  for  craze  cracking  in  gun  barrels  and 
the  critical  crack  depth  was  calculated  on  the  basis  of  the  appropriate 
value  using  equation  (12).  Also  for  all  cases  the  diameter  ratio  was 
taken  to  be  2.0,  the  wall  thickness  50.8  (2")  and  the  pressure  3^^  MNm“3 
(22.3  tonf/in^),  all  about  the  values  commonly  used  in  gun  barrels. 

The  objective  in  making  these  calculations  here  is  not  to  deal  with  a 
specific  failure  but  to  show  the  range  of  fatigue  lives  that  can  occur  as 
a result  of  variation  in  steel  properties  and  crack  configuration.  The 
steels  considered  are  actual  gun  barrel  steels  and  the  crack  configuration 
models  are  developed  from  the  observation  of  gun  barrel  failures. 
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fig.  6 


From  figure  5 it  is  clear  that  with  a single  crack  fatigue  life  for  all 
steels  is  short  although  a factor  of  six  improvement  can  be  obtained  by 
changing  from  a low  quality  steel  to  the  best  quality  available.  Also  in  all 
cases  the  crack  depth  at  failure  is  very  small  ranging  from  2mm  (0.08")  to 
2.5mm  (0.3")  in  a wall  thickness  of  50inm  (2").  Therefore  in  all  cases  the 
fractures  are  fully  elastic  and  in  practice  would  be  catastrophic . 

For  the  UO  crack  model  the  fatigue  life  is  much  longer,  in  fact  for  all 
steels  the  fatigue  life  is  increased  by  a factor  of  about  15  over  the  single 
crack  model.  Also  the  critical  crack  depth  at  failure  is  greater  than  36mm 
il.W'),  that  is  greater  than  the  limit  of  the  K calibration,  and  for  the  two 
higher  toughness  steels  is  almost  certainly  greater  than  the  wall  thickness. 

The  main  implications  of  this  analysis  are  that  it  provides  for  and 
explains  failures  from  very  shallow  cracks  after  a few  hundred  rounds  to 
failure  from  very  deep  cracks  after  tens  of  thousands  of  rounds.  The  short 
life  failures  would  in  practice  be  disastrous,  whereas  the  very  long  lives 
take  us  back  to  the  desirable  state  where  the  life  is  determined  by  wear  and 
fatigue  is  no  longer  a problem.  However,  from  a designers  point  of  view  it 
must  be  known  how  to  make  use  of  these  effects  since  it  is  not  clear  what 
factors  control  the  mode  of  failure.  Obviously  the  choice  of  steel  will  be 
determined  by  economic  and  availability  factors  and  the  normal  process  of 
using  the  best  quality  that  can  be  economically  justified  will  be  used. 
Unfortunately  the  more  significant  effect  of  crack  configuration  is  not  so 
easily  dealt  with.  As  pointed  out  earlier  the  normal  mode  of  crack 
initiation  in  g\in  barrels  is  craze  cracking  which  naturally  leads  to  multiple 
cracking.  This  is  only  a metastable  condition  since  any  crack  which  moment- 
arily grows  deeper  than  the  rest  will  have  a higher  AK  value  and  therefore 
grow  more  rapidly.  The  process  is,  therefore,  self  sustaining  and  the 
situation  would  soon  lead  to  a single  crack  condition  with  the  consequent 
short  fatigue  life.  It  is  known,  however,  from  examination  of  fatigued  gun 
barrels,  that  multiple  cracking  does  persist  to  quite  deep  cracks  and 
represents  the  major  part  of  the  fatigue  life. 

The  life  will  therefore  depend  to  a large  extent  on  the  stability  of  the 
crack  pattern  and  some  measure  of  this  can  be  obtained  in  the  following  way. 
We  take  the  measure  of  stability  as  the  way  ^ varies  with  a,  that  is 
da  dn 

d ^ . To  simplify  the  analysis  here  the  Paris  crack  growth  law  is  used, 
da 

We  have 


= dCCAlc”) 
da 


(13) 


and  from  (3)  this  gives 
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From  equation  (lU)  a number  of  conclusions  can  be  dravm  since  the  stability 
decreases  with  increase  in  the  value  of  the  right  hand  side.  Obviously, 
therefore,  high  that  is  rapidly  growing  cracks,  will  lead  to  instability, 
dn 

This  will  include  all  such  factors  as  high  AK,  poor  material,  as  also 
reflected  in  the  value  of  m,  high  pressure  and  large  crack  depth.  Thus 
stability  will  always  decrease  as  the  fatigue  life  progresses  and  it  would 
be  expected  that  poor  quality  materials  would  lead  to  earlier  breakdown  than 
with  good  .quality  materials. 


The  other  factors  affecting  stability  are  determined  by  the  terms  in  brackets. 
Of  importance  is  the  calibration  function  f^^j  since  d f ^^^will  be  strongly 


da 


negative  at  low  values  of  a as  shown  in  figure  3.  Also  how  strongly  negative 
this  term  is  will  depend  on  the  number  of  cracks  and  as  the  number  of  cracks 
is  increased  the  stability  will  be  stronger.  Values  of 


1 

2a 


have  been  calculated  for  three  values  of  a from  figure  3. 


a (nun)  Stability  function 
1.25  1.39 

5 0.31 

i6.5  0,10 

These  results  give  the  surprising  effect  that  the  stability  from  this  term 
will  increase  as  the  fatigue  life  progresses  and  it  will  therefore  offset 
the  rapid  decrease  in  stability  due  to  da. 

dn 

The  overall  conclusion  on  the  stability  of  crack  patterns  is  that  all 
factors  leading  to  longer  fatigue  will  increase  stability  and  further 
enhance  fatigue  life.  Conversely  factors  leading  to  short  fatigue  life  such 
as  poor  material  and  high  pressure  could  produce  a premature  breakdown  in 
stability  with  the  serious  consequence  of  very  early  fatigue  failure. 

Therefore  the  variations  in  material  and  performance  can  have  a much  greater 
effect  on  fatigue  life  than  would  appear  at  first  sight.  The  combination  of 
high  strength  or  poor  quality  material  with  high  performance  can  lead  to 
something  approaching  single  crack  type  of  failure  from  a very  shallow  crack, 
By  use  of  better  material  with  appropriate  operating  conditions  (and 
autofrettage  will  be  important  here)  the  enhanced  crack  configuration 
stability  will  produce  failure  from  deep  cracks,  generally  leak -before-break, 
after  a very  long  fatigue  life. 

Althougli  this  paper  has  treated  two  simple  models  it  is  now  established  that 
these  are  operative  over  much  of  the  fatigue  life.  It  should  be  mentioned 
for  completeness,  however,  that  there  are  important  factors  which  have  not 
been  taken  into  account  here.  The  most  important,  from  the  crack  configura- 
tion point  of  view,  is  that  of  crack  shape.  It  is  well  known  that  increasing 
curvature  of  cracks  decreases  the  value  of  K.  Also  as  cracks  grow  in  gun 
barrels  they  tend  to  start  straight  fronted  and  eventually  increase  in 
curvature.  Therefore  for  a fully  accurate  analysis  this  factor  must  be  taken 
into  account,  particularly  in  determining  crack  depth  at  failure. 

Finally  it  should  be  pointed  out  that  little  mention  has  been  made  of  the 
important  process  of  autofrettage.  By  this  technique  large  compressive 
stresses  can  be  induced  in  the  bore  of  the  barrel  which  reduce  AK  and  increase 
fatigue  life.  Before  the  analysis  used  in  this  paper  can  be  used  in  such 
cases  it  will  be  necessary  to  determine  K-calibrations  whj.ch  taken  into 
account  these  large  compressive  stresses. 


Conclusions 

The  method  of  prediction  of  the  fatigue  life  of  gun  barrels  has  been  used 
successfully  in  a number  of  applications  for  both  failiu'e  analysis  and  life 
prediction.  It  is  particularly  useful  for  examining  the  effects  of  pressure 
and  diameter  ratio  at  levels  where  no  experimental  data  exists  and  the  effects 
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of  the  use  of  new  materials.  As  a consequence  of  the  predicted  material 
requirements  for  long  fatigue  life,  that  is  low  fatigue  crack  growth  rate, 
high  fracture  toughness  and  homogeneous  structure,  alternative  steels 
satisfying  these  requirements  have  been  introduced  resulting  in  substantial 
increases  in  fatigue  life  and  reliable  leak -before-break  failures. 
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Histoiy  of  Failure 


INTRODUCTION 


In  April  of  1966  a catastrophic  failure  of  a 175mm  Army  gun  tube 
occurred  during  firing.  The  overall  size  of  the  175mm  gun  tube  is  7.0  in. 
inner  diameter,  14.7  in.  outer  diameter  in  the  region  of  the  failure,  35  ft. 
long.  A brittle  fragmentary  failure  occurred  near  the  breech  end  of  gun  tube 
no.  733  in  the  area  from  the  point  at  which  the  breech  assembly  attaches  to 
the  tube  to  a point  about  10  ft.  from  the  breech.  The  tube  broke  into  29 
fragments  which  were  scattered  over  an  area  ranging  up  to  4000  ft.  from  the 
failure  sight.  Figure  1 shows  the  fragments  reassembled  in  their  appropriate 
axial  position  along  with  the  breech  assembly,  still  intact.  This  was  the 
first  such  failure  of  the  175mm  gun  tube. 

The  extent  of  the  fragmentation 

and  distance  to  which  fragments  were 
thrown  are  both  indications  of  a 
classically  brittle  failure.  Apparently 
very  little  energy  was  absorbed  in 
plastic  deformation  of  the  tube  during 
failure.  An  indication  of  the  lack  of 
plastic  deformation  was  the  relatively 
flat  fracture  surfaces  on  the  tube 
fragments;  there  was  generally  little 
or  no  indication  of  a 45“  shear  lip 
which  nearly  always  occurs  in  a ductile 
fracture.  The  objectives  of  the 
investigation  which  ensued  were  to 
determine  the  cause  of  the  brittle 
failure  and  to  recommend  both  short 
range  and  long  range  changes  in  the  gun 
tube  specifications  and  design  which 
would  prevent  any  brittle  failure  from 
occurring . 

Preliminary  Technical  Information 


Figure  1.  Fragments  of  175mm  Gun 
Tube  No.  733 


Information  available  to  the 
investigators  at  the  time  of  the  failure 
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is  the  following.  The  chemical  composition  of  the  gun  tube  forging  was  not 
specified  but  was  generally  a Ni-Cr-Mo  steel  very  similar  to  the  composition 
of  AISI  4535.  The  forging  was  made  to  the  following  specifications:  170-190 
ksi  yield  stress,  reduction-in-area  single-test-minimum  of  9%  and  minimum 
average  of  15°;.,  -40®?  charpy  energy  single-test-minimum  of  6 ft-lb  and 
minimum  average  of  10  ft-lb.  The  ambient  air  temperature  at  the  time  of 
failure  was  8l“F.  The  gun  was  being  fired  at  two  minute  intervals  which 
resulted  in  a tube  temperature  of  about  200°F.  The  firing  history  of  the 
gun  tube  up  to  failure  was  a total  of  600  rounds  fired,  373  rounds  at  a 
nominal  peak  pressure  of  50  ksi  and  227  rounds  at  a nominal  peak  pressure  of 
22  ksi.  The  round  being  fired  at  the  time  of  the  failure  was  that  with  peak 
pressure  of  50  ksi  under  nominal  firing  conditions. 

The  most  pertinent  information  related  to  the  failure  was  obtained  from 
the  fracture  surfaces  of  the  gun  tube  fragments.  The  brittle, nature  of  the 
failure  was  shown  in  part  by  the  flat  fracture  surfaces,  as  has  been 
discussed.  More  important  was  the  nature  of  the  fracture  surface  at  the 
location  which  appeared  to  be  and  was  subsequently  quite  definitely  shown 
to  be  the  source  of  the  failure.  A photo  of  this  failure  initiation 
location  is  shown  in  Figure  2.  The  crack  which  initiated  the  brittle  failure 


Figure  2.  Failure  Initiation  Location 
of  175mm  Gun  Tube  No.  733 

could  be  clearly  delineated  due  to  its  darkened  surface,  apparently  due  to 
combustion  products  deposited  during  firing.  The  crack  was  considered  to  be 
a fatigue  crack  due  to  its  relatively  smooth  surface  and  the  presence  of 
combustion  products.  It  was  semi-elliptical  in  shape  with  a minor-axis 
depth  into  the  tube  wall  of  0.37  in.  and  a length  along  the  tube  axis  of 
1.10  in.  Two  basic  questions  to  be  answered  by  the  investigation  were  how 
did  a fatigue  crack  grow  so  quickly  to  this  size  and  how  did  a crack  of  this 
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size  become  the  critical  size  crack  for  brittle  failure. 


FORMULATION 


Possible  Causes  of  Failure 


As  a result  of  the  failure  sight  investigation  and  the  analyses  of 
existing  and  new  test  results  pertaining  to  the  175mm  gun  tube,  some 
possible  causes  of  failure  pould  be  eliminated  from  consideration.  An 
occurrence  which  could  account  for  many  of  the  features  of  the  failure  is  a 
higher  than  expected  pressure  during  firing.  This  could  account  for  two 
items  of  primary  concern,  the  faster  than  expected  crack  growth  rate  and  the 
smaller  than  expected  critical  crack  size.  Inspection  of  the  gun  tube 
fragments  and  the  breech  assembly  revealed  no  evidence  of  an  overpressure; 
there  was  no  indication  of  deformed  rifling  or  deformation  of  the  breech 
components  which  would  be  expected  with  an  overpressure.  Also  significant 
was  the  lack  of  shear  lips  on  the  fracture  surfaces,  for  if  the  gun  tube  had 
adequate  toughness  and  failed  due  to  an  overpressure,  shear  lips  would  have 
been  expected.  Finally,  several  rounds  of  the  group  being  fired  at  the  time 
of  the  failure  were  available  for  inspection  and  testing.  Nothing  was  found 
which  could  account  for  an  overpressure. 

The  possibility  of  environmentally  assisted  fracture  was  considered. 
Embrittling  environments  were  certainly  present  in  the  firing  products, 
including  water  vapor  and  hydrogen  sulfide,  and  firing  products  were  present 
in  the  crack,  as  discussed  in  relation  to  Figure  2.  But  the  nature  of  the 
loading  can  rule  out  most  types  of  environmentally  assisted  fracture.  The 
sustained  tensile  stress  required  for  stress  corrosion  cracking  and  hydrogen 
embrittlement  cracking  is  not  believed  to  have  been  present.  The  tensile 
stress  at  the  inner  radius  of  the  tube  due  to  firing  pressure  is  applied  for 
about  20x10”^  sec.,  which  is  insignificant  as  a sustained  loading  time.  No 
significant  residual  tensile  stress  due  to  heat  treatment  was  expected,  due 
to  the  low  heating  and  cooling  rates  of  such  a large  forging.  Sach'i 
boring-out  measurements  of  residual  stress  (1)  indicated  a maximum  tangential 
stress  of  +5  ksi  at  the  inner  radius  which  decreased  to  near  zero  in  less 
than  0.1  in.  from  the  inner  radius.  Using  the  maximum  value  of  tensile 
stress  and  a crack  length  of  0.1  in.,  the  calculated  stress  intensity  factor 
is 


Kj  = 1.1 2a»^  = .3.1  ksi  /In.  [I] 

This  value  is  an  upper  limit  of  the  Kj  due  to  the  residual  stress,  because 
Eq.  1 is  the  expression  for  a constant  value  of  stress,  as  opposed  to  the 
decreasing  value  which  was  measured.  Nevertheless,  the  value  of  3,1  ksi/in. 
is  still  an  order  of  magnitude  below  typical  values  of  for  alloy  steels 

of  the  type  considered  here. 

The  type  of  environmentally  assisted  fracture  which  was  considered 
possible  is  environmentally  assisted  fatigue  crack  growth,  in  which  the 
presence  of  environment  in  the  time  period  between  firings  lowers  the 
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resistance  to  fatigue  crack  growth  for  subsequent  firing.  The  most 
deleterious  effect  is  envisioned  to  occur  when  there  is  a period  of  several 
days  between  groups  of  firing  cycles,  which  can  occur  during  typical  service. 

The  effect  of  loading  rate  on  the  fracture  of  the  gun  tube  was  also 
considered  as  a possible  contributing  factor.  However,  it  was  eliminated 
as  a possibility  because  the  loading  rate  applied  to  the  tube  during  firing 
is  below  the  range  in  which  there  are  significant  effects.  The  pressure  rise 
time  for  the  tube  is  about  lOxlO"-^  sec.  If  in  this  time  the  Kj  associated 
with  a typical  crack  in  the  tube  increases  to  100  ksi  /in. , a reasonable 
upper  limit  as  is  shown  in  an  upcoming  section,  the  stress  intensity  factor 
rate  is  10^  ksii/Tn/sec.  Tests  with  the  same  type  of  material  considered 
here  (2)  have  shown  generally  less  than  5%  reduction  in  Kt-  for  this  loading 
rate . 

Proposed  Cause  of  Failure 

In  brief  statement,  the  proposed  cause  of  failure  of  the  gun  tube  under 
discussion  is  (a)  crack  initiation  from  the  inner  radius  due  to  a heat 
checking  process,  (b)  a faster  than  expected  fatigue  crack  growth  rate  due 
to  locally  poor  fatigue-crack-resistance  of  the  material  and  possibly  due 
to  the  presence  of  an  embrittling  environment,  and  (c)  final  brittle  failure 
at  a smaller  than  expected  critical  crack  size  due  to  generally  poor  fracture 
toughness,  Kr-,  of  the  material.  In  order  to  describe  this  failure  process 
in  more  detail,  we  give  the  following  general  information  regarding  cracking 
in  gun  tubes  and  specific  test  results  from  the  tube  that  failed  and  other 
similar  tubes. 

Thermally  induced  cracking,  often  referred  to  as  heat  checking,  always 
occurs  in  gun  tubes  in  which  the  hot  firing  products  impinge  directly  on 
the  inner  radius  of  the  tube.  The  175mm  tube  is  of  this  type.  The  heat 
checking  occurs  as  the  result  of  thermal  stresses  in  a thin  surface  layer 
at  the  inner  radius  which  has  also  undergone  metallurgical  transformations 
and  related  embrittlement  by  the  thermal  cycling.  For  the  temperatures 
developed  in  the  175mm  tube  using  the  50  ksi  round,  the  heat  checking  becomes 
nearly  fully  developed  after  about  10  rounds.  The  heat  checking  results  in 
a random  network  of  cracks  in  a heat  affected  layer  of  up  to  0.05  in.  depth. 
So  a 0.05  in.  deep  crack  oriented  normal  to  the  tangential  stress,  the 
orientation  of  concern,  must  be  considered  to  be  present  essentially  from 
the  first  firing  cycle. 

Following  initiation  of  the  crack  by  heat  checking,  the  cyclic  growth 
occurred  at  a faster  rate  than  expected,  due  primarily,  we  believe,  to  poor 
material  properties.  The  microstructure  of  the  material  was  acceptable, 
a tempered  martensite  structure  as  shown  in  the  optical  micrograph  in 
Figure  3.  But  replica-electron- fractography  showed  predominantly 
intergranular  and  cleavage  fracture  on  the  fracture  surfaces  near  the 
failure  initiation  point,  see  Figure  4,  Temper  embrittlement  is  believed  to 
be  a contributing  cause  of  this  brittle  fracture  mode. 
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I iu,urc  Microstructuro  of  Tube  No.  I'i.curc  4.  FrMcture  Surface  of  Tube  No. 
Near  F^^illlre,  iOOOX  TS.S  Near  Failure,  b.SbbX 


In  addition,  a second  phase  was  often  observed  on  the  fracture  surfaces  at 
the  prior  austenite  grain  boundaries.  These  indications  of  brittle  fracture 
modes  provide  the  basic  explanation  for  the  faster  than  expected  cyclic 
crack  rate.  Material  properties  measured  from  fragments  near  the  failure 
location  tend  to  verify  the  fractographic  results.  Table  1 shows  the  results 
of  reduction- in-area , charpy  energy,  and  fracture  toughness  measurements 
from  locations  as  near  as  possible  to  the  failure  and  locations  about  4 ft. 
toward  the  mu7,cle  and  breech,  respectively,  from  the  failure. 

TABI.F  1.  Fracture  Related  Properties  of  Tube  No.  733 

Location  -Near  Failure  Toward  Muczle  Toward  Breech 

+70“F  reduction- in-area  9 - 281  17  - 221  18  - 341 

-40°F  charpy  energy  4.5-6.!>  ft. -lb.  7, 5-8. 5 ft. -lb.  4. 0-8. 5 ft. -lb. 

+70°F  fracture  toughness  81-83  ksi  /in.  67-90  ksi/Tn.  

The  generally  lower  reduction-in-area  and  charpy  energy  values  near  the 
failure  location  is  apparent.  This  is  in  line  with  the  fractographic 
results  and  also  can  explain  how  the  properties  measured  by  the  manufacturer 
at  the  ends  of  the  gun  tube  forging  could  be  within  specification  while  at 
the  same  time  the  charpy  energy  values  near  the  failure  location  are 
significantly  below  specification.  Table  2 shows  the  chemical  composition 
and  the  tensile  mechanical  properties  measured  from  the  failed  tube.  No 
significant  variation  in  these  measurements  was  noted  with  respect  to 
position  in  the  tube. 


TABLE  2.  Chemical  Composition  and  Mechanical  Properties 
of  Tube  No.  733 

Weight  % Yield  Ultimate  Tensile  Elongation 

Ni  Cr  Mo  Mn  C V S Stress,  ksi  Stress,  ksi  % 

1.79  1.16  0.68  0.69  0.36  0.14  0.008  171  201  10 

With  regard  to  the  final  fast  fracture  of  the  tube,  the  poor  properties 
near  the  failure  location»as  described  in  the  foregoing  paragraph,  certainly 
had  a deleterious  effect.  Some  indication  of  the  effect  of  charpy  energy 
and  fracture  toughness  on  the  crack  size  and  total  cycles  at  final  fracture 
can  be  obtained  from  the  data  in  Table  3.  Shown  here  is  a summary  of  fracture 
data  (1,3)  from  a group  of  thirty- five  175mm  gun  tubes,  some  of  which  were 
being  tested  at  the  time  of  the  failure  of  Tube  No.  733.  Data  from  4 tubes 
with  complete  test  information  and  typical  data  for  the  whole  group  are 
compared  with  the  data  from  Tube  No.  733.  Each  tube  was  fired  several 
hundred  50  ksi  rounds  and  was  then  cycled  to  failure  in  the  laboratory  at 
the  same  pressure.  The  general  trend  toward  lower  cyclic  life  and  smaller 
critical  crack  size  for  tubes  with  low  charpy  energy  and  fracture  toughness 
can  be  seen  in  the  data.  The  nominal  value  of  80  ksi/Tn,  shown  for  Tube  No. 
733  could  be  an  overestimate  of  Kj^,  at  the  failure  location  because  a value 
as  low  as  67  ksit^.  was  measured  not  far  from  the  failure  location. 


TABLE  3.  Fracture  Data  for  170-190  ksi  Yield  Stress 
175MM  Gun  Tubes 


Tube 

Firing 

Total  Cycles 

Yield 

Charpy 

Fracture 

Critical 

Crack  Size 

No. 

Cycles 

to  Failure 

Stress 

ksi 

Energy 
ft- lb 

Toughness 

ksit^ri. 

a 

in. 

a/2c 

733 

373 

373 

171 

6 

80 

0.37 

0.33 

863 

1005 

1011 

184 

9 

94 

1.7 

0.41 

1131 

330 

9322 

182 

14 

129 

1.7 

0.10 

1382 

1005 

1411 

185 

11 

98 

1.5 

0.36 

1386 

1705 

4697 

181 

14 

106 

1.8 

0.30 

typical  values 
from  35  tubes 

4000 

180 

12 

110 

1.5 

0.35 

ASSESSMENT 

By  using  the  loading,  the  tube  and  crack  geometry,  and  the  measured 
material  properties  pertaining  to  the  failed  tube,  it  is  possible  to 
determine  to  what  extent  the  proposed  failure  process  is  a realistic 
description  of  the  actual  failure.  Then,  based  on  this  assessment,  the 
changes  in  the  specifications  and  design  of  the  gun  tube  which  are 
required  to  prevent  brittle  failure  can  be  made  with  reasonable  confidence. 


Applied  Kj  Analysis 


The  most  important  step  in  analyzing  the  failure  is  the  determination  of 
the  Kj  which  was  applied  to  the  tube.  Bowie  and  Freese  (4)  have  provided  the 
solution  for  a loading  and  geometry  close  to  that  of  concern  here.  They  give 
Kj  for  an  internally  pressurized  cylinder  of  finite  wall  thickness  with  a 
straight-fronted  crack.  This  matches  the  gun  tube  failure  conditions  except 
for  the  semi-elliptical-shaped  crack  in  the  tube,  and  this  can  be  taken  into 
account.  Their  Kj  results  are  in  the  form 

Kj  = f(a/w,  r2/rj)  P/ira  [2] 

and  results  are  given  for  a range  of  crack  depth-to-wall  thickness,  a/w,  and 
outer-to- inner  radius,  r2/rj.  Considering  first  the  condition  for  the 
maximum  extent  of  heat  checking,  the  value  of  a/w  is  0.05  in,/3.90  in.  = 0.013, 
r2/rj  is  2.10,  the  pressure,  P,  is  50  ksi,  and  the  crack  must  be  considered  as 
straight- fronted.  For  these  conditions  Kj  is 

Kj  = 2.87  Pv'ia  = 57  ksi/in.  [3] 

For  the  condition  at  failure  of  Tube  No.  733,  a/w  is  0.095,  r2/rj  and  P 
are  the  same,  and  Kj,  if  the  crack  were  straight  fronted,  is 

Kj  = 2,70  P/ira  [4] 

To  account  for  the  semi-elliptical  shape  of  the  actual  crack,  the  ratio  of 
Kj  for  the  same  shape  crack  in  a finite  thickness  plate  in  tension  to  Ky  for 
a straight-fronted  crack  in  a finite  plate  in  tension  (5)  can  be  applied  to 
Equation  4.  For  the  appropriate  a/w  and  a/2c  values  this  ratio  is  0.62. 
Applying  this  estimate  of  the  crack  shape  effect  to  Equation  4 gives 

Kj  = 1.67  Pi/ia  - 90  ksi/in.  [5] 

a reasonable  estimate,  we  believe,  of  Kj  at  final  failure  of  Tube  No.  733. 
Fatigue  Crack  Growth  Analysis 

A representation  of  the  fatigue  crack  growth  which  occurred  from  the 
starting  situation  of  a 0.05  in.  heat  checking  crack  to  the  final  failure  of 
Tube  No.  733  can  be  obtained  by  integrating  the  fatigue  crack  growth  rate 
expression 

da/dN  = C AKj^  [6] 

The  value  of  C in  Equation  6 is  taken  as  3.4  x 10  with  units  appropriate 
to  da/dN  in  inches/cycle  and  AKj  in  ksi/in.  This  value  was  obtained  from 
fatigue-crack-growth-rate  tests  in  steel  of  similar  composition  and  mechanical 
properties  to  that  of  Tube  No.  733  using  laboratory  specimens  with  a known 
Kj  solution.  The  expression  for  AK  to  be  used  in  the  integral  form  of 
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Equation  6 is 

AK^  = 2.27  P/tra  [7] 

which  is  the  same  form  as  Equations  3 and  5;  the  constant  2.27  is  determined 
simply  by  using  the  average  of  the  values  from  Equations  3 and  5.  This  gives 
a reasonable  estimate  of  AKj  for  the  relatively  short  range  of  crack  length 
considered  here;  a more  sophisticated  approach  seems  unnecessary,  considering 
the  approximate  representation  of  crack  shape  effects  in  Equation  5.  Using 
Equations  6 and  7 the  estimate  of  cyclic  life  for  the  failed  tube  is 

af=0.37 

- N,  = r = 2070  cycles  [81 

ai=0.05  C(2.27P/ifa)s 

Analysis  versus  Actua!  Fracture  Behavior 

With  regard  to  the  calculated  values  of  Kj , Equations  3 and  5,  we  believe 
the  analyses  are  good  estimates  of  the  actual  Kj  applied  to  Tube  jNo,  733. 

This  is  based  primarily  on  the  good  agreement  between  the  calculated  Kj  at 
I failure,  90  ksii'Tn. , and  the  high  end  of  the  range  of  measured  Kj,,,  67-90 

ksi/In. 

[ With  regard  to  the  fatigue  crack  growth  and  life  analysis,  the  large 

difference  between  the  calculated  cyclic  life,  2070  cycles,  and  the  actual 
life,  373  cycles,  is  attributed  to  the  low  fracture  toughness  of  the  material. 

, Although  fracture  toughness  is  generally  observed  to  have  little  effect  on 

fatigue  crack  growth  rate  when  during  fatigue  is  significantly  below 

Kt^,  a quite  different  situation  is  expected  when  K^ax  approaches  Kjct  and 
this  is  the  situation  for  Tube  No.  733.  Even  at  the  start  of  fatigue  crack 
growth  the  calculated  value  of  Kj^ax*  57  ksi^Tn.  (see  Equation  3),  is  already 
only  10  ksit^.  below  the  low  end  of  the  range  of  measured  Kic-  So  from  the 
start,  K^iax  was  close  to  Kj^,  and  as  a result,  the  fatigue  crack  was  growing 
at  a significantly  faster  rate  than  that  represented  by  Equation  6.  The 
constants  in  Equation  6 were  determined  for  zero  to  tensile  loading  with 
I in  the  range  20-75  ksi/In.  but  in  a material  with  a Kj^.  of  130  ksi/in. ; 

so  no  effect  of  is  included  in  Equation  6. 

The  siginficantly  faster  actual  crack  growth  rate  in  Tube  No.  733  could 
in  part  be  due  to  the  effect  of  environment  already  mentioned  as  a 
possibility.  There  appears  to  be  no  way  to  separate  this  effect  from  the 
effect  just  discussed.  We  believe  that  the  effect  of  K^jax 
approaching  Kj^.  is  certainly  more  significant  and  could  easily  account  for  all 
of  the  difference  between  the  actual  cyclic  crack -growth -rate  and  that 
predicted  by  analysis. 


CONCLUSIONS 


Short  Range  Changes  in  Specifications 

Action  was  required  within  a matter  of  days  following  the  failure  of 
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Tube  No.  733  in  order  to  prevent  any  further  failure.  The  decision  made  was 
to  remove  from  service  any  gun  tubes  with  fracture  related  mechanical 
properties,  as  reported  by  the  forging  manufacturers,  in  same  range  as 
those  of  the  failed  tube.  Considered  were  tensile  elongatJ  n,  reduction-in- 
area, and  -40*F  charpy  energy,  with  emphasis  placed  on  the  latter.  In  general, 
tubes  with  values  of  charpy  energy  below  10  ft-lb  were  removed  from  service. 

In  addition,  for  the  tubes  with  charpy  energy  of  10  ft-lb  or  above,  the 
fatigue  life  was  lowered  from  800  to  300  rounds,  that  is,  the  tubes  were 
removed  from  service  after  300  rounds  with  50  ksi  pressure.  Following  these 
actions  no  further  field  failures  occurred. 

An  interim  and  still  relatively  short  range  decision  was  made  to  lower 
the  yield  stress  specification  from  the  original  170-190  range  to  a range 
of  160-180  and  to  raise  the  -40“F  charpy  energy  minimum  from  6 to  15  ft-lb. 
These  changes  could  be  made  with  no  effect  on  the  fabrication  process  nor  on 
the  configuration  of  the  gun  tube,  so  interchangeability  of  the  weapon 
system  was  unaffected.  The  effect  of  these  specification  changes  on  the  gun 
tube  fracture  behavior  can  be  seen  in  the  data  (3)  of  Table  4,  which 
summarizes  the  same  tests  as  those  performed  on  the  175mm  gun  tubes  with  the 
original  specifications.  Comparison  of  Tables  3 and  4 shows  the  significant 


TABLE  4.  Fracture  Data  for  160-180  ksi  Yield  Stress  Gun  Tubes 


Tube 

No. 

Firing 
Cycles 
at  50  ksi 

Total  Cycles 
to  Failure 
at  50  ksi 

Yield 

Stress 

ksi 

-40®F 

Charpy 

Energy 

ft-lb 

-40®F 

Fracture 

Toughness 

ksi»^. 

Critical 

a 

in. 

Crack  S 

a/2c 

2108 

400 

12,377 

167 

32 

121* 

3.8 

0.27 

(thru  wall) 

1785 

400 

10,033 

183 

28 

122* 

3.8 

0.39 

(thru  wall) 

1910 

400 

7,677 

171 

31 

126* 

2.3 

0.12 

* invalid  according  to  ASTM  size  requirements  for  a Kjj,  test 

increases  in  cyclic  life  and  critical  crack  size  as  well  as  in  fracture 
toughness  which  occurred  as  a result  of  the  changes  in  material  specification. 
However,  it  must  be  stated  that  the  charpy  energy  values  of  the  tubes  listed 
in  Table  4 were  somewhat  above  the  values  from  most  production  tubes,  which 
were  typically  about  20  ft-lb  after  the  specification  changes. 

Long  Range  Design  Change  - Autofrettage 

TTie  long-range  design  change  in  the  175ram  gun  tube,  which  resulted  in 
part  from  the  failure  of  Tube  No.  733,  was  a change  to  an  autofrettage 
design.  A particular  advantage  of  autofrettage,  considering  the  brittle 
fracture  problem  with  the  175nn  tube,  is  that  it  makes  possible  a leak- 
before  break  failure  condition  for  the  tube.  The  interim  change  to  160-180 
ksi  yield  stress  material  had  shown  that,  at  least  for  charpy  energy  values 
above  normal,  leak-before-break  can  occur,  see  Table  4.  So,  by  lowering 
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the  yield  stress  further  and  restoring  the  elastic  strength  of  the  tube  using 
autofrettage,  it  is  possible  to  routinely  obtain  a high  enough  fracture 
toughness  to  insure  leak-before-break.  An  equally  important  advantage  of 
autofrettage  is  that  the  residual  compressive  stress  produced  by  the  process 
reduces  the  fatigue-crack-growth-rate  and  thus  increases  the  life  of  the  tube. 

The  new  design  175mm  tube, which  is  the  current  design,  is  a partial 
autofrettage  using  a tube  material  of  140-160  ksi  yield  stress  and  25  ft-lb 
minimum  charpy  energy.  The  tube  is  subjected  to  a hydraulic  pressure  (about 
120  ksi)  which  causes  plastic  deformation  up  to  halfway  through  the  tube  wall. 
The  tangential  residual  stress  distribution  which  results  from  this  50% 
autofrettage  is  shown  in  Figure  5.  Also  shown  is  the  tangential  stress 


Figure  5.  Residual  and  Operating  Stresses  in 
175nni  Autofrettaged  Tube 

produced  by  50  ksi  internal  pressure.  Notice  that  the  residual,  compressive 
stress  at  the  inner  radius  is  higher  in  magnitude  than  the  operating  tensile 
stress.  The  effect  of  this  combination  of  residual  and  applied  stress  was 
investigated  using  the  same  type  of  tests  as  used  with  the  non-autofrettaged 
tubes  discussed  in  preceding  sections.  Table  5 summarizes  the  results  from 
these  tests.  The  tests  did  not  include  any  firing  cycles;  at  the  first  stages 
of  development  of  the  autofrettaged  175mm  tube,  partial  length  tubes  were 
used,  rather  than  full  length  tubes  which  are  required  for  firing.  However, 
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the  autofrettaged  tubes  were  compared  directly  with  the  original  non- 
autofrettaged  tubes  under  the  same  conditions,  that  is,  with  no  preliminary 
firing  cycles. 


TABLE  5.  Fracture  Data  for  140-160  ksi  Yield  Stress 
Autofrettaged  Gun  Tubes  and  for  170-190  Yield  Stress 
Non -Autofrettaged  Gun  Tubes. 


Tube 

No. 


Firing 
Cycles 
at  50  ksi 


Total  Cycles  Yield 
to  Failure  Stress 
at  50  ksi 

ksi 


-40*F  -40“F  Critical  Crack  Size 

Charpy  Fracture 

Energy  Toughness  a a/ 2c 

ft-lb  ksit^.  in. 


Autofrettaged 


lA 

0 

20,547 

144 

27 

132* 

3.8 

0.20 

4A 

0 

23,356 

152 

24 

121* 

3.8 

0,20 

6A 

0 

25,127 

144 

27 

131* 

3.8 

0.20 

7A 

0 

22,385 

149 

24 

124* 

3.8 

0.14 

9A 

0 

21,677 

156 

18 

114* 

2.7 

0.27 

llA 

0 

25,815 

144 

27 

126* 

3.8 

0.22 

Non-Autofrettaged 


4N 

0 

10,086 

184 

11 

108 

1.8 

0,30 

5N 

0 

10,630 

185 

12 

102 

2.0 

0.33 

6N 

0 

9,565 

185 

13 

103 

1.4 

0.20 

* invalid  according  to  ASTM  size  requirements  for  a Kjj.  test 

The  considerably  longer  cyclic  life  of  the  autofrettaged  tubes  is 
apparent  in  Table  5.  Autofrettage  resulted  in  more  than  a factor  of  2 
increase  in  life.  Equally  significant  is  the  trend  toward  stable  fatigue 
crack  growth  all  the  way  through  the  wall  thickness  and  a leak-before-break 
failure  mode.  A typical  fracture  surface  from  the  autofrettaged  tubes  is 
shown  in  Figure  6.  The  fatigue  crack  broke  through  the  wall  along  a 2 inch 
length  on  the  outer  diameter.  The  only  tube  which  failed  by  fast  fracture 
with  a critical  crack  depth  of  less  than  the  wall  thickness  was  tube  no. 

9A.  As  shown  in  Table  5,  the  charpy  energy  measured  from  this  tube  was  well 
below  the  current  specification  of  25  ft-lb,  and  the  fracture  toughness  was 
the  lowest  of  the  six  tubes. 
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Figure  6.  Fracture  Surface  of  175inm  Auto- 
frettaged  Tube  No.  lA 


Closing 


The  high  cyclic  life  and  the  leak-before-break  failure  observed  in  the 
autofrettaged  tubes  discussed  here  was  observed  in  additional  175nuii 
development  tests,  including  tests  with  combinations  of  firing  and  laboratory 
cycling.  For  175mm  tubes  with  fracture  toughness  above  120  ksi  in.,  which 
corresponds  to  the  current  charpy  specification  of  25  ft-lb,  we  have  found 
that  leak-before-break  is  always  the  mode  of  final  failure.  This 
experience  and  all  the  knowledge  gained  from  the  failure  and  the  redesign  of 
the  175mm  gun  tube  has  been  applied  to  the  fracture  mechanics  design  of 
various  gun  tubes  and  other  weapon  components. 

There  are  two  key  limitations  in  the  application  of  fracture  mechanics  to 
weapons  and  to  structures  in  general.  The  first  is  the  lack  of  a general  Kj 
solution  of  proven  accuracy  for  surface  cracks  in  finite  geometries.  With 
the  large  amount  of  experimental  and  analytical  work  in  this  area  in  recent 
years,  it  is  becoming  less  of  a problem.  The  second  limitation  is  the  lack 
of  information  on  the  effect  on  Kj  of  a residual  stress  distribution.  Not 
only  are  there  no  solutions  available,  there  seems  to  be  no  quantitative 
information  available  for  use  in  analyzing  crack  growth  in  the  presence  of 
residual  stress.  This  is  an  obvious  area  for  future  work. 
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INTRODUCTION 


Dest)ite  the  development  of  improved  service  flaw  detection  methods,  such  as 
the  ultrasonic  rail  car,  British  Rail  have  experienced  an  increasing  number  of 
rail  failures  (1).  On  average  about  two  rail  fractures  occur  each  day; 
however,  the  total  numl'er  of  "failures"  reported,  which  includes  cracked  rails, 
is  mucli  higher  than  this,  for  example,  in  1974  about  10  "failures"  were 
reported  each  day.  Tlie  replacement  of  cracked  and  broken  rail  costs  BR  a 
consivieratile  amount  of  money;  furthermore,  broken  rails  have  caused  major 
derailments. 

Most  rail  failures  result  from: 

(i)  The  initiation  of  a fatigue  crack  from  a pre-existing  defect  or  stress 
raiser. 

(ii)  The  stable  propogation  of  the  fatigue  crack. 

(iii)  The  sudden  unstable  fracture  of  the  rail  when  the  fatigue  crack  reaches 
a critical  size  for  a particular  anplied  stress.  The  final  fracture 
always  (occurs  by  the  I'rittle  cleavage  mechanism. 

In  some  cases  tfie  critical  crack  can  I'e  otily  1-d  mm  deep.  The  detection  of 
cracks  less  than  this  size,  on  a rail  system  of  dd  000  miles  of  running  track 
is  a formidalile  exercise. 

The  development  of  a fatigue  crack  and  final  fracture  depends  upon: 

(i)  Tlie  existence  of  pre-existing  defects  and  other  stress-raisers. 

(ii)  The  stresses  and  strains,  both  active  and  passive,  experienced  by  the 
rail . 

(iii)  Tfie  material  response  to  the  imposed  stresses  and  strains. 

Tf:e  locations  of  the  more  common  cracks  found  in  the  rail  section  are  shown  in 
Fig.l.  Failures  resulting  from  the  "star-crack"  and  the  rail  running  surface 
crack  arising  from  wheell'urn  (also  known  as  engine  burn)  as  particularly 
hazardous . 


I 
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Till’  "star-i_  ra>  k"  failure  originates  from  fatigue  c rack  initiation  at  tlie 
[HTiplu'ry  of  fish  holt  holes  at  rail  joints.  fatigue  crack  growth  occurs 
along  a plane  roughly  at  45'"'  to  the  horizontal  and  final  fracture  may  initiate 
when  tliis  craik  has  exte^nded  only  1 or  d mm  (1).  The  unstable  final  fracture 
geiier.illv  continues  on  tl\e  4''*'*  plane  so  producing  a triangular  piece  oi  rail 
whi'li  niav  fall  out  I'f  become  dislodged  and  form  a ramp. 

Wlieel  slip  or  spin  results  in  fieat  being  generated  on  tlie  rail  running  surfacti 
Rapid  (luern  hing  I'v  the  bulk  rail,  when  the  wheel  moves  on,  or  stops  spinning, 
may  result  in  the  usual  f e r ri t i c/pea rl i t i c structure  of  the  rail  steel  1-eing 
t ransf  c'rms'd  to  a martensitic  one.  The  transformed  material  may  extend  tcc  a 
ifeptti  of  d-J  mm  and  is  soon  found  to  contain  cracks  of  tliis  size.  T)ie 
formation  mectianism  of  these  cracks  is  unclear;  Itowever,  they  provide 
initiation  sites  for  fatigue  crack  growth  followed  hy  fracture,  c'r  sim[)lv 
fracture.  Since  wlieel  spin  tends  to  occur  over  a substantial  length  of  rail 
it  is  pc'ssible  for  two  or  more  fractures  to  take  place  near  to  earli  ntlier  and 
also  witliin  a very  sliort  time  interval. 

Botti  tlie  "star-crack"  and  whcelhurn  fractures  may  result  in  an  interruption 
of  the  running  surface  and  clearly  a derailment  is  threatened. 

The  solution  to  the  rail  failure  problem  is  not  a simple  one  and  it  has  hoen 
confounded  fiy  a lack  of  knowledge  of  the  service  strain  environment  which  is 
dependent  upon  variable  load  inputs  and  track  support  conditions.  Tlie  wear 
characteristics  must  also  be  considered  in  view  of  the  vast  cjuantities  cil 
steel  involved.  The  objectives  of  the  fracture  mechanics  based  assessment 
of  this  protdem  have  been  concerned  witli; 

(1)  Increasing  our  understanding  of  rail  failures. 

(.f)  Tfie  evaluation  of  the  effect  of  modifications  of  the  system  on  rail 
failures. 


TECHNICAL  BACKGROUND 


Ttie  vast  majority  of  rail  steel  used  in  the  UK  is  made  to  the  requirements  of 
BS  11  (2).  Specified  chemical  compositions  and  actual  mechanical  propertii's 
are  given  in  Tallies  I and  II  respectively.  Tfie  steel  has  a f er  r i t i c/pearl  i t i c 
structure.  Until  recently  rail  steel  was  produced  by  the  acid  bessemer  and 
basic  open  hearth  processes.  Almost  all  BS  11  rail  steel  is  now  produced  f'y 
the  B.O.S.  concast  process  route.  The  steel  is  rolled  to  a section 
designated  113A  (fig.l).  This  is  a flat  bottomed  rail  and  has  a mass  of 
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FIG.  1 SOME  COMMON  CRACK  LOCATIONS  IN  THE 
RAIL  SECTION 


■^■^.5  kg/m  (113  Ib/yd). 


In  the  UK  the  rail  experiences  temperatures  in  the  range  -15  to  +5o'’c.  To 
prevent  track  buckling  in  continuously  welded  rail  ((\W.R.)  the  rails  are 
pre-stressed  when  laid  to  give  a stress  free  operating  temperature  of  27*^c: 

(80  1)  i.e.  at  temperatures  below  this  the  rail  experiences  an  axial  tensile 
stress.  Naturally  the  rail  experiences  all  weather  conditions  and  in  some 
locations  it  is  exposed  to  sea  spray. 

In  addition  to  the  thermally  induced  stresses  the  rail  is  subjected  to: 

(1)  Active  stresses: 

(a)  quasi-static  stresses  arising  from  the  normal  running  of  trains. 

(b)  dynamic  stresses  caused  by  wheel-rail  vertical  velocity  differentials 
and  ultimately  loss  of  contact  between  wheel  and  rail.  These 
stresses  can  occur  because  of  rail  Joints,  wheelflats,  and 
depressions  in  the  rail  head  caused  by  wheelburn. 

(c)  dynamic  stresses  caused  by  lateral  instability  of  vehicles. 

(d)  high  frequency  stress  oscillations  caused  by  the  sympathetic 
vibration  of  the  rail. 

(2)  Residual  stresses: 

(a)  arising  during  manufacture 

(b)  as  (a)  but  modified  due  to  the  cold  working  of  the  rail  running 
surface  in  service. 

Although  railways  have  existed  for  at  least  150  years  a full  description  of 
the  strains  experienced  by  rails  has  yet  to  be  developed.  Amongst  others, 
Iimoshenk(j  and  Langer  (3)  considered  some  aspects  of  loading  and  Satoh  (4) 
described  an  experiment  on  the  Tokaido  Trunk  Line  in  Japan  which  investigated 
the  effect  of  wheelflats.  However,  neither  of  these,  or  other  works  known  to 
the  author  provide  sufficient  data  upon  which  to  build  a model  of  generalised 
rail  strain  behaviour.  Recent  experimental  work  at  HR  has  now  shown  that 
active  tensile  stresses  in  the  rail  head  (i.e.  in  the  longitudinal  direction) 
ar-’  higher  than  expected  particularly  when  impact  occurs  between  the  wheel  and 
ra.l.  This  experimental  work  was  in  fact  stimulated  by  the  analyses  which  are 
about  to  be  described. 

There  is  probably  even  more  doubt  as  to  the  magnitude  and  distribution  of 
residual  stresses  in  rails.  This  question  has  been  addressed  by  the 
Luropean  railway  administrations  through  the  offices  of  the  0,R.E. 
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organisation  (5)  and  an  example  o 
generality  of  the  ('.R.F..  findings 
(6)  suggests  fair  agreement  witfi 
substantial  difference  in  used  ra 


f the  results  is  shown 
lias  yet  to  be  proven, 
the  . work  in  new 

il . 


in  fig.  .'f . 

Work  at  HR 
rail,  but  a 
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In  brief,  the  only  stress  which  ran  be  reasonably  predicted  is  that  due  to 
de-stressing  and  even  that  demands  a knowledge  of  rail  temperature. 

IbiRMlILATION 

1.  The  Fracture  Toughness  of  Newly  Rolled  Rails 

Since  practically  nothing  was  known  of  the  fracture  toughness  characteristics 
of  rail  steel  an  extensive  collaborative  programme  was  undertaken  by  the  RRB 
and  British  Steel  Corporation.  The  aim  of  the  programme  was: 

(a)  To  establish  the  potential  variation  in  fracture  toughness  in  both  the 
head  and  web  of  rails  produced  within  the  limits  of  the  BS  11 
specif ication. 


(b) 


To  provide 
(i ) The 
( i i ) The 


basic  data  which  could  be  used 
toughness  of  rails  that  fail  in 
toughness  of  newly  developed  rai 


to  compare: 
service. 

1 steels. 


In  order  to  satisfy  the  aims  of  the  programme,  four  works  were  asked  to 
provide  samples  of  113  Ib/yd  BS  11  rails  from  two  casts  of  steel.  One  cast 
was  to  have  a carbon  content  near  the  top  and  a manganese  content  near  the 
bottom  of  the  BS  11  specification  and  the  other  to  have  a low  carbon  and  a 
high  manganese  content.  Two  rails,  both  roller  straightened,  were  to  be 
supplied,  one  from  the  top  and  one  from  the  middle  of  the  ingot. 

Fracture  toughness  tests  were  conducted  at  -Is'^C,  the  lowest  expected  service 
temperature,  at  low  loading  rates,  on  about  170  specimens  taken  from  the  rail 
head  and  web  (fig.  3).  Tests  were  conducted  according  to  the  requirements 
given  in  (7).  Details  of  the  results  of  this  extensive  programme  are  reported 
elsewhere  (8)  and  are  summarised  below.  Aim  and  actual  analyses  are  given  in 
Table  I.  Tensile  properties  and  Charpy  impact  test  data  are  presented  in 
Table  II. 


The  results  of  the  fracture  toughness  tests  are  summarised  in  Table  III. 
Approximately  half  of  the  fracture  toughness  tests  yielded  valid  Kj^  data. 

The  most  common  cause  of  invalidity  was  that  of  excessive  crack  front 
curvature,  particularly  with  the  square  section  specimens.  Many  of  the  tests 
were  also  invalid  due  to  the  crack  length  and/or  thickness  being  less  than 
that  necessary  to  ensure  limited  plasticity  at  the  crack  tip. 
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8E  STAMPED  AS 
fNOlCATED 


FIG.  3 LOCATION  OF  TEST  RECES  IN  THE  RAIL 
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TAni.r  III  rRAi  niRF  ToiKiiiNrss  kata 

(Al.l.  TESTS  AT  -is"i  ) 


Cast  Ident 
(see 

Table  I) 

Posi t ion 
of  rail 
in  ing'^t 

Mean  K|, 

(MNm''  ''') 

Mead 

Square 

? 

:'i.\ 

Top 

Rectangular 

4 

34.7 

Z1 

Web 

Rec  tangul ar 

4 

2^i,0 

Mead 

Square 

6 

^?,.4 

Middle 

Rec  tangular 

- 

- 

Web 

Rei  tangular 

4 

32.1 

(Acid 

Be.ssemer ) 

Head 

Square 

- 

- 

Top 

Re(  tangular 

- 

- 

H 

Web 

Rec  t angular 

4 

2d. 3 

Head 

Sf)uare 

4 

33.  7 

Middle 

Rectangular 

-> 

36.0 

Web 

Rectangular 

- 

- 

Mead 

Square 

- 

- 

Top 

Rectangular 

1 

41.6 

Web 

Rectangular 

3 

34. 3 

Yl 

Not 

knovm 

Head 

Rec  tangular 

s 

3S.  1 

Middle 

Head 

Square 

1 

. 2 

Y 

Rectangular 

- 

- 

(Rasif 

Top 

Mead 

S«|uare 

2 

33,6 

Hearth) 

Y2 

Ker  t angul ar 

1 

33.4 

Middle 

Square 

1 

35.4 



1 

1 

3*^.  7 

/(Um  t inued 
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TABLI  III  ((ont'd) 


Hail  Maker 

and  Proress 

( ast  Idenf 
( see 

•ral)le  I) 

I 

Posi t i on 
of  rail 
in  ingot 

Spec i men 
Posi t ion 

Spec imen 

I VPe 

No.  of 

S. 

results 

X 

(Rasic  (ipen 
Hearth ) 

XI 

Top 

Head 

.Si^uaro 

,?K.4 

Rp<  t angul  a r 

I 

4 

32.8 

Wef' 

kef  tangular 

4 

20.4 

Middle 

Head 

I 

Sijuare 

y 

3't.H 

Hec  t angul ar 

4 

^2 

X2 

Middle 

Head 

Square 

1 

Rectangular 

4 

37.8 

W 

(Basic  (1pen 
Hearth) 

WI 

Top 

Head 

Square 

- 

- 

Middle 

Head 

Sijuare 

■51.2 

W2 

Top 

i 

Head 

Sfjuare 

- 

- 

Rei  tangular 

4 

37.0 

Web 

Rectangular 

3 

33.8 

Middle 

Head  j 

Square 

- 

- 

Rectangular 

1 

- 

I 
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riif  Ir.i.turf  timyluu'ss  d.ita  was  subjeited  to  a statistical  .uialysis,  Iri'illy 
t asfil  i>n  a small  sample  theory,  in  order  to  determine  the  elf(-i  ts  id 


(at  l ast  composition  (principally  carl'on  level) 

(b)  lensile  and  impact  strengtti 

(c)  Rail  position  in  tfie  ingot 

(d)  Pifterent  manufacturing  processes  and  material  sounes. 

(e)  Pcisition  of  the  sample  in  the  rail  (head  and  web) 

(t)  'square*  and  ’rectangular'  section  test  pieces  on  the  apparent  fracture 
touglmess  of  the  material. 

I'nlv  ttie  last  two  factors  were  found  to  influence  the  fracture  properties. 

The  average  fracture  toughness  (Kj,-)  of  web  material  was  lower  than  tliat  of 
head  material  by  about  12.5%,  this  figure  being  based  on  toughness  data 
obtained  from  the  rectangular  type  of  head  test  piece.  It  was  also  found 
that  the  sejuare  section  head  test  pieces  yielded  toughness  data  about  10% 
lower  tfian  the  rectangular  type.  This  may  be  a result  cif  residual  stresses 
vithin  the  rail  head. 

Since  ttie  results  showed  only  limited  variability  in  fracture  toughness  it  is 
possifile  to  summarise  the  data  as  shown  in  Tabile  IV.  It  is  anticipated  that 
the  fracture  toughness  of  BS  11  rail  steel  at  -15  C,  will  exceed  the  folli'wing 
levels  of  the  time.  Values  have  been  rounded  down  to  the  nearest 

0.5  MNm" ^ . 

Based  on  the  rectangular  section  liead  specimens: 

27  MNm 

Based  on  sejuare  section  head  specimens: 

25 . 5 MNm 

Based  on  web  specimens: 


24  MNm 

2.  Fracture  Toughness  of  failed  Rails 

During  a 12  month  period  BR  Research  and  Development  Division  studied  every 
rail  failure  which  occurred  within  the  railway  network,  the  object  being  to 
check  the  composition  and  microstructure  and  to  measure  the  initiating  crack 
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si/f,  tensile  and  t ra(  ture  touphness  prnjierties  id  the  r.iils  lonrerned.  Ilieir 
trai  tnre  tniipliness  was  < nmpared  tn  that  ol  unused  rails  and  alsn,  topether 
with  I rark  si/e,  used  to  estimate  the  stress  levels  at  fracture. 

fracture  toughness  specimens  were  macdiined  from  the  fractured  rails  as  cltjse 
ti>  the  fracture  as  possil^le  and  orientated  such  that  the  fracture  propagated 
in  tfie  direction  and  plane  corresponding  to  that  cd  thc'  fracture  in  tfie  rail, 
lests  were  performed  at  ttie  temperature  associated  with  the  service  failure. 
This  was  done  so  ttiat  the  most  relevant  estimate  of  fracture  tougtiness  could 
fie  made  witti  respect  to  the  failure  thus  facilitating  tlie  calculation  of  the 
failure  stress.  lixami na t i on  of  the  data  showed  little  effect  cif  the 
temperature  within  the  range  encountered.  TaMc'  V shows  the  current  average 
fracture  toughness  of  service  failed  rails  togclhei  with  results  cd  the 
survey  covering  unused  US  11  rails  previously  desirihed.  It  appears  that  both 
ttie  new  and  failed  rail  samples  are  drawn  from  tlie  same  population  i.e.  that 
the  average  rail  failure  occurs  in  material  whicli  tias  a tougfiness  typical  of 

H. S  11.  Hie  analysis  of  service  failure  data  is  still  in  progress. 

Tlie  data  described  here  were  derivc-d  under  slow  loading  whereas  in  service, 
cracks  were  most  likely  subject  tci  dynamic  loading  conditions  wliich  can 
influence  ttie  tougfiness  of  a material.  However,  tlie  results  of  dynamic  tests 
(fig. 4)  show  that  tVie  tougfiness  of  RS  11  rail  steel  is  not  influenced  fiy  high 
loading  rates,  hence  the  slow  rate  data  may  he  used  witli  confidence  to 
dc-termine  failure  stresses. 

I.  fatigue  ( rack  growth  rates 

f-atigue  crack  growth  rates  fiave  I'cen  studied  in  a variety  of  rail  steels. 

Tests  were  carried  out  to  determine  crack  growth  rates  as  a function  of  A K 
on  specimens  tested  unefer  load  con  t rol  lc*d  conctitions.  At  Rli,  I'oth  single 
edge  notch  three  point  bend  and  centre  hole  notched  specimens  are  used.  Tests 
are  londucted  in  either  a high  frequency  Amsler  Vihraplior  (f  = K'n-dOO  If?)  or 
a servo-hydraulic  testing  mai  liine  (f  = 0.1-30  11/).  Track  growtti  is  measured 
either  con  t i niiousl  y using  an  electric  potential  drop  metluid  or  at  intervals 
optically. 

Results  for  a numl'er  i.  rail  steels  using  centre  notcfieil  specimens  (d)  are 
sliown  in  lip.  3.  Tn  general  little  difference  is  ot'served  in  tlie  crack 
propogation  rates  of  tfiese  steels  at  a given  AK  range.  Tfie  figure  shows 
the  "sc a t te rtiand"  of  the  mean  values  of  the  da/dN  - lines,  showing  a 

spread  of  at'out  3:1  on  endurance.  (Overall  dif  ferences  are  considered  to  be 
of  secondary  importance  and  would  in  practice  be  masked  t'v  scatter  of  ttie 
individual  points. 
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IV 


srMMAPY  “f  hs.n  iHA<  niur 

SS  DATA 


1 ten 


[Mean 

( MNn' ' • ) 


Standard  Deviation 

-1 

< MNm  • ) 


iNumber  of 
Ivalid  Results 


Square  Head 
Sper i mens 


♦ i.AZ 


* ^.?,9 


Z^ 
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3S.: 


♦ 1.^1 
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30 
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Nrwrv  ROLLFD  RAIL 


Position  in 

Rail  Section 

Average 

(at  various  temperatures) 
of  RS.ll  associated  with 
rail  f rat  tures. 

1 

Average  Kj^, 

(at  - 13''(  ) 
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Rolled  RS.ll 

Mca<l 

36.1 

35.2 

Web 

31.1 

31.1 
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CRACK  PROPAGATION  R ATE  mm  / CY ClE 


MAT  ERIAL 

SLOPE 

W 

INTERCEPT 

•c‘ 

8 S 11 

5 26 

3 02  X 10'^’ 

BS  11 
CONCAST 

4 63 

2 93  X 10'” 

U 1 C A 

4 16 

7 73  X 10'’* 

UlC  B 

5 29 

1 62  X 10'” 

IV,  Cr 

4 09 

1 19  X 10'’* 

FIG.  5 CRACK  PROPAGATION  RESULTS  FOR  SOME 
RAIL  STEELS 
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ASSESSMENT 


Service  Tciilure  Analysis 

Hecause  of  the  uncertainty  surrounding  the  effective  strains  present  in  a 
rail,  fracture  mechanics  was  used  to  estimate  the  fracture  stress  associated 
with  actual  failures.  Attention  had  therefore  to  be  given  to  identifying  or 
developing  suitable  crack  tip  stress-intensity  functions  for  the  common  crack 
geometries  and  presumed  stress  distributions. 

(n ) Star- c rack  (fig.  1 ) 

Since  the  fish  liolt  hole  lies  close  to  the  rail  neutral  axis  it  was  assumed 
that  the  stress  field  was  predominantly  pure  shear.  Solutions  have  been 
given  by  Howie  (10)  for  single  and  double  cracks  originating  at  a hole  in  a 
plate  subjected  to  uni-axial  and  bi-axial  stress.  By  adding  the  uni-axial 
solution  for  an  applied  stress  of  2o*  , to  the  bi-axial  solution  for  applied 
stresses  of  - cJ' and  - tf"  one  arrives  at  applied  stresses  of  +0"  and  -CT  which 
is  equivalent  to  pure  shear.  The  solution  is  based  on  an  idea  by  Wells  and 
is  shown  in  fig. 6. 

(b)  Surface  running  cracks  (wheelburn  fig.  1) 

Small  semi-elliptic  cracks  originating  at  the  surface  of  the  rail  may  be 
treated  using  solutions  given  by  Shah  and  Kobayashi  (11)  both  for  pure  tension 
and  bending,  Por  deep  cracks  ( ^ 5 mm)  a solution  was  developed  at  DR.  For 
the  bending  case  a finite  element  energetic  approach  was  used  and  for  the 
tension  case  the  Williams  and  Isherwood  approximate  method  was  employed  (12). 
Tlie  two  solutions  are  given  in  figs.  7 and  8 respectively.  For  the  bending 
case  (fig.  7)  a comparison  can  be  made  between  the  finite  element  solution 
and  the  W and  T method. 

(c)  Taches  Ovales  (fig.  1) 

These  defects  v^hich  originate  at  hydrogen  shatter  cracks  are  totally  embedded 
in  the  rail  head  and  whilst  they  are  small  (say  25  mm  diameter)  they  may  be 
treated  using  data  by  Shah  and  Kobayashi  (11),  The  actual  *K'  calibrations 
for  a rail  section  (BS  113A),  subjected  to  a bending  stress  distribution  is 
shown  in  fig.  9.  The  tension  case  can  be  treated  in  a similar  fashion. 

It  is  beyond  tlie  scope  of  this  paper  to  discuss  all  of  the  service  failure 
analyses  undertaken.  The  following  descripcion  of  an  analysis  of  a tache 
ovale  type  service  failure  is  of  particular  relevance  to  our  understanding  of 
the  stresses  which  can  occur  in  service. 
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CRACKS 


CALIBRATION  RAIL  HEAD  CRACK  IN 


CALIBRATION  FOR  THROUGH  THICKNESS  DEFECT  IN  RAIL  HEAD  SUBJECT  TO  UNFORM 
TENSION  (WILLIAMS  AND  ISHERWQOD  METHOD) 


VALUES  FOR  DEFECT  POSITION  AND  ASPECT  RATI 

ASSUMED 


HR  the  smallest  size  of  tache  ovale  fatigue  crack  known  to  have  caused 
fracture  is  al'out  14  mm  diameter.  'llie  failure  occurred  between  Lancaster  and 
Preston  on  2 Feb  71.  The  minimum  temperature  recorded  on  this  date  at  the 
nearest  meteorological  office  (Scjuires  Gate)  was  -4  C.  The  rail  had  been 
destressed  about  one  year  previously  at  27 

-2  - 1 5 

Hie  Kj  generated  by  thermal  stressing  (+76  MNm  ) is  estimated  to  be  7MNm  ‘ . 

In  order  to  estimate  the  generated  by  residual  stresses,  values  were 
selected  at  about  the  centre  of  the  crack  from  the  ORE  work  (5)  and  that  of 
Allen  (6).  It  was  then  assumed  that  these  stresses  were  associated  with  a 
bending  type  stress  distribution.  The  two  equivalent  outer  fibre  stresses 

i.e.  on  the  running  surface  were  +49  MNm”^-  (O.R.F.)  and  +195  MNm~2  (Allen): 

-1.5  -1.5 

the  bj's  computed  were  5.2  MNm  * and  20.8  MNm  ' respectively. 

The  average  fracture  toughness  of  rail  steel  at  this  temperature  is  35  MNm 
Thus  the  component  contributed  liy  the^wheel,  or  wheels,  of  the  train  can 
be  deduced  to  be  either  22.8  or  7.2  MNm  ’ depending  on  the  residual  stress 
used  in  the  calculations.  Assuming  the  applied  (or  active)  loads  produce  a 
bending  type  stress  distribution  the  outer  fibre  stress  associated  with  the 
failure^can  now  be  estimated.  'Ihe  active  stress  is  found  to  be  either  216  or 
68  MNm  “,  depending  on  the  residual  stress  contribution  assumed. 

Since  the  tache  ovale  crack  associated  with  this  failure  is  the  smallest  that 
is  known  it  is  probable  that  extreme  service  loadings  caused  the  fracture. 

The  maximum  tensile  stress  deduced  from  tlieoretical  track  dynamic  calculations 

-2 

performed  at  HR  is  +50  MNm  (6),  however,  recent  experimental  results 
obtained  in  track  have  shown  that  a wheelflat  120  mm  long  can  induce  tensile 
stresses  in  the  rail  head  of  125  MNm  . I'ur thermore  the  bending  wave  caused 
by  an  impact  travels  at  least  1.5  m along  the  rail  from  the  point  iif  impact 
with  little  attenuation  of  its  magnitude.  It  seems  likely  theretore  that 
any  point  in  the  rail  will  experience  the  induced  stress  cycle  caused  by  a 
wheelflat  impact  at  least  once  and  may  be  twice. 

.Similar  analyses  of  the  "star-crack”  type  of  failure  haye  shown  that  the 
nominal  shear  str<‘ss  in  the  rail  web  is  around  200  MNm  when  fracture 
initiates  from  the  smallest  fatigue  cracks  observed.  Again  dipped  joints  and 
wheelflats,  resulting  in  impact  loading,  are  probably  the  cause  of  these 
stress  levels. 

Witli  some  knowledge  of  the  fracture  tougtiness  of  current  rail  steels,  defect 
sizes  associated  with  failures,  and  the  maximum  stress  levels  likely  to 
occur  it  is  possible  to  consider  solutions  which  will  reduce  if  not  eliminate 
the  problem.  briefly,  the  possibilities  are  as  follows: 
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(a)  Re-design 


The  problems  of  introducing  major  design  changes  into  a system  such  as  the 
permanent  way,  which  has  evolved  over  the  last  150  years,  are  formidable. 
Whilst  in  the  long  term  these  may  be  possible,  e.g.  paved  track,  this 
approach  would  not  help  the  immediate,  pressing  problems. 

(b)  Improved  <'rai:k  Detection 

The  vritical  crack  size  in  hS  11  rail  steel  can  be  only  1-2  mm  deet)  and 
bearing  in  mind  that  22,000  miles  of  running  track  has  to  be  in  inspected, 
it  seems  quite  conceivable  that  crack  initiation,  crack  growth  and  final 
fracture  is  p('ssible  within  routine  inspection  periods.  Further  development 
of  ultrasonic  ins[)ection  techniques  is  possible  and  necessary. 

(c)  Reduced  Stress  Levels 

The  elimination,  or  reduction  of,  wheelflats  would  help  to  reduce  the  incidence 
of  high  stress  levels  in  the  track.  However,  impact  conditions  would  still 
arise  as  a result  of  wheelburn  depressions  and  rail  joints  (bolted  and  welded) 
In  addition  the  service  failure  analysis  programme  has  shown  that  temperature 
induced  stresses,  and  residual  stresses  play  a large  part  in  the  failure  of  a 
rail.  The  temperature  stresses  in  continuously  welded  track  are  put  there 
deliberately  to  avoid  buckling  in  !)ot  weather.  A reduction  of  residual 
stresses,  some  of  which  arise  in  manufacture,  and  some  as  a result  of 
service  conditions,  would  be  impracticable. 

(d)  Improved  Fracture  Toughness  of  Rail  Steel 

Hecause  of  the  low  toughness  of  current  BS  11  rail  steel  (and  this  eijually 
applies  to  F.uropean  and  American  rail  steels)  there  appears  to  be  plenty  of 
scope  here. 

Figure  10  shows  the  relationship  between  applied  stress  and  critical  crack 

length  for  a given  level  of  fracture  toughness  for  the  "star-crack"  failure. 

'Fwo  levels  of  operating  stress  are  shown  and  a critical  situation  arises 

immediately  the  stress-crack  length  relationships  drop  belyw^these  stresses. 

It  will  be  seen  that  for  current  rail  steel  (K,  = 31  MNm  at 

I c 

fractures  can  be  expected  when  the  fatigue  crack  length  exceeds  0.5  mm. 

Tliis  is  substantiate^  by  service  experience.  However,  if  the  rail  steel 
had  a of  80  MNm  " fatigue  cracks  of  at  least  20  mm  length  could  be 

tolerated. 

Experimental  rail  steels  (13)  have  been  developed  jointly  by  the  BRR  and  BSC 
and  the  fracture  toughness  of  these  steels  are  being  determined  over  the 
range  of  operating  conditions.  An  example  of  the  effect  of  temperature  and 
strain  rate  on  the  fracture  toughness  if  one  cast  is  shown  in  fig.  11.  The 
determination  of  the  toughness  of  these  experimental  materials  has  led  to  the 
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FIG  11.  EFFECT  OF  TEMPERATURE  AND  STRAIN 
RATE  ON  THE  FRACTURE  TOUGWNESS  OF  AN 
EXPERIMENTAL  RAIL  STEEL  (CAST  4287). 


i 
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development  id  a special  dynamic  test  which  uses  a full  rail  section  specimen. 
It  is  essential  to  test  candidate  replacement  rail  steels  at  the  highest 
expected  service  strain  rate  since  the  toughness  of  these  materials  may 
degenerate  as  strain  rate  is  increased.  A special  drop  weight  test  facility 
has  been  built  at  the  HR  research  laboratories  to  perform  these  tests.  The 
test  technique  has  been  described  elsewhere  (9,  14). 

The  rail  failure  problem  may  be  summarised  as  follows: 

Although  strain  levels  in  rails  are  generally  low  fatigue  crack  initiation 
seems  to  be  inevitable.  Even  supposing  rail  steel  were  free  of  material 
defects,  fatigue  crack  initiation  occurs,  for  example,  from  wheel-rail 
induced  damage  (e.g.  wheelburn),  mishandling,  corrosion  pitting  and  stress- 
raisers  such  as  bolt  holes.  Of  course  material  defects  do  occur,  and  this  is 
hardly  surprising  in  view  of  the  large  quantities  of  rail  steel  used  (about 
4.5  million  tons  in  the  UK). 

fatigue  crack  propagation  studies  have  shown  that  for  a wide  variety  of  steels 
little  variation  in  growth  rate  occurs  at  a given  ^K  range.  Thus  there 
seems  little  prospect  of  modifying  the  fatigue  crack  growth  period  by  material 
changes.  However,  analysis  of  strain  da^a  associated  with  a wheelflat  impact 
has  shown  that  the  average  fatigue  crack  growth  rate  per  axle  could  be 
reduced  substantially  if  wheelflats  were  eliminated  or  drastically  reduced 
in  size  and  frequency. 

Although  improved  cracK  detection  methods  continue  to  be  introduced  the  effect 
has  been  essentially  to  contain  the  failure  problem  at  its  present  level. 

The  critical  crack  length  can  be  so  small  that  the  prospect  of  finding  many 
fatigue  cracks  before  final  fracture  is  largely  a matter  of  chance.  The 
iritical  size  of  a fatigue  crack  determines  the  life  of  the  rail  following 
crack  initiation  and  also  determines  the  frequency  and  method  of  in-service 
inspection . 

The  rail  fracture  problem  would  undoubtedly  be  lessened  if  the  critical 
crack  length  were  increased.  The  effect  would  be  "to  buy  time"  - time  to 
detect  the  cracks  and  take  the  necessary  action  to  avoid  an  in-service 
f rac  ture . 

The  fracture  mechanics  assessment  of  this  problem  suggests  tliat  substantial 
increases  in  critical  crack  length  could  be  achieved  by  improving  (even 
modestly)  the  fracture  toughness  of  rail  steel.  A reduction  in  the  size  and 
number  ol  wheelflats  and  other  causes  of  impact  would  also  be  of  benefit. 


i 
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CONCLUSIONS 


The  fracture  toughness  of  BS  11  rail  steel  at  -15°C  lies  generally  between 
31-35  and  these  values  are  not  significantly  affected  by  cost 

composition  (within  the  BS  11  specification),  rail  position  within  the 
ingot,  manufacturing  process  or  rail  source.  Lower  values  of  toughness  are 
associated  with  web  material. 

The  fracture  toughness  of  BS  11  rail  steel  is  insensitive  to  changes  in 
crack  tip  loading  rate  over  the  range  10  MNm"^‘5^  K ^ 10^  MNm“^*V^  at  -15°C. 
The  toughness  of  experimental,  fracture  tough,  rail  steels  is  dependent  on 
crack  tip  loading  rate. 

Most  rail  failures  occur  in  steel  with  toughness  levels,  and  metallurgical 
properties,  quite  typical  of  BS  11. 

The  use  of  tougher  rail  steels  would  reduce  the  risk  of  in-service  fractures. 
The  BRB  and  BSC  have  developed  a number  of  tougher  rail  steels  which  have 
been  produced  in  rail  form.  These  steels  have  not,  as  yet,  been  accepted 
for  general  use  since  many  other  factors  have  to  be  considered,  e.g.  wear, 
weldability,  product  uniformity,  cost. 

Fracture  mechanics  analyses  of  service  failures  have  shown  that  residual  and 
thermal  stresses  make  a significant  contribution  to  the  total  failure  stress. 
The  contribution  made  by  impact  induced  stresses  caused  by  wheelflats  etc. 
to  the  fatigue  and  fracture  of  rails  is  becoming  more  clear.  Active 
consideration  is  being  given  by  the  B.R.  Research  and  Development  Division  to 
developing  a wheelflat  detector  system  which  will  determine  the  damage 
caused  by  wheelflats. 

The  application  of  fracture  mechanics  to  rail  failures  has  contributed 
considerably  to  our  understanding  of  the  problem  and  how  it  might  best  be 
resolved. 
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INTRODUCTION 

The  Federal  Railroad  Administration  is  pursuing  a program  to  improve 
the  ride  quality  of  the  AMTRAK  Metroliner.  The  program  began  in  1971,  when 
AMTRAK  took  over  the  passenger  service  of  13  U.S.  railroads.  The  Metroliner 
provides  high-speed  intercity  service  between  New  York  City  and  Washington, 
DC.  Current  operations  are  limited  to  105  mph  maximum  speed,  with  reduced 
speeds  in  many  sections  because  of  track  conditions  [1).  However,  the  track 
is  being  improved  and  future  operations  up  to  120  mph  are  planned.  FRA 
ride-quality  improvement  programs  have  included  full-scale  testing  of  new 
designs  for  the  Metroliner  railcar  trucks  [2,3]  as  well  as  review  of  proposed 
modifications  to  the  existing  trucks.  The  FRA  evaluation  resulted  in  a 
decision  to  minimize  the  improvement  cost  by  modifying  the  existing  trucks 
by  adding  vertical-motion  dampers  in  the  primary  suspension,  and  by  replac- 
ing the  truck  bolster  and  secondary  suspension  with  a new  design. 

In  1976  FRA  asked  the  Transportation  Systems  Center  and  MIT  to  conduct 
a structural  integrity  assessment  of  the  Metroliner  truck  and  to  answer  the 
following  questions.  What  is  the  potential  fatigue  damage  accumulation  in 
the  fleet?  (The  fleet  consists  of  60  railcars,  i.e.  120  trucks,  with  an 
average  service  of  6 to  8 years.  There  are  no  spares  for  the  major  compo- 
nents of  the  truck.)  How  might  the  proposed  modifications  affect  structural 
integrity  (i.e.,  possible  damage  introduction  and/or  increases  in  cyclic 
stress  levels)?  Wliat  is  the  estimated  post-modification  fatigue  life  of 
the  remaining  existing  parts  and  the  new  parts?  What  fatigue  test  plan 
should  be  followed  to  verify  the  structural  integrity  of  the  modified  truck? 
The  last  question  was  crucial  because  of  the  lack  of  spares.  If  a repeat 
of  the  full-scale  fatigue  test  of  the  entire  truck  were  found  to  be  neces- 
sary, this  would  have  meant  removal  of  one  Metroliner  car  from  service. 

Looking  to  the  future,  FRA,  also  ■'sked  us  to  synthesize  from  the  Metro- 
liner case  study  a set  of  recoimnendations  for  structural  integrity  criteria 
for  higher  speed  trucks  which  are  planned  as  future  acquisitions.  A1‘ hough 
current  passenger  trucks  are  conservatively  designed,  the  advent  of  high 
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speed  operations  in  the  130  to  160  mph  range  will  force  future  designs 
toward  lighter  (and  therefore  more  highly  stressed)  construction  to  avoid 
hunting  instability  [4,5]  and  to  reduce  the  damaging  effect  of  loads  on  the 
track  [6] . Hence,  the  Metroliner  trucks  were  subjected  to  crack-propagation 
analysis,  as  well  as  crack-initiation  analysis,  in  anticipation  of  the  prob- 
able requirements  for  future  designs  [7).  This  paper  focusses  primarily  on 
the  results  of  the  Metroliner  case  study,  since  the  criteria  recommendations 
are  still  under  development. 

The  data  available  for  the  Metroliner  were  as  follows.  No  fatigue 
failures  had  occurred  in  the  truck  frame  (the  major  critical  component  for 
for  the  structural  integrity  study).  Yield  strength,  UTS,  the  notched 
endurance-limit  strength  (Kj.  not  specified) , and  some  chemical  composition 
data  were  available  for  the  truck  frame  alloy.  Carlx)dy  acceleration  and 
track  roughness  power  spectra  had  been  taken  on  short  sections  of  the  Metro- 
liner route  with  the  existing  truck  under  the  vehicle  [2] . Load  exceedance 
curves  had  been  prepared  based  on  run  tests  with  Vought/SIG  trucks  [3]. 
Finally,  track  roughness  power  spectra  taken  by  a special  test  vehicle  were 
available  for  several  additional  short  sections  of  the  Metroliner  route  [8] . 

The  investigation  began  in  August  1976.  A rapid  and  restricted  analysis 
of  the  Metroliner  truck  structural  integrity  was  required  to  meet  a scheduled 
FRA  decision-point  in  October.  Also,  time  and  cost  constraints  on  the  sub- 
sequent Metroliner  test  schedule  dictated  that  existing  equipment,  able  to 
provide  only  constant-aimplitude  loading,  be  used  for  any  fatigue  test  of 
the  modified  truck. 


GSI  "GENERAL- 70”  TRUCK 


The  General-70  truck  (manufactured  by  General  Steel  Industries,  Inc.) 
currently  rides  under  the  Metroliner.  Figure  1 illustrates  this  truck  and 
indicates  the  proposed  modifications:  approximate  placement  of  the  primary- 
suspension  dauTiper  (four  per  truck),  and  the  bolster  and  bolster  springs 
which  are  to  be  replaced.  The  truck  frame  (shaded  in  the  side  view)  was  the 
major  component  of  concern  regarding  structural  integrity.  The  frame  is  a 
single  "H"  casting  with  hollow  sections.  The  section  at  the  new  damper 
location  was  selected  for  analysis  because  of  concerns  about  the  effects 
of  welding  a bracket  to  the  frame  at  this  point. 

Load  transfer  through  the  primary  suspension  is  quite  complicated,  but 
can  be  understood  by  review  of  the  major  paths  for  vertical,  lateral  and 
longitudinal  components.  Vertical  and  lateral  loads  enter  t)ie  truck  through 
the  axle  journals.  The  vertical  loads  are  reacted  by  the  gooseneck  portions 
of  the  equlaizer  beams,  and  are  passed  to  the  truck  frame  through  the  equaj- 
izer  springs.  (In  the  modified  design,  a part  of  this  load  will  be  routed 
through  the  deunpers,  slightly  increasing  the  vertical  b<'nding  moments 
applied  to  the  frame.)  Journal  guides  which  permit  vertical  motion  of  the 
journal  are  part  of  the  fr^lme.  Lateral  loads  are  passed  directly  to  the 
frame  at  the  journals.  (This  load  path  is  not  influenced  by  addition  of  the 
new  dampers.)  In  practice,  there  will  be  some  "play"  between  the  axles. 
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FIGURE  1.  GSI  GENERAL-70  TRUCK 
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journals,  and  frame.  However,  the  amount  is  unknown  and  probably  varies 
from  one  truck  to  another.  Hence,  two  extreme  conditions  can  be  visualized 
for  the  lateral  loads,  as  indicated  schematically  in  Fig.  2.  At  one  extreme, 
the  frame  legs  are  alternately  subjected  to  outward  bending  as  the  wheelset 
shuttles  from  side  to  side.  At  the  other  extreme,  both  legs  are  engaged 
continuously  in  zero-mean  bending,  at  one  half  the  bending  moment  of  the 
first  extreme.  The  bolster  receives  vertical  and  lateral  loads  through 
the  centerpin  and  by  side  bearing  at  the  sides  of  the  truck  frame.  These 
loads  are  transmitted  to  the  carbody  through  the  bolster  springs,  cuid  also 
through  vertical  and  lateral  dampers  (not  shown) . Braking  and  traction 
forces  are  passed  primarily  through  the  journal  guides,  H-frame,  and  center- 
pin  to  the  center  of  the  bolster.  (A  secondary  path  exists  through  the 
gear  boxes  and  motors,  but  is  well  isolated  from  the  frame  by  rubber 
cushions  in  series  in  the  motor  mounts.)  The  longitudinal  loads  are  then 
transferred  from  the  centerpin,  via  bolster  bending,  through  anchor  rods 
at  the  ends  of  the  laolster  to  triangular  frames  attached  to  the  carbody. 

ANALYSIS 

The  following  engineering  tasks  were  defined  to  meet  the  objectives 
of  the  study  within  the  time  allowed:  (1)  estimation  of  material  fracture 
toughness  and  crack  growth  rate  from  hand)x>ok  data;  (2)  preparation  of  a 
representative  service  load  history  from  the  data  availaUble  in  previous 
Metroliner  studies;  (3)  fatigue-crack  initiation  and  propagation  calcula- 
tions to  estimate  economic  and  safety  limits,  and;  (4)  formulation  of  a 
fatigue  test  plan.  Comparison  of  the  data  on  the  truck  frame  alloy  with 
metallurgical  reference  works  [9,10]  indicated  that  the  material  closely 
resembled  AISI-2330  cast  steel.  Hence,  the  properties  of  the  latter  alloy 
(at  75  ksi  UTS,  30  ksi  unnotched  endurance  limit  strength)  were  used  in  the 
analysis.  Charpy  V-notch  data  for  AISI-2330  castings  were  correlated  with 
values  via  an  empirical  relation  developed  by  Barsom  and  Rolfe  [11] : 


(Kjd)^/E  = 2(CVN)^'^^ 


(1) 


where  is  the  dyneunic  fracture  toughness  (psi/in) , E is  Young's  modulus 
(psi),  and  CVN  is  the  Charpy  intact  energy  absorption  (ft.  lb.).  These 
calculations  resulted  in  average  K values  of  124  ksi/Tn  at  75®F  eind  71 
ksi/in  at  0®F.*  The  crack-propagation  rate  was  estimated  by  fitting  a 
combined  Paris-Forman  equation  to  data  available  for  an  alloy  with  crack- 
propagation  behavior  similar  to  AISI-2330,  with  the  following  results: 


da/dn  = 0 


for  AK  < AK^jj 


(2) 


The  O^F  value  is  used  to  determine  critical  crack  size,  under  the  assump- 
tion that  fracture  occurs  during  winter  operations. 
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(3) 


da/dn  = 3.9  x lo"^(AK)^ 


for  AK  < AK  < AK„„ 
tH  — — TR 


da/dn  = 


3.9  X 10~^(AK)^ 


for  AK  > AK^ 
— TR 


(4) 


where  da/dn  is  in  units  of  inch/cycle,  where: 

AK^jj  = 7(1-R)  ksiyTn.  (5) 


K^  = 110  ksi/in.  (6) 


AK^r  * 55(1-R)  ksii/In.  (7) 


and  where  R = s .^/s  is  the  stress  ratio.  The  foregoing  properties  were 
also  used  for  «?e  new^Solster  material,  except  that  Kjp  was  estimated  to  be 
only  45  ksi/In  at  0*F  because  the  availability  of  the  original  alloy  for 
the  short-run  production  of  new  bolsters  was  in  question. 

No  attempt  was  made  to  account  for  crack-growth  retardation  due  to 
overloads.  Hence,  load-history  preparation  was  confined  to  the  development 
of  appropriate  exceedance  curves.  For  this  purpose,  the  action  of  the 
Netroliner  carbody  upon  its  trucks  was  treated  as  a stationary  Gaussiem 
process  driven  by  the  track  roughness  power  spectrum  and  filtered  by  the 
carbody  vibration  modes.  The  dominant  carbody  motions  are  rigid  body 
bounce  euid  pitch,  as  far  as  vertical  loads  applied  to  the  truck,  although 
minor  contributions  are  also  made  by  the  bending  inodes.  Lateral  truck 
loads  are  similarly  influenced  by  rigid-body  sway  euid  yaw.  The  well-known 
formulae  for  calculating  the  exceedance  curve  of  a stationary  Gaussiam 
process  were  employed  [12] : 


E(x)  * ^ N exp(-x^/2a^) 
2 o 


(8) 


where  E(x)  is  the  expected  number  of  exceedances  per  unit  time  of  the  level, 
X,  of  the  parameter  of  interest,  where: 

O - [^  G^(f)df)^/2  (9) 
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(10) 


N 

o 


f^G 

XX 


eind  where  G^x^^^  power  spectral  density  of  x as  a function  of  fre- 

quency, f,  in  Hz.  We  remark  that  the  assumption  of  a stationary  Gaussian 
process  cannot  be  justified  either  theoretically  or  from  the  available 
test  data  in  the  present  case;  it  was  adopted  merely  as  a convenience  to 
obtain  first-cut  estimates  of  the  load  environment  within  the  program 
schedule . 

Exceedance  curves  were  first  estimated  approximately  by  adjusting 
the  short-run  Metroliner  test  data  12]  to  correlate  with  the  Vought/SIG 
estimates  [3].  The  first  estimates  were  later  confirmed  by  a more  elaUx>- 
rate  procedure,  which  is  also  of  more  interest  and  will  be  summarized  here. 
Comparison  of  the  track  roughness  spectra  from  the  original  tests  [2]  with 
spectra  obtained  several  years  later  at  16  additional  locations  on  the 
Metroliner  route  [8]  indicated  that  the  track  roughness  statistics  could 
reasonably  be  treated  as  constants.  An  example  is  given  in  Fig.  3,  which 
compares  the  track  alignment  spectra  from  the  two  data  bases.  (A  similar 
observation  was  made  for  the  profile  spectra.)  It  was  then  postulated 
that  exceedsmce  levels  are  influenced  primarily  by  operating  speed,  which 
varies  considercibly  from  one  section  of  the  route  to  another.  Under  this 
hypothesis,  the  load  history  was  treated  as  a sequence  of  stationary 
Gaussian  processes  (one  for  each  speed  block)  which  could  all  be  derived 
from  the  Metroliner  test  results  as  a "baseline”  case  in  the  following 
manner.  Let  R(X)  = cX™  represent  the  track  roughness  spectral  density  as 
a function  of  spatial  wavelength,  X.  (The  constants  C,m  are  derived  by 
fitting  the  upper  bound  of  the  data  in  Fig.  3.)  Then; 


X = V/f 


Gxx(f)  = G(f)  = kR(X)  = kC(V/f) 


(11) 


(12) 


where  G(f)  is  the  measured  baseline  acceleration  PSD  and  where  V is  the 
operating  speed  during  the  test.  The  parameter,  k,  is  unlcnown  but  may  be 
assumed  Independent  of  V because  the  acceleration  response  is  determined 
primarily  by  fixed  carlxxly  vibration  modes.  In  a similar  numner. 


G^(f) 


kC(V^/f) 


m 


(13) 


is  the  response  PSD  in  the  ith  speed  block,  and  both  k and  C can  be 
eliminated  to  obtain  the  block  response  in  terms  of  the  baseline  PSD: 
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(14) 


Gi (f)  = (V^/V)®  G (f) 


Block  response  statistics  can  now  be  obtained  from  Eqs.  9 and  10,  and  the 
route  exceedance  curve  is  derived  by  summing  the  blocks.  Alternately,  the 
zero-crossing  rates  can  be  expressed  "per  route  mile"  and  a service-life 
exceedance  curve  can  be  given: 


E(x)  = - 


^ N [L  /E  L.lE(L,/V.)exp[-(VA.)"*(xV2a^)l 


(15) 


where  Lg  is  the  service  life,  the  block  length,  and  where  Nq  and  O are 
the  statistics  of  the  baseline  exceedance  curve.  Exceedance  curve  calcula- 
tions were  based  on  detailed  operating  speed-distance  profiles  for  the 
Metroliner  (current  and  projected)  provided  by  AMTRAK. 

Analysis  for  fatigue-crack  initiation  was  conducted  with  Miner's 
linear  dcunage-summation  hypothesis  [13].  When  Miner's  hypothesis  is 
applied  to  Gaussian  random- load  fatigue,  it  can  be  shown  that  the  expected 
rate  of  damage  accumulation  can  be  calculated  from  [14): 


D 


.00  -E'  (s)ds 

o N (s  ,s  ) 
3 m 


(16) 


where  E'  (s)  is  the  derivative  of  the  stress  exceedance  curve,  euid  where  s 
is  the  total  stress  level  consisting  of  a random  alternating  component,  s^, 
and  a constant  mean  component,  s,„.  The  denominator  of  Eq.  16  is  simply  the 
number  of  cycles  to  failure,  taken  from  a constant-amplitude  S-N  diagram, 
for  the  load  condition  s^,  s„,.  The  damage  rate  D is  per  unit  time  if  the 
exceedance  curve  is  given  in  its  usual  form,  or  "per  service  life"  if  ein 
expression  like  Eq.  15  is  used.  For  lateral  analysis  of  the  truck  frame 
legs,  the  correct  process  is  zero-mean  fatigue  if  no  play  is  assumed  in 
the  axle  journals  (see  Fig.  2).  If  free  play  is  assumed,  then  s^  is  not 
constant  but  the  process  is  zero- to- tension,  i.e.  s^  = s^^  = s/2  per  cycle, 
and  the  correct  value  of  N can  be  found  from  a Smith  diagram  for  R = 0. 

: For  vertical  loading,  Sj^  is  constant  and  corresponds  to  the  static  weight 

I of  the  Metroliner  carbody  and  passenger  load. 

Since  the  retardation  effect  has  been  ignored,  crack-propagation  as 
described  by  Eqs.  2 through  7 is  also  a linear  damage- summation  theory, 
and  can  be  treated  like  crack  initiation  as  far  as  the  mathematical  formu- 
lation is  concerned.  This  is  accomplished  by  assuming  an  initial  crack 
size,  a^,  and  then  Integrating  da/dn  from  a^  to  the  critical  crack  size 
determined  by  and  a "once  per  life"  or  similar  stress*  to  determine 

( I *In  the  present  case,  Kid  at  0*F  and  the  material  UTS  were  used  to  make 

the  analysis  conservative. 
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the  number  of  cycles  to  fracture,  N.  This  calculation  is  done  at  constamt 
amplitude,  being  repeated  for  several  amplitudes  to  estatblish  an  equivalent 
"S-N"  curve  for  crack  propagation.  Equation  16  can  then  be  used  to  esti- 
mate D for  propagation  damage  due  to  random  loading.  Equivalent  "S-N" 
curves  for  several  assumed  initial  crack  sizes  are  compared  with  the 
ordinaury  S-N  curve  in  Fig.  4 for  AISI-2330  steel.  The  Tiffany  formula 
for  a semi-elliptical  surface  crack  [15,16]: 


K = 1.1  s M /ira/Q  (17)* 

X 


was  used  to  determine  when  and  to  compute  AK  (s  replaced  by 

= 2Sg^)  for  the  da/dn  integration.  Results  for  the  truck  frame 
lateral  amalysis  are  shown  in  Fig.  5.  The  abscissa  illustrates  the  bene- 
fit of  high  0“F  fracture  toughness  in  the  existing  truck  frame  alloy 
(71  ksit^’In),  The  figure  also  illustrates  the  high  risk  which  would  result 
from  combining  am  alloy  with  no  nickel  (Kjp  = 45  ksi  ✓Tn  at  0“F)  with  an 
inspection  method  not  100  percent  reliable  for  detection  of  0. 15- inch-deep 
cracks. 


ASSESSMENT  AND  FATIGCffi  TEST  PLAN 


The  results  of  the  fatigue  calculations  indicated  that  the  General-70 
truck  fraune  is  a very  conservative  design.  The  crack  initiation  damage 
rates  were  negligible,  while  the  propagation  rates  indicated  life  limita- 
tion only  for  extremely  large  initial  flaws.  The  largest  assumed  flaw 
(0.25  inch  deep,  1.25  inch  surface  length)  had  a calculated  safety  limit 
of  140  operational  hours,  but  initial  damage  in  this  size  range  could  be 
ruled  out  as  a consequence  of  the  fact  that  no  service  cracking  has 
occurred  in  the  average  30,000  to  40,000  operational  hours  per  railcar 
which  have  already  been  accumulated.  Also,  since  the  planned  modifications 
would  not  influence  lateral  loading,  we  concluded  that  a new  fatigue  test 
of  a complete  truck  was  not  necessary,  and  that  smaller-sized ^ initial 
damage  which  might  affect  structural  integrity  after  modification  could 
loe  effectively  controlled  by  magnetic-particle  inspection  of  the  frames 
at  modification  time.  < 

The  bolster,  being  a new  article,  must  be  fatigue  tested  to  verify 
the  structural  design.  However,  since  the  load-transfer  paths  to  the 
bolster  were  simple  and  well  defined,  we  felt  that  this  article  could  lae 
tested  realistically  as  a separate  component.  The  constraint  to  const2mt- 
amplitude  testing  (see  Introduction)  was  of  some  concern  because  it  is 
well  known  that  constant-amplitude  tests  may  be  either  conservative  or 
unconservative  when  the  test  article  contains  cutouts,  fastener  holes, 
fillets,  etc.  [17].  Since  the  bolster  design  had  not  been  finalized  at 
this  point,  we  chose  a conservative  approach,  while  keeping  the  proper 


*Q,  are  parameters  which  depend  upon  crack  shape,  wall  thickness,  emd 
yield  strength. 
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FIGURE  4.  FATIGUE  ENDURANCE  VS.  DAMAGE  TOLERANCE  (AISI-2330) 
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phasing  between  vertical,  lateral,  and  longitudinal  load  cycles  as  derived 
from  Metro liner  tests: 


Vertical/Lateral/Longitudinal  = 2/1/1  (18) 


The  longitudinal  loading  was  established  deterministically  by  counting 
the  niOTber  of  significant  braking/traction  events  in  the  Metroliner 
operating  profile  (19  per  one-way  run)  and  by  assuming  that  the  wheels 
would  engage  at  the  maximum  wheel/rail  friction  coefficient  (0.15)  for 
these  events.  Over  the  post-modification  service  life  of  the  vehicle, 
these  calculations  resulted  in  3.28  x 10^  cycles  at  0.15  "g".  From  Eq.  18, 
the  corresponding  figures  are  3.28  x 10^  lateral  cmd  6.56  x 10^  vertical 
cycles  per  life,  these  figures  being  used  to  enter  the  appropriate  exceed- 
ance curves  (Eq.  15)  to  obtain  corresponding  lateral  and  vertical  accelera- 
tion amplitudes.  A "scatter  factor"  of  4 was  then  incorporated*  by  extend- 
ing the  test  plan  to  4 times  the  number  of  cycles  given  above,  with  the 
final  results: 


Vertical:  2.6  x 10^  cycles  @0.3  "g" 

Lateral:  1.3  x 10^  cycles  0 0.15  "g" 

Longitudinal:  1.3  x lo^  cycles  0 0.15  "g" 

CONCLUSIONS 

The  Metroliner  case  study  was  a useful  learning  exercise,  even 
though  the  conservative  design  of  its  General-70  truck  made  fracture 
safety  analysis  somewhat  of  a minor  issue.  The  study  did  suggest 
approaches  to  several  areas  in  criteria  development  for  future,  higher 
speed  designs. 

In  the  materials  area,  cost-control  for  rail  vehicle  running  gear, 
with  its  complex  shapes,  suggests  continued  use  of  castings.  Also,  high 
material  test  costs  cannot  be  justified  for  each  new  design  development. 
Hence,  the  criteria  in  this  area  should  focus  on  extension  of  the  handbook 
data  base,  together  with  a minimum  set  of  quality-assurance  tests  from 
which  all  the  mechanical  properties  can  be  correlated  with  confidence. 

Load  spectrum  development  has  been  given  a good  start,  but  further 
study  of  this  area  is  needed.  An  experimental  study  with  freight  cars  [18] 
has  shown  that  truck  loads  on  curved  track  depend  upon  the  radius  and  are 
quite  different  from  the  loads  on  tangent  track.  Hence,  a stationary 


hypothesis  may  not  be  justified.  Track  roughness  may  or  may  not  be 
Gaussian;  additional  data  must  be  gathered  and  subjected  to  more  thorough 
analysis  to  determine  the  process  distribution.  Also,  realistic  life 
models  must  take  the  realities  of  maintenance  into  account  by  assigning 
some  fraction  of  life  to  "degraded-mode”  operation.  Degraded  modes  in 
railcar  trucks  are  usually  high-gain  conditions  caused  by  damper  failures 
not  spotted  by  maintenance  personnel.  Data  need  to  be  gathered  by  the 
operating  orgcuiization  to  permit  assessment  of  the  frequencies  and  types 
of  degraded  modes  which  should  be  expected.  As  new  designs  become  lighter 
auid  more  highly  stressed,  the  detailed  load  spectrum  estimate  should  be 
used  to  establish  more  realistic  multi-amplitude  block  loading  for  the 
full  scale  fatigue  test. 

Finally,  perhaps  the  most  important  item  is  to  recognize  that  railcar 
trucks  are  very  different  from  airframes,  ship  hulls  and  other  large  struc- 
tures, in  that  their  dyneimics  are  continuously  nonlinear.  Hunting  motions 
are  one  example,  but  even  below  critical  speed  the  numerous  springs  and 
dampers  in  a truck  are  engaged  in  their  nonlinear  ranges  more  or  less 
continuously  by  design  intent  to  provide  good  ride  quality.  Hence,  the 
stress  spectra  in  the  truck's  components  will  generally  be  non-Gaussian, 
even  though  the  input  may  be  Gaussian.  Componentization  of  the  full-scale 
fatigue  test  has  been  suggested  as  a cost-control  measure  [19],  but  the 
nonlinear  effects  on  load  transfer  between  components  must  be  properly 
assessed  to  maintain  test  realism. 

The  next  phase  of  the  Metroline.'  Ride  Improvement  Program  will  pro- 
vide answers  to  some  of  the  questions  which  have  been  raised  about  load 
spectra  and  the  effects  of  truck  nonlinei rities.  After  a prototype  modifi- 
cation has  been  completed  on  one  car,  it  is  planned  to  include  strain-gage 
instrumentation  to  pick  up  strain  spectra,  as  well  as  the  usual  accelera- 
tion spectra,  during  the  subsequent  ride-quality  tests.  The  Metroliner 
case  study  will  then  assess  the  accuracy  of  the  simplified  models  and 
indicate  how  much  these  models  should  be  refined  for  the  general  criteria. 
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AVOIDANCE  OF  FATIGUE  CRACK  GROVTTH  IN  SHIPS'  HYDRAULIC  EQUIPMENT 

L P Pook 

(National  Engineering  Laboratory 
East  Kilbride,  Glasgow,  Scotland) 

INTRODUCTION 


This  investigation,  which  has  previously  been  outlined  [1] , is  fairly 
typical  of  a number  carried  out  at  NEL  over  the  past  few  years,  in  that  a 
quick  answer,  based  on  limited  information,  had  to  be  given.  Only  infor- 
mation which  was  available  at  the  time  of  the  investigation  is  included, 
and  proprietary  detail  has  been  omitted. 

In  the  manufacture  of  some  ships'  hydraulic  equipment  it  was  the  usual 
practice  to  machine  the  port  blocks  required  from  heavy  section  plate.  Care 
was  needed  in  manufacture  as  a failure  could  disable  a ship  with  serious 
safety  and  financial  consequences.  It  was  therefore  standard  practice  to 
give  the  plate  to  be  used  for  port  blocks  a 100  per  cent  ultrasonic 
examination.  Any  areas  which  had  given  ultrasonic  indications  were  avoided 
when  cutting  out  the  port  blocks  to  avoid  ports  intersecting  flaws. 

The  equipment  concerned  was  being  made  in  a larger  size  than  usual,  and  the 
ultrasonic  examination  of  the  100  mm  plate  to  be  used  gave  indications  of 
planar  flaws  in  the  region  of  the  centre  line.  Sectioning  through  sample 
suspect  areas  uncovered  laminations  which  might  intersect  the  25  mm  diameter 
ports  required  at  the  centre  of  the  plate,  as  shown  schematically  in  Fig.  1. 


Figure  1 Schematic  Section  Through  100  mm  Plate 

It  was  impossible  to  avoid  faulty  regions  when  cutting  out  the  port  blocks 
required,  nor  could  replacement  plate  be  obtained  in  time  to  meet  the 
delivery  date.  A possible  alternative  was  to  machine  the  port  blocks  from 
specially  produced  forgings.  This  was  regarded  as  an  emergency  measure 
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involving  a cost  penalty.  Work  on  the  forgings  would  have  to  be  initiated 
immediately  if  the  delivery  date  were  to  be  met.  At  this  stage  the  firm 
telephoned  NEL  and  was  visited  the  following  day. 

The  plate  involved  was  a ship  steel  to  BS  4360.  Loading  was  cyclic  in 
nature  from  zero  to  a peak  pressure.  The  number  of  cycles  during  the  expected 
life  of  the  equipment,  and  the  statistical  distribution  of  the  peak  pressures 
were  both  unknown.  The  maximum  operating  pressure  was  34.5  MN/m^. 

FORMULATION 

In  the  absence  of  a detailed  service  pressure  history  the  only  safe  course 
was  to  ensure  that  a port  block  would  have  an  indefinite  life  under  the 
pressure  cycle  0-34.5  MN/m^.  The  laminations  can  be  regarded  as  crack-like 
flaws  so  that  a fracture  mechanics  approach  was  appropriate.  The  problem 
amounted  to  the  determination  of  the  maximum  permissible  flaw  size  for  the 
most  severe  type  of  crack  which  can  be  postulated.  For  the  port  block  this 
was  a crack  intersecting  a port  block,  both  because  a surface  crack  is  more 
severe  than  a buried  crack  of  the  same  size,  and  because  fluid  pressure  can 
penetrate  such  a crack  [1] . Indefinite  life  was  required,  so  the  permissible 
crack  size  was  that  which  would  just  not  grow  under  the  pressure  cycle 
0-34.5  MN/m^;  any  fatigue  crack  growth  would  inevitably  lead  to  eventual 
failure . 

It  is  known  [1]  that  a crack  will  not  grow  under  a fatigue  loading  unless 
the  range  of  opening  mode  stress  intensity  factor  AKx  exceeds  a threshold 
value  When  a load  cycle  extends  below  zero,  by  convention,  AKi  is 

calculated  only  from  the  positive  part  of  the  load  cycle.  Relevant  threshold 
data  that  were  available  [2,3]  are  given  in  Table  I;  these  are  in-air  data 
except  where  stated.  No  information  was  available  for  BS  4360  steel,  but 
this  was  unimportant  because  fatigue  crack  growth  thresholds  are  largely 
independent  [2]  of  a steel's  tensile  strength  or  composition.  They  do 
depend  on  the  value  of  R,  where  R is  the  ratio  of  minimum  to  maximum  load  in 
the  fatigue  cycle.  Values  for  zero  mean  load  (R  - -1)  are  much  the  same  as 
for  zero  to  tension  loading  (R  ■ 0),  ad  immersion  of  mild  steel  in  SAE  30 
engine  oil  slightly  increases  the  threshold.  With  these  facts  in  mind,  a 
AKjc  value  of  7.3  MN/mJ  was  selected  for  calculations. 

ASSESSMENT 

The  expression  for  AKj  can  be  written  in  the  general  form 

AKj  ■ Ao(wa)^a  (1) 

where  Ao  is  the  tensile  range  of  applied  stress  across  the  crack, 

a in  this  case  is  crack  depth,  and 

a is  a geometric  correction  factor  of  the  order  of  one. 


4.3.2 


Table  I Values  of  for  Various  Steels 


Material 

Tensile  Strength 

R 

AKic 

MN/m^ 

MN/mi 

Mild  steel 

430 

-1 

6.4 

0.13 

6.6 

0.35 

5.2 

0.49 

4.3 

0.64 

3.2 

0.75 

3.8 

Mild  steel  in  tap  water 

430 

-1 

7.3 

or  SAE  30  engine  oil 

Low  alloy  steel 

680 

-1 

6.3 

0 

6.6 

0.33 

5.1 

0.50 

4.4 

0.64 

3.3 

0.75 

2.5 

Maraging  steel 

2000 

0.67 

2.7 

18/8  austenitic  steel 

665 

-1 

6.0 

0 

6.0 

0.33 

5.9 

0.62 

4.6 

0.74 

4.1 

For  rough  calculations  it  is  often  permissible  [1]  to  take  a as  one,  pro- 
viding that  is  a suitable  nominal  stress  range.  Assuming  the  crack  to 
be  small  compared  with  port  diameter  this  could  be  taken  as  the  hoop  stress 
range.  The  geometry  was  equivalent  to  a very  thick  walled  cylinder  under 
internal  pressure,  for  which  the  hoop  stress  approaches  the  internal  pressure 
as  wall  thickness  increases,  therefore  the  peak  hoop  stress  could  be  taken  as 
34.5  MN/m^.  However,  in  the  geometry  considered,  pressure  could  penetrate 
the  crack;  this  is  equivalent  to  a stress  equal  to  the  pressure  across  the 
crack  [1] . The  pressure,  therefore,  had  to  be  added  to  the  hoop  stress 
which  gave  a peak  effective  hoop  stress  of  69  MN/m^,  and  this,  for  the 
zero-to-pressure  loading  involved,  was  also  the  stress  range. 

Substituting  AKxc  ~ 7.3  MN/mi  and  Ao  ■ 69  MN/m^  gave  a ■ 3.6  nm  as  the  flaw 
depth  which  would  just  not  grow.  As  with  most  loadings  AKx  increased  with 
crack  size  so  that  crack  arrest  could  not  occur  and,  as  already  stated, 
failure  could  be  regarded  as  inevitable  once  crack  growth  started.  The 
maximum  permissible  flaw  depth  was  therefore  3.6  mm. 

It  was  immediately  obvious  that  such  a flaw  situated  at  a port  was  far  too 
small  for  reliable  detection  with  the  available  non-destructive  testing 
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equipment,  and  as  flaws  had  been  detected  the  plate  would  have  to  be  scrapped. 
Equally  obviously  there  was  no  point  in  carrying  out  more  refined  calculations 
using  more  accurate  expressions  [4]  for  stress  intensity  factors,  perhaps 
covering  a range  of  postulated  crack  shapes.  The  practice  of  requiring  plate 
for  the  manufacture  of  port  blocks  to  be  free  of  ultrasonic  indications, 
using  a particular  set  of  equipment  was  confirmed  as  correct. 

This  is  an  example  of  how  a simple  'back  of  an  envelope  calculation*  based 
on  apparently  inadequate  information  can,  and  in  fact  often  does,  lead  to  a 
quick,  clear-cut  decision  on  the  acceptability  of  a particular  type  of  flaw. 

It  could  be  argued  that  requiring  an  indefinite  life  at  cycles  of  zero  to 
the  maximum  working  pressure  introduced  too  much  conservatism,  and  that  an 
extensive  investigation  might  have  revealed  that  larger  flaws,  of  an  easily 
detected  size,  could  have  been  tolerated.  However,  in  this  particular  case, 
there  was  no  time  to  obtain  information,  especially  on  the  actual  service 
pressure  history.  Moreover  the  cost  of  such  an  investigation  into  a one-off 
problem  could  not  have  been  justified. 

CONCLUSIONS 

Within  24  hours  of  the  original  enquiry,  a decision  to  scrap  the  plate 
material  and  replace  with  forgings  had  been  taken  by  the  firm  concerned. 
Scrapping  material  containing  defects  is  the  obvious  safe  policy,  but  it 
can  lead  to  unnecessary  expense  when  material  which  would  have  been  fit  for 
the  intended  purpose  is  discarded.  In  this  case  it  was  possible  to  support 
the  decision  by  a technical  argument  which  helped  convince  a cost  conscious 
management . 
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INTRODUCTION 

In  the  autumn  of  1974  the  USS  Barbey  (DE1088)  lost  its  propeller  during 
maneuvers  off  Long  Beach,  California.  Just  prior  to  the  accident,  the 
Barbey  began  a "crash-astern”  evolution  from  full  power  ahead.  The  crew 
noted  severe  vibrations  which  increased  as  the  evolution  progressed,  until 
about  mid-way  into  the  maneuver,  at  which  time  thrust  was  lost.  Immediate 
investigation  revealed  that  all  five  propeller  blades  had  separated  from  the 
hiib  and  had  sunk  in  deep  water,  preventing  recovery  cf  the  parts.  Subse- 
quently, the  U.S.  Navy  asked  MIT  to  conduct  a technical  investigation  which 
included  assessment  of  a similar  twin-screw  design  for  the  USS  Spruance 
(DD963) . The  Navy  was  primarily  concerned  with  the  latter  ship,  which  was 
the  forerunner  of  a destroyer  class,  and  which  was  scheduled  to  begin  sea 
trials  in  the  spring  of  1975.  There  was  somewhat  less  concern  edaout  the 
Barbey,  a prototype  destroyer  escort  which  was  not  to  be  produced  as  a 
class. 

The  objectives  of  the  MIT  investigation  were  to  analyze  the  Barbey 
failure,  to  recommend  modifications,  and  to  assess  the  safe  operational 
limits  of  three  designs:  Barbey  (original),  Barbey  (modified)  and  Spruance. 
The  task  was  complicated  by  the  facts  that  the  Barbey  and  Spruance  propeller 
pitch-control  mechanisms  were  developed  by  different  manufacturers  and  were 
different  in  detail.  Also,  these  were  new  designs,  although  controllable- 
pitch  propellers  had  been  installed  on  many  commercial  and  some  naval  ships 
in  Europe. 

Figure  1 illustrates  some  of  the  mechanical  details  of  a typical 
controllable-pitch  propeller.  The  pitch  mechanism,  contained  within  the 
hub,  is  operated  by  a hydraulic  system  controlled  through  the  hollow  center 
of  the  shaft.  Blade  pitch  is  changed  by  spindle  torques  which  the  hydraulic 
system  applies  to  crank  rings  located  under  each  blade.  The  palm  of  the 
blade  is  secured  to  the  crank  ring  by  six  or  eight  large-dieuneter  blade 
bolts,  which  are  installed  with  pre-tension  to  make  the  crank  ring  and  blade 
palm  act  like  a single  solid  piece.  Pitch  and  RPM  rates  of  change  are  quite 
severe  in  the  high-speed  maneuvers  executed  by  destroyers  and  destroyer 
escorts,  particularly  because  new  ships  in  these  classes  combine  gas-turbine 
engines  with  CP  propellers.  Since  the  revolution  of  a gas-turbine  engine 
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FIGURE  1.  PITCH-CONTROL  MECHANISM 
IN  A TYPICAL  CP  PROPELLER 


I 


4.4.2 


t 


cannot  be  reversed,  the  propeller  shaft  always  spins  in  the  same  direction. 
Hence,  in  a crash-astern  evolution  such  as  executed  by  the  Barbey,  the  pro- 
peller pitch  is  changed  rapidly  from  forward  to  reverse  while  the  ship  is 
still  steeuning  fdiead.  The  large  unsteady  hydrodyncunic  forces  thus  created 
on  the  blades  are  reacted  by  the  blade  bolts  ^md  crank  rings. 

The  Navy's  investigation  of  the  Barbey  accident  revealed  the  following 
information  which  bears  upon  the  technical  analysis.  The  Barbey  had  executed 
a few  crash-astern  evolutions  during  previous  trials.  The  Barbey  had  accumu- 
lated cibout  one  year  of  service  at  the  time  of  the  accident.  The  blade  bolts 
had  been  replaced  during  a dockyard  inspection  about  3 months  prior  to  the 
accident.  The  original  bolts  (17Cr-4Cu-PH  stainless  steel)  had  apparently 
been  insufficiently  pretensioned  in  scxne  cases  and  exhibited  severe  stress- 
corrosion  cracking.  New  blade  bolts  of  the  same  material  were  emplaced,  but 
the  installation  procedure  was  changed  from  achieving  a specified  wrench- 
torque  to  achieving  a specified  shank  elongation,  as  measured  by  a feeler 
gage  inserted  in  a central  hole  bored  into  the  shank  from  the  bolt  head.  No 
bolts  were  recovered  after  the  accident,  but  parts  of  some  crank  rings 
remained  in  the  hub.  After  the  Barbey  had  been  towed  back  to  port,  these 
parts  were  removed  and  examined  metallurgically.  The  metallurgical  data 
indicated  that  the  fracture  toughness  of  the  crank  ring  material  (AISI-4340 
casting)  was  considerably  lower  than  the  handbook  value.  A similar  investi- 
gation of  the  Spruance  crank  ring  material  (AISI-4150  forging)  also  revealed 
low  fracture  toughness.  Finally,  measurements  of  shaft  thrust  were  available 
for  the  Barbey  from  the  earlier  crash-astern  trials.  These  measurements 
had  been  obtained  from  a shaft  strain  gage  at  approximately  10-second 
intervals. 

In  the  light  of  the  accident  investigation  data,  fatigue-crack  propaga- 
tion was  judged  to  be  the  probable  cause  of  the  loss  of  the  Barbey 's  pro- 
peller. Both  the  crank  rings  and  the  blade  ixjits  were  deemed  to  be  poten- 
tially critical  parts.  The  MIT  investigation .therefore  focussed  on  these 
parts.  The  Navy  requested  a rapid  engineering  assessment  in  order  to  have 
recoimnendations  formulated  prior  to  the  scheduled  sea- trials  of  the  USS 
Spruance.  Of  necessity,  many  assumptions  had  to  be  made  to  complete  the 
assessment  on  schedule,  in  view  of  the  small  amount  of  service  data  avail- 
able. A detailed  assessment  was  necessary  because  the  crank  rings  and  blade 
bolts  are  forced  to  be  highly  stressed  designs  by  constraints  on  availcible 
volume  within  the  propeller  hub. 


ANALYSIS 

Five  areas  of  pertinent  engineering  analysis  were  identified  for  the 
MIT  investigation  [1] . First,  scale-model  testing  and  dynamic  hydroelastic 
euialysls  of  the  Barbey  propeller  were  required  to  estimate  the  actual  steady 
and  unsteady  blade  loads  during  high-speed  maneuvers.  Second,  an  operational 
scenario  for  destroyers  and  destroyer  escorts  had  to  be  constructed  to  define 
a typical  cyclic  service- load  history.  Third,  stress  analyses  of  the  blade 
bolts  and  crank  rings  were  required  to  relate  applied  loads  to  stresses  and 
to  identify  the  critical  locations  in  these  parts.  Fourth,  a crack  propaga- 
tion analysis  had  to  be  made  to  assess  the  safe  operational  life  of  each 
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design.  Finally,  metallurgical  data  and  opinion  had  to  be  gathered  and 
evaluated  to  justify  recommendations  for  material  selection,  with  particular 
reference  to  the  seawater  environment. 

A dynamic  finite-element  analysis  of  one  blade  was  conducted  to  estimate 
resonant  frequencies  for  the  Barbey's  propeller.  The  finite-element  model 
consisted  of  72  triangular  assumed-stress  hybrid  plate-bending  elements  [2] 
and  245  degrees  of  freedom.  The  first  5 resonant  frequencies  and  mode  shapes 
were  calculated  by  the  subspace  iteration  method  [3,4].  The  influence  of 
centrifugal  tension  on  blade  frequencies  was  judged  to  be  negligible  for 
low-aspect- ratio  CP  propellers.  However,  the  effect  of  the  surrounding 
water  as  an  apparent  mass  was  included  in  the  analysis.  An  upper-bound 
ratio  of  apparent  mass-density  to  density  of  the  blade  vibrating  in  air: 


p/p  = 4.46 
o 


(1) 


was  calculated  from  high-aspect-ratio  airfoil  theory.  A probable  value: 


p/p  = 3.64  (2) 

o 

was  estimated  from  low-aspect-ratio  theory.  Figure  2 illustrates  the  vibra- 
tion frequencies  and  mode  shapes  for  two  blade  materials:  handbook  bronze 
and  the  Ni-Al  bronze  alloy  used  to  fcibricate  the  Spruance  blades.  A study 
was  made  to  evaluate  the  possibility  of  load  amplification  due  to  blade 
flexure.  Classical  flutter  and  stall-flutter  were  eliminated,  but  wake- 
induced  flutter  could  occur  at  the  lowest  torsional  frequency  of  the  blade 
when  the  propeller  operates  in  a ring-vortex  mode  [5] , since  this  frequency 
coincides  with  the  9th  to  11th  multiples  of  shaft  RPM.  While  not  a direct 
cause  of  catastrophic  failure,  wake-induced  flutter  was  judged  to  be  a 
contributor  to  the  general  level  of  cyclic  fatigue  loads  during  crash-astern 
maneuvers . 

Steady-state  hydrodynamic  calculations  performed  with  the  MIT-PINV-1 
computer  code  [6]  indicated  that  the  Barbey  propeller  might  operate  in  the 
ring-vortex  mode  during  certain  portions  of  a crash-astern  maneuver.  An 
order-of-magnitude  estimate  of  the  transient  effect  of  the  ring-vortex 
suddenly  being  blown  away  was  made  by  running  the  same  program  with  the 
vortex  removed.  The  resulting  thrust  was  approximately  doubled  (from  250,000 
to  500,000  lbs.).  This  analysis  can  hardly  be  taken  too  seriously,  but  it 
indicates  that  transient- load  increases  of  as  much  as  50  percent  above  steady 
state  might  occur  in  service. 

A reasonably  close  simulation  of  the  Barbey's  propeller  and  afterbody 
was  set  up  in  the  20-inch  square  test  section  of  the  MIT  Hater  Tunnel.  The 
blades  from  NSRDC  Propeller  No.  4402  (very  close  to  the  actual  design'  were 
combined  with  a hub,  a splitter  plate  to  simulate  the  hull  above  the  pro- 
peller, and  shaft  struts  built  for  scale  tests  of  the  Navy  SEA-CONTROL  ship.  ^ 
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Figure  3 illustrates  the  test  configuration,  together  with  photographs  of 
the  ring-vortex  and  cavitation  phenomena  observed  in  representative  crash- 
astern  simulations.  At  high  forward  speeds  and  negative  pitch  settings 
(corresponding  to  rapid  pitch  reduction  from  full  speed) , a highly  unstable 
cavity  flow  develops,  with  the  cavity  "blowing  out"  to  a radius  much  larger 
than  that  of  the  propeller.  Pieces  of  the  tip  vortex  are  convected  by  the 
turbulent  flow  into  the  outer  stream,  where  they  either  break  away  suddenly 
or  strike  the  hull  surface  with  a sharp  cracking  noise.  The  severe  vibra- 
tion levels  could  be  felt  by  personnel  standing  on  the  laboratory  floor, 
several  feet  from  the  water  tunnel. 

To  complete  the  hydrodynamic  analysis,  the  characteristics  of  the 
cavitating  propeller  obtained  from  the  tunnel  tests  were  used  as  input  data 
to  a one-degree-of- freedom  computer  program  to  calculate  ship  speed  and 
propeller  thrust  versus  time  for  any  prescribed  time-history  of  pitch  and 
RPM.  The  first  case  studied  corresponded  to  the  pitch  and  RPM  recorded 
during  crash-astern  trials  for  the  USS  Barbey.  The  prediction  agreed  well 
with  both  measured  thrust  (Fig.  4)  and  stopping  time  (120  seconds  predicted, 
110  seconds  in  trial) . Other  combinations  of  pitch  and  RPM  were  then  tried 
to  determine  an  upper  bound  on  propeller  forces.  Prom  these  calculations, 
the  worst  case  was  estimated  to  produce  a quasi-steady  thrust  of  -393,000 
lbs.  and  a torque  of  300,000  lb. -ft.,  with  unsteady  components  at  50  percent 
of  the  steady  values.  This  resulted  in  an  estimate  of  the  extreme  crash- 
astern  load  60  percent  greater  than  had  been  assumed  by  the  designers. 

An  operational  scenario  was  constructed  from  design  data  describing 
shaft  RPM  versus  hours/year  for  the  USS  Spruance  [7).  These  data  are 
summarized  in  Table  I.  At  the  110-RPM  condition  (ship  speed  of  22  Kt) , the 
hydrodynamic  propeller  loads  were  estimated  to  be  47  _+  10  percent  of  design- 
full-power-ahead  (DFPA)  loads,  where  the  +10  percent  represents  unsteady 
loads  18].  This  condition  was  taken  to  represent  the  state  which  precedes 
any  high-speed  operation,  with  a load  minimum  (37  percent  DFPA)  assumed  to 
occur  just  before  the  first  high-speed  load  peak.  The  shaft  RPM  values 
between  140  and  168  were  taken  to  represent  high-speed,  high-stress  opera- 
tions (full-power  ahead,  full-power  turn,  and  crash-astern) . Summation  of 
the  RPM-time  products  for  these  57.5  hours/year  gave  an  estimate  of  521 
Kc/year  of  load  cycles  with  high  mean  and  small  amplitude.*  Low-high  cycles 
(analogous  to  ground-air-ground  cycles  in  airplanes)  occur  much  less  fre- 
quently, but  are  more  damaging.  The  frequency  of  low-high  cycles  was  esti- 
mated to  be  2.2  Kc/year  by  assuming  a "mission  profile"  of  10/1  full-power 
turns/full-power  ahead,  with  average  durations  of  15  seconds  per  FPT  (zig- 
zag maneuvers)  and  15  minutes  per  FPA. 

Static  stress  analyses  of  the  crank  rings  were  performed  at  the  C.  S. 
Draper  Laboratory,  using  the  MIT  ICES/STRUDL-II  finite-element  code  [9] . 


* 

For  the  USS  Barbey,  mean  loads  ranged  from  120  to  172  percent  DFPA  and  the 
alternating  component  was  estimated  to  l>e  +15  percent  DFPA.  The  correspond- 
ing figures  for  the  USS  Spruance  were  133  to  194  £md  +25  percent  DFPA. 
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FIGURE  3.  MODEL  PROPELLER  AND  OBSERVATIONS 
OF  CRASH-ASTERN  SIMULATION 
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FIGURE  4.  PREDICTED  AND  MEASURED  SHIP 
DECELERATION  DURING  CRASH-ASTERN  TRIAL 
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Table  I 

Hours/Yoar  as  a Function  of  Shaft  RPM 


RPM 

Hrs/Yr 

RPM 

Hrs/Yr 

RPM 

Hrs/Yr 

RPM 

Hrs/Yr 

55 

584.5 

80.2 

297.1 

110. 0^ 

219.2 

134.5 

14.6 

57 

302.0 

85 

316.6 

114.5 

73.1 

140. 2** 

14.6 

61.5 

326.  3 

90 

350.7 

119.5 

63.3 

148.0** 

14.6 

66 

341.0 

95 

356.  3 

124.0 

29.2 

154.5** 

14.6 

70.  5 

345.8 

100 

433.  5 

126.  5 

26.7 

160.0** 

9.7 

75.5 

331.2 

105 

1 

365.3 

129.0 

24.  3 

168. O^^ 

4.0 

♦Corresponds  to  ship  speed  of  22  Kt. 
♦♦Assumed  to  be  high-stress  operations. 


Separate  analyses  were  conducted  for  the  five  principal  load  components 
imposed  on  the  crank  ring  by  blade  loads  and  bolt  pre-tension.  Of  these, 
three  components  (bending  moment  due  to  blade  thrust,  centrifugal  blade 
forces,  and  blade-bolt  pre-tension)  were  found  to  cause  significant  stress 
levels.  The  computed  results  were  supplemented  by  applying  handbook  stress- 
concentration  factors  [10,11)  to  fillet  and  thread  details  in  critical 
areas.  The  reason  for  the  need  to  supplement  the  computer  calculations  can 
be  seen  from  Fig.  5,  which  shows  a perspective  view  of  the  finite-element 
mc'del  of  one  of  the  crank  rings.  The  model  is  assembled  from  3D  isopara- 
metric, linear  assumed-displacement  tetrahedra  and  hexahedra  [12].  Restric- 
tions on  available  computer  core  memory  and  CPU  time  limit  the  models  to 
about  500  elements.  However,  the  straight  element  edges  reproduce  the 
curved  geometry  of  the  part  poorly.  Also,  many  elements  have  elongated 
shapes,  which  reduces  the  accuracy  of  the  analysis  [13,14]. 

Figure  6 illustrates  a schematic  radial  section  through  a typical  crank 
ring,  indicating  the  two  stress-critical  areas  which  were  found  in  all 
designs.  The  principal  contributor  to  short  crack-propagation  life  is  the 
relatively  thin  outer  wall  region  between  the  blade  bolt-hole  and  the  crank 
ring  bearing  lip  (0.44  inch  for  the  Barbey,  1.5  inches  for  the  Spruance) . 
This  is  aggravated  by  the  presence  of  cut-in  oil  grooves  and  fillets  on  the 
' outer  wall  surface,  and  by  thread  grooves  in  the  bolt-hole.  None  of  these 

( details  can  be  adequately  represented  by  the  finite-element  model. 
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FIGURE  5.  USS  BARBEY  CRANK  RING 
FINITE-ELEMENT  MODEL 
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Pre-tension  was  found  to  be  the  most  significant  contributor  to  blade 
bolt  stress.  Accordingly,  the  initial  stress  state  in  the  bolts  was 
analyzed  by  applying  stress-concentration  factors  to  the  nominal  shank 
tensions,  using  the  bolt  engagement  scenarios  as  a guide.  The  bolt  designs, 
materials  and  installation  procedures  are  completely  different  for  the  two 
designs.  Figure  7 illustrates  the  bolt  geometries  and  summarizes  the  stress 
concentration  factors  which  could  be  estimated  from  handbook  data.  The 
Barbey  bolt  is  fabricated  from  17%  Cr  - 4%  Cu  precipitation-hardening  stain- 
less steel  aged  to  the  HllOO  condition  (f  ~ 115  ksi).  This  bolt  is 
installed  by  turning  down  to  70  ksi  in  the^shank  (as  determined  by  center- 
bore  dial-gage  extension  measurement  correlated  with  measurements  on  bolts 
pulled  in  tension) , and  then  backing  off  to  35  ksi  pre-tension.  The  Spruancc 

bolt  is  fabricated  from  intermediate-strength  AISI-4340  steel  (f  ~ 180  ksi) 

tv 

and  has  a large  centerbore.  A hydraulic  system  is  installed  over  exterior 
threads  on  the  bolt-head  (not  shown)  and  is  pressurized  to  set  up  a pre- 
scribed shank  tension  (136,000  lbs.  nominal,  190,000  lbs.  maximum  allowable). 
The  bolt  is  then  turned  in  "hand- tight" , and  the  hydraulic  system  is 
depressurized.  To  complete  the  installation,  the  hydraulic  system  is 
removed  and  replaced  by  a plastic  protective  cover.  The  stress  calculations 
for  both  bolts  indicated  that  plasting  yielding  would  occur  in  the  top  few 
turns  of  thread,  until  enough  yielding  had  taken  place  to  distribute  the 
load  uniformly. 

Crack  propagation  analyses  were  conducted  for  the  blade  bolts,  both 
crank  rings,  and  a proposed  modification  of  the  Barbey  crank  ring  in  which 
the  oil  groove  was  eliminated  and  the  outer  wall  thickness  increased  from 
0.44  to  0.84  inch.  A restricted  version  of  the  Forman  equation  [15]  was 
used  in  the  analysis: 


, ,,  - C(AK)"' 

da/dn  = 


for  AK  _>  and  AK  « where: 

a = Current  crack  size 

n = Independent  variable  (number  of  load  cycles) 

Ak  = Stress  intensity  range 

R = Stress  ratio  = S . /S 

min  max 

AK^j^  = Threshold  stress  intensity  range  for  crack 

propagation  (material  property) 

Kjc  = Material  fracture  toughness 

and  where  C,  m are  constants  empirically  fit  to  crack  growth-rate  data. 
Several  low-carbon  ferritic  steels  with  a wide  range  of  nominal  fracture 
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FIGURE  7.  COMPARISON  OF  BLADE  BOLTS 
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toughness  were  considered  for  both  ships  (see  Tcible  II) . On  the  basis  of 

Table  II 


Typical  Values  for  Steels  at  75°F 


Alloy 

(ksi  /In. ) 

Remarks 

AISI-4340 

40 

Worst  handbook  value 

AISI-4140 

60  - 80 

Handbook  range  for  high-strength 
alloy,  f^  to  220  ksi,  CVN  = 12  to 

16  ft.  lb. 

AISI-4140 

100  - 120 

Intermediate-strength  alloy,  f.  = 

100  to  130  ksi,  CVN  = 30  to  40  ft.  lb. 

HY-130 

17-4-PH  (1100) 

150  - 300 

108 

Upper  lx)und  is  controversial 

[18] 

"4340" 

60  - 80 

NSRDC  test  of  DE1088  crank  ring; 
f^-y  ~ 115  ksi,  CVN  = 6 to  11  ft.  lb. 

"4150" 

55  - 70 

NSRDC  test  of  DD963  crank  ring; 
f^y  ~ 120  ksi,  CVN  = 8 to  11  ft.  lb. 

dry-air  crack-propagation  tests  at  R = 0.05  [16,17],  these  alloys  can  be 
fit  as  a class  with  upper-bound  values  C = 0.627  x 10~®,  m = 2.25,  and  with 
AKth  - 5 ksi  /in. , with  da/dn  in  units  of  inch/cycle  and  AK  in  ksi  /in. 

The  data  and  fits  are  reproduced  in  Fig.  8,  which  includes  data  for  17Cr- 
4CU-PH  stainless  steel  as  well  [18].  As  indicated  in  the  figure,  the 
values  of  C =•  2.7  X 10”^®  euid  m » 3 give  a lower  bound  for  17Cr-4Cu-PH 
stainless  steel. 

Since  no  service  data  on  initial  damage  were  available.  Eg.  3 was 
integrated  from  threshold  crack  sizes  under  scenarios  which  assumed  simple 
crack  and  structure  geometries.  Cracks  were  assvoned  to  start  as  semi- 
elliptical surface  flaws,  for  which  the  stress  intensity  is  given  by  [19]: 


» 1.1  S Mj^/ira/Q  (4) 
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FIGURE  8.  CRACK  ORCMTH  RATE  DATA  C16,17,i83 
AND  EMPIRICAL  FITS 
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where  M)^,  Q are  functions  of  crack  size,  crack  shape,  wall  thickness,  and 
f^y,  and  where  S is  taken  from  the  static  stress  analyses  of  critical  areas. 
After  growing  through  the  minimum  wall  thickness  of  a crank  ring,  the  crack 
was  assumed  to  propagate  around  an  annulus  surrounding  the  bolt  hole.  Bolt 
cracks  were  arbitrarily  and  quickly  transitioned  to  straight  edge-cracks, 
based  on  the  authors'  experience  with  bolt  failures  in  other  applications. 
Equations  4 and  5 were  then  replaced  by  2D  K-solutions  for  through-cracks, 
a drastic  approximation,  but  one  which  did  not  influence  the  results  exces- 
sively because  second-stage  growth  occurs  quickly  relative  to  the  propagation 
of  surface  cracks.  Crack  growth  was  stopped  when  the  first  of  two  events 
(K  = K or  net-section  failure  by  plastic  yield)  was  reached. 

LC. 

Results  for  the  crank  rings  are  illustrated  in  Fig.  9.  Separate  curves 
for  the  high-speed  and  low-high  cycles  are  shown,  and  the  beneficial  effect 
of  wall  thickness  is  evident  for  both  load  conditions.  These  data  are  cross- 
plotted  in  Fig.  10  to  show  the  safety  limit  as  a function  of  assumed  initial 
crack  size.  The  plots  combine  high-speed  and  low-high  loading  by  linear 
damage- summation: 


_ High-Speed  Cycles  Low-High  Cycles  . . 

521  Kc/Year  2.2  Kc/Year 

where  CY  is  the  number  of  calendar  years  to  fracture.*  Also,  the  Fig.  10 
results  have  been  adjusted  downward  to  account  for  possible  growth-accelera- 
tion due  to  corrosion.  Figure  11  illustrates  similar  results  obtained  for 
the  blade  bolts. 

Alloys  outside  the  class  of  intermediate-strength  low-carbon  steels 
had  never  been  considered  for  the  crank  rings.  Hence,  material  selection 
for  these  parts  was  confined  to  a trade-off  between  fracture  toughness  and 
wall  thickness.  However,  material  selection  for  the  blade  bolts  proved  to 
be  a controversial  subject  because  of  the  different  environmental  sensitivi- 
ties of  low-carbon  steels  versus  17Cr-4Cu-PH  stainless  steel.  The  latter 
alloy  was  favored  by  the  fabricator  of  the  USS  Barbey  propeller  and  by  some 
Navy  personnel  because  of  its  good  resistance  to  crack  nucleation**  (fatigue 
endurance  limit  of  20  ksi  in  seawater,  compared  with  3 to  9 ksi  for  the  low- 
carbon  steels) . However,  the  stainless  alloy  is  more  sensitive  than  low- 
carbon  steels  to  crack  propagation  (Fig.  8) . Additional  metallurgical  data 
and  opinions  on  the  subject  were  gathered  by  informal  consultation  with 
several  metallurgists  in  the  aerospace,  automotive,  and  metals  industries. 
The  details  are  too  numerous  to  recount  here,  but  the  following  generally 
accepted  judgements  are  worth  summarizing: 


* 

Growth  retardation  was  not  considered  in  this  study. 


*• 

Based  on  rotating  bending  fatigue  test  specimens. 
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FIGURE  11.  DAMAGE  TOLERANCE  OF  BLADE  BOLTS 


1.  Probable  corrosion-damage  modes  are  different.  Low-carbon  steels 
normally  exhibit  general  area  corrosion.  However,  17Cr-4Cu-PH 
stainless  is  subject  to  pit-corrosion  and  localized  galvanic  stress- 
induced  corrosion  in  stagnant  seawater  conditions,  such  as  might 

be  found  underneath  bolt-head  protective  covers. 

2.  The  possibility  of  stress-corrosion  cracking  in  AISI-4340  is  of 

some  concern  (f^  = 180  ksi,  < 50  ksi  /in).  Achievement  of 

good  valued  in  PH  stainless  steels  does  not  correlate  with 

overageing. * 

.3.  The  17Cr-4Cu-PH  alloy  is  considered  to  be  highly  sensitive  to 
forging  defects. 

While  gathering  the  cibove  information,  we  also  observed  (as  seems  to  be  the 
case  for  many  fracture  mechanics  assessments)  that  the  environmental  data 
were  difficult  to  evaluate  because  they  were  almost  invariably  based  on  other 
alloy  compositions  and  on  test  conditions  with  environments  and  measured 
parameters  considerably  different  from  those  which  were  important  to  the 
subject  of  our  investigation. 


CONCLUSIONS 


The  following  conclusions  were  drawn  from  the  analysis  of  the  USS 
Barbey  and  USS  Spruance  pitch-control  mechanisms.  Both  steady  and  unsteady 
hydrodynamic  loads  during  crash-astern  maneuvers  appeared  to  be  much  higher 
than  assumed  in  the  design  cycle.  These,  together  with  loads  corresponding 
to  other  high-speed  maneuvers  could  cause  higher  cyclic  stress  levels  in  the 

critical  parts  than  had  been  assiomed  in  design.  Fatigue  crack  propagation 

was  therefore  a concern  in  both  designs,  and  a possible  cause  of  the  USS 
Barbey  accident.  Stress  levels  calculated  for  critical  areas  were  generally 
below  f^y,  but  were  high  enough  to  permit  crack  propagation  from  initial 

damage.  Blade-bolt  pre-tension  was  found  to  be  high  enough  in  both  designs 

to  cause  plastic  yielding  near  the  thread  roots,  a possible  cause  of  initial 
damage.  Poor  installation  procedure  (e.g.  accidental  misalignment  of  the 
bolt  during  seating)  was  also  considered  to  be  a possible  source  of  initial 
dcunage.  The  stress-concentration  factors  in  the  lower  centerbore  of  the 
USS  Spruance  bolts  were  not  quantified,  but  were  of  concern  as  a possible 
contributor  to  stress-corrosion  cracking. 

The  representative  load  history  constructed  from  Spruance  operational 
design  assumptions  and  the  crack  propagation  analyses  indicated  that  high- 
speed-maneuver stress  cycles  were  generally  below  material  AK,pj^,  except  for 
very  large  crack  sizes,  un  the  other  hand,  low-high  cycles  could  propagate 
quite  small  cracks,  but  were  relatively  infrequent.  Hence,  the  safety  limits 
tended  to  be  quite  large  for  small  sizes  of  assumed  initial  damage,  but  they 
decreased  rapidly  for  large  initial  cracks.  With  respect  to  the  USS  Barbey, 


* 

Kjscc  threshold  stress  intensity  for  stress-corrosion  cracking,  i.e. 

propagation  by  chemical  attack  under  static  pre-tension. 
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the  1974  accident  could  be  explained  by  an  initial  flaw  in  the  crank  ring 
with  a characteristic  dimension  of  0.4  inch,  since  the  accident  occurred  at 
about  one  calendar  year  of  service  (see  Fig  10) . A flaw  of  this  size  would 
have  been  almost  through  the  crank  ring  wall  thickness,  and  must  be  classi- 
fied as  an  unusual  forging  defect  which  would  occur  infrequently.  The 
remaining  crank  ring  safety  limit  results  demonstrated  that  the  rings  in  the 
Spruance  were  tolerant  to  initial  damage  in  the  range  0.8  to  1.0  inch,  and 
that  the  best  way  to  achieve  comparable  damage- tolerance  in  the  Barbey  was 
to  increase  the  wall  thickness  from  0.44  to  0.84  inch. 

With  respect  to  the  blade  bolts,  the  initial  damage  modes  mentioned 
cibove  were  judged  to  be  unlikely  to  cause  cracks  large  enough  to  be  above 
the  propagation  threshold  for  either  high-speed  or  low-high  cycles.  However, 
forging  defects  cibove  threshold  size  in  17Cr-4Cu-PH  stainless  round  stock 
were  thought  to  be  possible.  Corrosion  fatigue  (crack  nucleation)  in  the 
bolt  heads  was  not  considered  to  be  a problem,  since  these  areas  have  little 
or  no  stress  near  the  active  surfaces.  However,  galvanic  and/or  pit-corro- 
sion could  be  a problem  for  stainless  steel  bolts  (USS  Barbey) . Also, 
stress-corrosion  cracking  in  tiie  lower  centerbore  (USS  Spruance)  was  viewed 
as  a potentially  serious  problem  because  of:  (1)  high  pre-tension;  (2)  use 
of  high-strength  AISI-4340  alloy,  and;  (3)  the  possibility  that  the  plastic 
centerbore  covers  might  admit  seawater  by  cracking  or  coming  loose  in 
service. 

Finally,  material  selection  was  not  a major  issue  for  the  crank  rings, 
but  was  debated  vigorously  for  the  blade  bolts.  The  principal  conclusion 
drawn  here  was  that  combination  of  a high-risk  material  (17Cr-4Cu-PH  stain- 
less steel)  with  high  static  stresses  near  seawater  (Spruance  bolts  with 
cracked  or  lost  covers)  was  inadviseible.  The  Barbey  bolts  were  judged  to 
have  much  less  risk  of  centerbore  stresses. 

DISPOSITION 


The  MIT  team  made  the  following  recommendations  for  disposition  of  the 
CP  propeller  systems  of  the  USS  Barbey  and  USS  Spruance.  Modification  was 
recommended  for  the  Barbey  crank  ring  to  eliminate  the  in-cut  oil  groove 
and  to  increase  the  minimum  wall  thickness  from  0.44  to  0.84  inch.  No 
dimensional  modification  was  recommended  for  the  USS  Spruance,  nor  was  a 
material  change  proposed  for  either  design. 

An  inspection  interval  of  8 calendar  years  for  both  designs  was 
recommended  to  coincide  with  existing  Navy  practice  regarding  ship  survey 
schedules.  This  interval  is  unfactored  with  respect  to  the  calculated 
safety  limits  based  on  0.8  to  I. 0-inch  initial  damage.  The  unfactored 
interval  was  deemed  acceptable  in  this  case  because:  (1)  damage  of  this 
size  is  unlikely  to  escape  detection,  and;  (2)  propeller  loss  is  not  an 
accident  as  critical  to  operational  safety  as  would  be  (for  example)  the 
loss  of  an  airplane  wing.  The  inspection  interval  was  coupled  with  a 
recommendation  to  use  improved  manufacturing  quality-assurance  methods  on 
all  crank  rings  (e.g.  X-ray  scans). 
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The  MIT  team  recommended  retention  of  AISI-4340  for  the  blade  bolts  in 
the  USS  Spruance  and  accepted  retention  of  17Cr-4Cu-PH  stainless  steel  for  the 
bolts  in  the  USS  Barbey.  Recommendation  against  the  use  of  17-4  in  future 
ships  was  made  (particularly  in  the  case  of  production  classes) , at  least 
until  adequate  service  data  should  be  available.  As  an  added  precaution  with 
respect  to  the  Spruance  class,  seawater  soa)<-tests  were  recommended  for  the 
AISI-4340  bolts  with:  (1)  190,000-lb.  pre-tension  load;  (2)  Ni-Al-bronze 
material  nearby  to  simulate  galvanic  coupling  with  the  propeller  blade,  and; 

(3)  no  centerbore  covers. 


SUPPLEMENTARY  RESULTS 


Post-modification  tests  carried  out  by  the  Navy  after  completion  of  the 
MIT  investigation  disclosed  other  potential  causes  of  fatigue  damage  [20]. 

These  tests  included  a full-scale  ground-vibration  test  of  one  blade  and 
instrumentation  of  the  propellers  on  both  the  USS  Barbey  and  USS  Spruance. 

Static  and  alternating  loads  were  obtained  from  strain-gage  measurements 
at  0.35  blade  radius  and  50%  chord.  These  measurements  indicated  that  the 
alternating  loads  were  much  more  severe  than  had  been  assumed  in  the  analysis 
(approximately  +50%  DFPA  instead  of  _+15%  to  +^25%)  . Also,  the  full-power  turn 
maneuver  was  found  to  be  more  severe  than  the  crash-astern  condition. 

Furthermore,  deformations  of  the  relatively  soft  blade  palm  material  were 
found  to  change  significantly  the  distribution  of  load  among  the  blade  bolts. 

The  bolts  appeared  to  be  subjected  to  local  bending,  and  one  bolt  nearest  the 
trailing  edge  of  the  blade  was  found  to  bear  75  to  80  percent  of  the  total 
loading  in  both  designs.  As  a consequence,  bolt  failures  were  experienced 
both  at  the  shoulder  and  in  the  top  few  threads. 

These  new  findings  illustrate  two  important  points  about  failure  analysis. 
First,  loads  and  deimage  modes  tend  to  be  underestimated  in  the  absence  of  test 
data.  Second,  full-scale  tests  are  essential  to  obtain  the  required  data. 
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ULTIMATK  STRF:N(:TH  analysis  of  "JANFK  CHAIRLIFT" 

Michael  P.  Wnuk 

South  Dakota  State  University,  Brookings,  SD  57006 
FRACTURE  MECHANICS  APPROACH  TO  FRACTURF:  CONTROL  AND  PREDICTION  OF  LJFE 

Objective  of  a good  design  is  to  ensure  that  fracture  is  unlikely  to 
occur  in  the  life  of  the  structural  component.  Seemingly  unpredictable 
phenomena,  however,  like  notch  embrittlement,  local  weakening  of  the  material 
due  to  micro-structural  defects,  corrosion,  initiation  and  spread  of  a 
dominant  fatigue  crack,  do  exist.  Inability  to  predict  them  is  reflected 
through  common  application  of  a variety  of  safety  factors. 

Fracture  mechanics  offers  a more  quantitative  approach  to  prediction 
of  the  life  of  components  subjected  to  either  single  loading,  alternating 
loads,  and/or  aggressive  environments.  Perhaps  the  best  illustration  for 
a fracture  mechanics  approach  to  fracture  control  is  considerat ion  of  fatigue. 
Experience  shows  that  a dominant  fatigue  crack,  initiated  from  a minute 
surface  or  a crystallographic  defect,  develops  in  a stable  manner  at 
‘ nominal  stresses  well  within  the  limits  ac-epted  as  "safe".  The  propagating 

J crack  usually  remains  undetected  until  it  reaches  a certoin  critical  size 

at  which  an  abrupt  transition  to  a catastrophic  fracture  occurs.  Stress 
analysis  carried  out  on  the  basis  of  fracture  mechanics  enables  one  to 
compute  the  rate  of  propagation  of  such  a crack  at  each  stage  of  its  growth 
and  to  predict  the  useful  life  span  of  the  component.  Two  kinds  of  design 
procedures  are  commonly  applied:  1)  finite  life  design,  and  2)  infinite 
life  design.  The  information  needed  by  the  designer  to  apply  these  pro- 
cedures combines  a complete  stress  analysis  for  a component  in  question 
with  no  cracks  present,  an  initial  flaw  size,  and  a K-cal ibration  of  the 
structure  (i.e.  a functional  relation  between  the  K factor  and  the  current 
flaw  size).  The  material  data  for  finite  life  design  include  cracking 
rate  da/dN  as  a function  of  AK  and  the  critical  level  of  K,  denoted  by 

froT'a  plane  strain  condition  and  by  for  plane  stress  situations.  The 

infinite  life  design  requires  knowledge  of  only  one  material  parameter,  AK  . , 
that  is  the  threshold  value  of  the  K-factor  range  below  which  crack  extension 
will  not  occur. 

To  calculate  the  maximum  tolerable  flaw  size  in  the  structure  it  is 
advisable  to  first  determine  the  critical  length  of  the  fatigue  crack  (a  ) 
at  which  fracture  instability  occurs.  According  to  the  available  theory*^ 
the  critical  size  of  a fatigue  crack  can  be  determined  from  the  geometry  of 
the  structural  member,  maximum  service  stress,  and  - most  importantly  - from 
the  material  property  referred  to  as  plane  stress/plane  strain 

fracture  toughness.  Tlii s property  serves  as  a measure  of  material  sensitivity 
to  stress  concentrations  induced  by  sharp  comers,  flaws,  notches,  high 
stress  gradients  at  dislocations  pile-ups,  hard  inclusions,  etc.  These  and 
other  micro- structural  defects  determine  so  called  "notch  brittleness 
sensitivity"  of  the  niaterial.  Embrittlement  of  a metal  may  result  in  a 
number  of  ways  under  given  service  conditions,  and  it  should  be  accounted  for 
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c }.K.ioni  in  the  design  procedures.  Tl'.i  s latter  stateirent  forms  the  rational 
and  the  priri'ary  objective  of  the  fracture  mechanics  approach  to  evaluation 
of  strength  of  imperfect  materials. 

In  selecting  the  proper  material  a following  "rule  of  thumb"  may  be 
l.elpful:the  higher  the  strength  of  a steel,  the  lower  its  fracture  toughness 
is  to  be  expected.  In  other  words,  notch-brittleness  sensitivity  increases 
for  high-quality  and  high-strength  steels.  On  the  contrary,  low  strength 
steels  exhibit  high  levels  of  toughness  (K^  and  anc  thus  they  can 

withstand  greater  local  stress  concentrations.  It  should  V^e  noted,  however, 
that  a considerable  deterioration  of  fracture  toughness  in  a mild  steel 
may  occur  at  low  temperatures  and/or  high  rates  of  loading.  Both  these 
factors,  plus  the  effect  of  corjosive  environments  should  '-e  taken  into 
account  in  the  course  of  a detailed  fail-safe  design  analysis. 

An  example  of  a numerical  analysis  of  a fatigue  crack  ])ropagating 
through  the  square  tubing  which  supports  the  chairlift  is  given  below*.  The 
estimated  life  of  the  tubing  is  given  as  0.9  million  cycles,  while  the 
other  essential  findings  are  as  follows: 

(1)  the  smallest  dimension  of  a surface  defect  at  which  the  fatigue 
crack  will  start  to  grow  is  estimated  as  8 mils. 

(2)  the  largest  tolerable  (critical  dimension  of  a crack  on  the 
tension  side  of  the  tubing  is  computed,  as  1.32". 

FATIGUE  ANALYSIS 

Propagation  of  a fatigue  crack  developed  on  the  tensile  side  of  rod  1 
at  or  near  the  cross  section  CC  may  be  considered  to  consist  of  three 
distinct  stages  (see  the  Figure  below): 

Stage  I:  propagation  of  a semi -elliptical  (or  half-moon)  crack 
across  the  thickness  of  the  tubing: 

Stage  II:  Transition  to  a fully  developed  through-width  crack 

penetrating  completely  the  side  of  the  square-box  section: 

Stage  III:  lateral  enlargement  of  the  through-width  crack  up  to  the 
point  of  transition  into  a catastrophic  fracture  of  the 
supporting  element. 

The  number  of  load  cycles  required  to  com.plete  each  of  these  stages  of 
fatigue  crack  growth  is  evaluated  separately  and  their  sum  is  expected  to 
give  an  approximation  to  the  total  life  .span  of  the  chair. 


For  the  detailed  stress  analysis  of  this  structure  see  a South  Dakota 
State  University  report  on  "Ultimate  Strength  Analysis  of  JANEK 
Chairlift,  South  Dakota  State  University,  Brookings,  South  Dakota  57006. 
March  1976. 
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FJg.l  Sketclj  of  the  Btructiiral  component  subject  to 
investigiitlon.  Numbers  Indicate  location  of 
the  strain  while  letters  denote  the 

cross-sections  slngle-out  for  stress  and  fatigue 
fracture  analysis. 


Fig.  2 Appearance  of  a component  fractured  during 
a fatigue  test. 
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Stage  I: 

Propagation  of  the  semi-elliptical  crack  (see  Figure)  is  governed  by  the 
equation 


da 

dN 


CCAK)"* 


(1) 


where  C and  m are  material  constants,  and  AK  is  the  range  of  the  K- factor 
related  to  the  geometry  of  the  component  and  the  range  of  the  applied 
stress  AO  as  follows 

K = 1.12  AO  (2) 

n/2  / , 2 

Q = { / / 1 - - ■ ' sin^e  de)  - .212  (2a) 

o R 

e 

Here  R denotes  the  elastic  limit,  2c  is  the  length  of  the  crack  observed 

on  the  outer  surface  (see  Figure  above)  while  a is  the  crack  depth  which 
is  bounded  by  the  initial  flaw  size  (a.)  from  below  and  by  the  thickness 

of  the  tubing  (t)  from  above 


a.  5 a <:  t 


(5) 


The  rate  of  the  fatigue  crack  is  then  the  following  function  of  geometry 
of  the  component  and  the  loading  range  (combine  eqs.  (1)  and  (2)): 


da 

dN 


n/2  - ZT ^ 

{/  /I 


sin^G  d6  l”* 


Note  that  the  correction  term 


(4) 


.212(Aa/R^)^  = (.212)  (12.4/41.2)^ 

is  only  about  .019  and  thus  it  has  been  omitted  in  the  equation  above 
(but  retained  for  other  considerations  regarding  such  an  important  quantity 
as  the  initial  flaw  size). 

The  time,  or  the  number  of  load  cycles,  used  by  the  semi-elliptical 
crack  to  penetrate  the  thickness  of  the  tubing  can  be  obtained  by  integration 
of  equation  (1)  as  follows 
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a=t 

= / 
a=a. 
1 


(^)  da  = (1.127r^''^Aa)‘"'-  C"^  / {/  /l  - 


a.  0 
1 


-3  -2,  ,„,m  da 

f ■!«>  TT/zW 
a 


This  form  can  be  integrated  numerically  for  any  assumed  functional  inter- 
relation of  the  dimensions  a and  c.  A case  of  a/c  being  constant  during 
the  entire  stage  I of  crack  propagation  (proportional  growth  of  both  a and 
c is  assumed)  offers  a possibility  of  a sinple  closed-form  solution  to  the 
integral  in  eq.  (5),  namely 


Nj  = C"^(1.985)‘"'(Aa)''^'^(k,T/2)  / da  (if  a/c  = const.)  (6) 

a. 

1 


Hence 


N - E°'(k.m/2)/(Ao)"’  r ^ .1-^/2, 

^ ■ (H-  1)  C (1.985?'  ^ " ^ 

Here  the  symbol  E(k,T/2)  denotes  a complete  elliptic  integral*  of  the 
second  kind  of  modulus 


(7) 


k = /l  - (a/c)^ 

For  any  given  value  of  a/c  the  modulus  k,  and  then  the  elliptic  integral 
itself  may  be  readily  computed. 

STAGES  II  ANIt  III 


The  number  of  cycles  used  by  the  fatigue  crack  to  complete  the  tran- 
sition from  the  half-nwon  shape  to  a through-width  shape  (transition  from 
stage  I to  stage  III)  is  estimated  as 


..  .021 

rr  * (m/2  -1)  C~(Aap 


(9) 


For  the  stage  III  crack  one  may  compute  the  life  fairly  accurately  by 
integrating  the  expression 


Tabulated  in  e.g.  "Handbook  of  Mathematical  Functions  with  Formulas, 
Graphs,  and  Math.  Tables",  U.  S.  Dept,  of  Coiranerce,  NBS,  Appl. 

Math.  Ser.  55,  Washington,  DC,  1964,  p.  618 
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where  now  (see  Figure) 


(10) 


ila 

as 


= C(AK)'’'  = c (Aa)‘"(Tia)"'' " {sec  (ita/2h) } 


m , 


I 


m/2  ; 


The  two  eciuations  combine  to  give 


— / 


(11) 


da 


Stage  III 

fatigue 

crack 


'III  -.m  i , ,ni/2  , , Mm/2 

C(Ao)  t (na)  [sec  (•na/2b)  ] 


(12) 


The  integral  on  the  right  hand  side  of  the  last  formula  can  be  evaluated 
exactly  through  a standard  numberical  procedure.  The  following  closed-form 
solution,  however,  will  give  the  same  order  of  O'agnitude  for  the  nuir.ber  of 
load  cycles  spent  at  the  final  period  of  the  useful  life 


N 


III 


fK  -V"'” 

(Ag) 

- 1)Cit"’''^ 


[- 

t 


_i 

m/2-l 


1 

a 

c 


(13) 


In  order  to  apply  the  formulae  for  Nj,  and  derived  here  two 

sets  of  data  are  needed; 

(1)  characteristics  of  the  stress  cycle,  i.e.  Ao  and  the  R-ratio 
(R  = o . /c  ): 

(2)  materiat”da?af  namely 

-the  constants  C and  m introduced  by  eq.  (1). 

-the  thresliold  value  of  the  K-factor  range,  AK  . (necessary  to 
compute  the  initial  flaw  size  a^), 

-fracture  toughness  K.„  or  K as  described  by  an  ASTM  norm  and 
appropriate  for  the  tnicknesSes  involved  (necessary  to  predict 
the  final  crack  length  at  which  fracture  becomes  unstable). 

Now  we  shall  briefly  discuss  both  groups  of  data. 
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FATIGUf.  LOAD  AND  STRESS  CYCLES,  EVALUATION  OF  THE  STRESS  RANGES  AND  R-RATIOS 


i P rrt/'n 


LOAD  CYCLE 


<r 

I 


r-ncnn 


ACT 


stress 


STRESS  CYCLE 


ASSUMPTIONS: 


load  cycle 


P . = weight  of  the  chair 

min  * 


P = (weight  of  2 passengers  with 
equipment)  x 
(load  factor)  = 632  lb 


P = 400  lb,  AP  = 632  lb 
mean 


Stress  cycle 
at  the  tension  side 
of  cross-section  CC 


, min  = 8,937  psi,  max  = 22,402  psi 
= 15,670  psi,  R = 0 . /o  = 

■VIA  on  ' » ' n ir.o 


min  max 


stress  range  at  point  0:  (Ao)^  = 22,402  - 8,937  = 13,465  psi 


stress  range  at  point  O':  (Ao)_,  = 12,267  - 915  = 11,352  psi 


stress  range  averaged  accross 

the  thickness  (Ao)A\r  * 12,409  psi 


SUWVVRY  OF  DATA  DESCRI B I NC.  THE  FATIGUE  ^RF£S  CYCLE: 

stress  range  in  the  outer  fiber  (Ao)  ^ = 13,465  psi 

outer  ^ 

stress  range  in  the  inner  fiber  (Ao).  = 11,352  psi 

inner  ^ 

stress  range  averaged  through  thickness  (Aa)^^  = 12,409  psi 


R-ratios: 

(R) 

outer 

. 399 

(R) . 

inner 

.081 

II 

> 

< 

a: 

.240 

MATERIAL  LiM  A_^  L VALUATION  OF  INITIAL  AND  CRITICAL  FLAW  SIZES 

Data  pertaining  to  rate  of  fatigue  crack  growtli  (C  and  rii): 

Scarcity  of  the  fatigue  crack  growth  data  leads  us  to  apply  as  a first 
approximation  the  following  equation  tested  by  U.S.  Army*  for  19  different 
steels  (mainly  alloy  steels  containing  chromium  and  nickel  and  n.olybdenunO 
of  fairly  high  strength: 

da/dN  = .66x10  ^(AK)^‘^^  in/cycle  (14) 

1/2 

in  where  the  K- factor  range  (AK)  should  be  expressed  in  units  of  ksi  (in) 

One  should  accept  the  eq.  (2.1)  only  with  certain  reservations,  since  the 
steel  under  consideration  is  ASTM  A500  Grade  A,  which  is  a mild  steel. 
Nevertheless,  it  is  expected  that  the  application  of  eq.  (2.1)  will  provide 
results  on  the  conservative  side,  since  a low  strength  steel  exhibits 
better  resistance  to  crack  extension  and,  therefore,  a slower  fatigue 
crack  growth.  Condition  of  plane  stress  encountered  in  the  walls  of  the 
square  tubing  (thickness  of  .12"  equals  roughlx  one  half  of  the  charact- 
eristic plastic  zone  size  r = )")  will  also  tend  to  diminish 

the  rate  of  the  propagating^crack . ^ 

THRESHOLD  AND  CRITICAL  LEVELS  OF  THE  K-FACTOR 

The  threshold  value  of  the  range  AK  is  given  for  mild  steels  by  the 
British**  sources  as 


* J.M.  Barsom,  E.J.  Tmhof,  S.T.  Rolfe,  "Fatigue  crack  propagation  in  high 
yield  strength  steels",  Engn,  Fracture  Mechanics,  Vol.  2,  1971. 

**  N.E.  Frost.  L.P.  Pook  andK.  Denton,  "A  fracture  mechanics  analysis  of 
fatigue  for  various  materials",  N.E.L.  (England),  Report  No.  Z, 

Febr.  1969. 
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AK  , = 5 ksi  /in 
tn 


This  value,  however,  is  diminished  by  about  20^  in  the  presence  of  moisture, 
and  it  may  be  even  further  reduced  if  one  accounts  for  sticss  corrosion 
cracking  (i.e.  slow  growth  of  a corrosion  crack  under  sustained  load). 
Indeed,  the  tension  side  of  the  section  CC  is  constantly  subjected  to  a 
tensile  stress  of  magnitude  8,937  psi  (residual  stress).  This  consider  bly 
facilitates  initiation  of  a fatigue  crack.  Let  us,  therefore,  assume  the 
threshold  level  of  AK  to  be  2S%  less  than  that  given  by  Frost,  Took  and 
Denton,  i.e. 


= (.80)  (.3)  = 2.25  ksi  /in  (16) 

The  initial  flaw  is  assumed  to  be  a half-moon  shaped  surface  defect  for 
which  the  length  observed  on  the  outer  surface  (2c)  is  10  times  greater  than 
the  depth  of  flaw  (i.e.  a/?c  = .1).  Let  us  first  compute  the  geom.etrical 
factor,  namely  the  modulus  k of  the  elliptic  integral  E(k,r/2): 

k = / l - (a/c)^  = y'l  - (.2)^  = .9798  (17) 


From  tables  (see  foot-note  on  page  8 ) we  find 


E(.9798,Tr/2)  = 1.0491  (18) 


Next,  we  evaluate  the  initial  flaw  size  as  follows 

(a/Q).  = AK^^j^/l  .2m(Ao)^  (19) 

Q = h;^(k,Tr/2)  - (.212)(|2-)2  = (1.0491)^  - (.212)  (13.5/41)^  = 1.0776 

e (20) 


Substituting  this  and 


(Ao) 


outer 


13.5  ksi 


(21) 


into  the  first  of  the  foregoing  equations,  we  obtain  an  estimate  for  the 
initial  flaw  size  as  follows 
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a , 
1 


.00794  in 


(221 


th  ^ (1.0776)(2.25)^ 
1.2ir(A0)^  1. 271(13, S)^ 


or 


a . = 8 mi 1 . 
1 


(23) 


CRITICAl.  CRACK  LF.NGTH 

The  critical  flaw  size  can  be  readily  computed  for  the  geometry  of 
crack  in  stage  III  from  the  following  equation  (compare  Figure  on  page  6 ): 


K (stage  III)  = o Aa  F (a/b) 
max  max 

F(a/b)  = { sec(iia/2b)}^^^ 

Let  us  denote  a/b  by  x and  combine  both  the  equations  above.  Then 


(24) 

(25) 


x sec  (ux/2) 


I 

V 


K 

, max 
max 


(26) 


The  right  hand  side  of  this  equation  is  known  if  we  agree  to  use  the  material 
fracture  toughness  as  for  a plane  stress  condition,  = 80  ksi/Tii  (rather 
than  the  plane  strain  fracture  toughness  which  for  the  steel  involved  is 
around  50  ksi/in).  Kith  a denoting  the  maximum  stress  encountered  during 
a load  cycle  (here  o is  assumed  to  equal  the  average  across  the  thick- 
ness of  the  maximum  ?fiier  stresses  .5(22,402  + 12,267)  = 17,335)  we  have 


1,  max  .2 

^ a /f, 
max 


(80)' 


n(17,3)‘l.5 


— =4.5378 


It  remains  to  solve  the  transcendental  equation 


(27) 


X sec(Tix/2)  = 4.5378 


(28) 


for  the  unknown  x.  The  approximate  value  of  the  root  of  this  equation  is 
found  as 


X = .8763  (29) 

Since  x denotes  the  ratio  of  the  half-length  of  the  critical  crack  to  the 
half  of  the  outside  diameter  of  the  tube,  we  obtain  the  critical  size 
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* 

it 


1 

= xl.  = (.8763)  (1.5/2)  = .6572  in.  (30) 

EVALUATION  OF  LI  FI-. 

Numbers  of  cycles  needed  to  complete  the  stageCl,  II  and  III  of  fatigue 
crack  propagation  are  now  evaluated  from  the  equations 


stage  I 


*^'1  ' ,m 


(E(k,r/_2jj'^ 


(^  - l)Ca.983"'(Ao)"'  t^ 


- 1 


stage  II 


N 


.021 


1 1 • . . . ^ m 

(j  -l)c(Aa) 


stage  III 
N 


i r.  1 

m/->  I 


1 


III  .m  m72  ^^m/2  - 1 ’ , m/2-i  ^ 

(y  - l)Cir  t 


Substitution  of  the  material  constants 
m = 2.25,  C = ,66x10"^ 
and  of  the  dimensions 


(31) 


(32) 


(33) 


(34) 


a^  = .008  in 

a = .657  in  (-35) 

c 

t = .120  in 

leads  to  the  following  results  (the  elliptic  integral  E(k,r/2)  needed  for 
stage  1 was  evaluated  previously  and  it  equals  1.0491): 

N . _(1..0491J^-^V(Aa)'" l_ 1 , . 

(.125)(. 66)10  °(1.985)'^-  (.008)  (.12) 


1.516x10^ 

(Aa)” 


(36) 


::  (.021)  10^  (.255)  10^ 

(.125){,66)(Aa)"'  (Aa)” 


(37) 
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. ^ r I _ 1 1 ^ .835x10^  ^3g1 

*'TTT”  -R  ^ 17^  m 

e-125U-f'f')xlO  (3.6249)  (.  12)‘^^^  (.657)  (Aa) 

Finally,  if  we  choose  to  select  the  stress  range  as  across  the  thickness 
aicrage  of  the  langcs  at  inner  anil  outer  fibres 


Ac  - (Ao)^^,  = 12.4  ksi  (39) 

and  with  m = 2.25,  we  obtain 

Nj  = 5.26  X 10^  cycles 

Njj  = 0.88  X 10^  cycles  (40) 

Njjj.  = 2.89  X 10^  cycles 

^total  ^ cycles 

Tlic  obtained  estimate  cf  roughly  1 million  cycles  for  the  total  life  of  the 
component  supporting  the  chair  is  based  on  the  material  data  describing 
da/dN  and  valid  for  steels  containing  harder  constituents  like  nickel  and 
chromium.  The  mild  steel  is  more  "forgiving’’  as  it  is  less  sensitive  to 
stress  concentrations  and  it  will  slow  down  a fatigue  crack.  Experience 
indicates  that  the  application  of  a mild  steel  may  increase  the  total  life, 
therefore,  that  the  given  above  number  of  cycles  to  failure  be  considered 
as  a conservative  estimate  of  the  actual  life. 

SUMMARY  OF  E^FOTT AI  _ RESULTS  OBTAINEl'  BY  FATIGUE  ANALYSIS 

total  life  N.  . - 0.9  X 10^  load  cycles 

tot 

depth  of  the  smallest  surface 
defect  that  will  act  as  a 

fatigue  crack  starter  a^  = 8 mil 

critical  size  of  the  crack  at 
which  fracture  becomes 

catastrophic  2a^  = 1 . .32  in 

* * * * 

COMMENTS  AND  RECOMMENDATIONS 

Although  the  stress  evaluation  shows  that  all  stresses  are  within  the 

safe  limit  (less  than  the  yield  point)  a more  detailed  fracture  mechanics 
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analysis  shows  that  there  exist  a possibility  of  a fatigue  problern.  In 
this  respect  the  present  design  of  the  chair  appears  to  lead  to  two 
potentially  dangerous  sections; 

1)  section  AA  (rod  2):  high  stresses  and  high  stress  gradients  exist  in 

the  vicinity  of  the  lower  end  of  the  weld/joining  both  rods.  Fatigue 
analysis  for  this  section  (got  shown  here)  indicated  the  total  life 
is  on  the  order  of  .1. 2 x 10^  cycles.  This  is  a conservative  estimate 
when  compared  with  the  experimentally  found  = 3.6  x 10  cycles. 

2)  section  CC  (rod  1):  high  residual  stresses  are  of  the  same  sign  as  the 

stress  induced  by  the  service  load.  The  tension  side  of  this  section 
is  particularly  prone  to  initiation  of  a fatigue  or  a corrosion  crack 
that  may  develop  from  a minute  surface  crack  of  depth  on  the  order  of 
F mi  1 , possibly  introduced  by  cold  forming  and  it  may  grow  in  some 
0.9  million  cycles  to  a flaw  of  catastrophic  size  (estimated  as  about 
1.32  in) . 

It  is  concluded  that  a more  precise  analysis,  combined  with  the  experi- 
mental verification  of  assumed  material  characteristics,  such  as  Kp,  K„, 
and  the  da/dN  vs.AK  data,  would  be  necessary'  to  establish  the  actual  Irre 
span  and  the  load  carrying  capacity  of  the  components  supporting  the  chair. 

Meanwhile,  a simple  remedy  may  be  recommended:  to  strengthen  both 
sections  AA  and  CC  a triangular  plate  should  be  welded  at  the  upper  comer 
of  the  frame  under  the  consideration  (as  shown  schematically  in  the  figure 
below).  Both  strengthening  and  a beneficial  stress  redistribution  effects 
leading  to  a structure  of  a more  uniform  strength  and  with  lesser  stresses 
and  stress  gradients  are  then  expected. 
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MATERIALS 

aiARACTERIZATIONS  OF  MANUFACTURING  FUWS  IN  GRAPHITE/ EPOXY*' 

George  A.  Hoffman  and  Don  Y.  Konishi 
Los  Angeles  Aircraft  Division  of  Rockwell  International, 

International  Airport, 

Los  Angeles,  CA  90009 

OBJECTIVT-.:  FLAW  CATEGORIZATION  IN  COMPOSITES 

The  objective  of  this  case  study  was  the  development  of  a representative 
set  of  flaw  categories  in  composites.  The  assessment  of  the  serviceability  of 
graphite/epoxy  requires  determination  of  the  effects  of  defects  in  structures 
undergoing  a service  environment  and  the  flaw  categorization  or  characteriza- 
tion allows  setting  NDE  threshold  and  sensitivity  goals,  developing  specific 
flaws  for  analysis  of  strength  degradation,  specifying  critical  and  likely 
flaws  for  strength  degradation  tests,  and  provides  a quantitative  basis  for  a 
repair  criterion. 

INTRODUCTION:  CONSEQUENCES  OF  DEFECTS  AND  THE 
USES  OF  FLAW  CHARACTERIZATIONS 

Composites  for  flight  structures,  such  as  graphite/epoxy,  are  inherently 
more  flawed  than  aircraft  metals  of  comparable  cost,  quality  and  intended  use. 

The  presence  of  flaws  defects,  cracks,  voids,  unintentional  damage  during 
processing,  manufacture  and  assembly,  is  more  abundant  in  graphite/epoxy  than 
it  is  in  aluminum  and  titanium.  The  consequence  of  these  flaws  may  be  the 
degradation  of  the  serviceability,  i.e.,  safety  and  durability,  of  composite 
structures  via  multiple  routes  through  fracture  micromeclvinics.  Current 
empirical  data  indicates  that  graphite/epoxy  night  be  relatively  insensitive 
to  degradation  from  many  of  these  flaws.  The  measurements  of  the  degrada- 
tion, and  ultimately  of  the  fracture  mechanics,  due  to  flaws  in  graphite/ 
epoxy  are  in  the  same  terms  as  those  of  reliability,  namely  by  probability 
estimates.  Therefore  the  quantitative  characterization  of  preflight  flaws 
and  damage  should  be  in  probabilistic  terms,  and  the  effectiveness  of  counter- 
measures to  control  and  reduce  flaws  in  graphite  epoxy  should  be  based  on  the 
likelihoods  of  their  occurrence  and  criticality  and  on  the  costs  to  reduce 
the  density  of  flaws. 

By  way  of  conclusion  to  these  introductory  remarks,  it  may  be  inferred 
that  the  aerospace  industry's  experience  with  flaw  and  defect  occurrence  is 
central  to  the  eventual  delineation  the  mechanisms  and  dynamics  of  fracture 
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and  failure  of  graphite  epoxy  components.  In  the  next  section,  the 
ingathering  of  this  experience  and  evidence  of  preflight  flaws,  defects, 
errors  and  damage  is  described  as  a survey  of  case  studies  to  characterize 
or  set  the  scene  for  future  failure  analyses. 

FORMULATION:  INDUSTRY-WIDE  SURVEYS  OF  GRAPHITE/ EPOXY  FLAWS 

To  achieve  a better  formulation  of  the  character  and  likelihood  of  flaws, 
an  industry-wide  survey  was  conducted  in  two  rounds  of  questionnaires.  The 
first  questionnaire  was  of  a qualitative  nature  and  consisted  of  soliciting 
a catalog  of  flaws,  together  with  an  inquiry  into  the  likelihood  of  defect 
occurrence  and  into  the  criticality  of  the  listed  defects.  The  second  round 
of  the  survey  requested  quantitative  estimates  of  the  most  probable  frequency 
of  occurrence  of  those  flaws  that  were  deemed  more  likely  and  critical  in  the 
responses  to  questionnaire  1. 

In  the  first  questionnaire,  (Figure  1),  recipients  were  asked  to  enter 
additional  ccmmon  flaws  to  the  submitted  list,  score  two  multiple -choice 
columns,  and  comment  and  anticipate  the  structural  consequences  of  defects. 

The  35  responses  to  questionnaire  1 contained  almost  1,000  data  points  and 
resulted  in  an  expanded  and  more  comprehensive  list.  Table  1,  and  in  sets  of 
individual  opinions  as  to  how  often  one  ran  across  the  listed  flaws  and  how 
crucial  they  were,  (i.e.,  the  criticality  effect  of  the  flaw  upon  the  struc- 
tural integrity  and  performance) . 

The  36  returned  questionnaires  averaged  30  checks  per  entry  for  flaws 
1 to  30.  The  survey  asked  respondents  to  choose  among  five  grades  of  likeli- 
hood and  criticality  estimates  for  each  flaw,  as  in  Table  2 below. 


TABLE  2.  RESPCMlEm’S'  GRADE  CHOICES  FOR  FLAW  LIKELIHOOD  AND  CRITICALITY 


Grade 

Corresponding  Estimate 
of  Likelihood 

Corresponding  Estimate 
of  Criticality 

0 

Highly  improbable 

Negligible  effects  on  strength 

1 

Rare,  low  likelihood 

Minor  effects 

2 

Occasional  flaw  occurrence 

Possibly  critical,  intermediate  effects 

3 

Fairly  conmon  occurrence 

Critical  flaw,  of  considerable  concern 

4 

Flaw  will  occur  very  often 

Most  crucial  flaw 

The  checks  for  each  flaw  of  each  respondent  exemplified  in  Figure  1 were 
equally  weighed,  regardless  of  each  individual's  qualifications,  affiliation. 
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Figure  i.  Questionnaire  1.  --  A separate  instruction  sheet  asked  recipients  to  check  off  likelihood 

and  criticality,  and  solicited  additions  and  commentary'. 


TABLE  1.  FLAWS  EXPERIENCED  IN  PRODUCTION  OF  GRAPHITE/EPOXY  STRUCTURES 


External  delamination,  loose  fibers,  disbonding 
Internal  delamination,  blister 
Oversized  hole 

Hole  exit  side  broken  fibers,  breakout 
Tearout  or  pull-through  in  countersinks 
Prepreg  variabilities  exceeding  preset  levels 
Resin-starved  bearing  surface 
Resin-rich  or  fiber-starved  areas 
Excessive  porosity,  voids 

Scratch,  fiber  breakage,  damage  done  in  handling 

Dent,  no  fiber  breakage,  damage  done  in  handling 

Fiber  breakaway  from  impact  surface 

Edge  delamination,  splintering 

Overtorqued  fastener 

Split  tow,  fiber  separation 

Edge  notch  or  crack 

Corner  notch  or  crack 

Mislocated  hole  - not  repaired 

Mislocated  hole  - resin  refilled,  redrilted 

Marcelled  fibers 

Wrinkles,  waviness,  miscollimation 
Reworked  areas 
Missing  ply  or  plies 

Foreign  particle,  contamination,  inclusion 

Out-of  round  hole 

Wrong  material 

Misoriented  ply 

Ply  overlap 

Ply  underlap,  gap 

First  ply  failure  or  separation 

Improper  fastener  seating 

Variable  cure,  poor  spatial  AT  in  oven,  = inhomogeneous  "miscure” 
Figure  8 hole 

Nonuniform  bond  joint  thickness 

Off-axis  drilled  hole  (i.e.,  not  perpendicular  to  surface) 

Countersink  on  wrong  side  of  laminate 
Mislocated  occured  assemblies  in  same  tool 
Tool  impressions 

Burned  drilled  holes  from  high-speed  drilling 
Pills  and  fuzz  balls 
Undersized  fasteners 

Dent,  hidden  fiber  breakage,  from  production  mishandling 
Grossly  nonuniform  agglomerations  of  hardener  agents 
Misfitting  parts  cutting  fibers  in  fillets,  poor  seating  design 
Metal-graphite/epoxy  mating  surfaces  not  shear  balanced 
Overwarpage  of  parts  from  poor  tooling 

Process  control  coupon  thickness  not  constant  or  misrepresentative 
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experience,  or  reputation.  The  unweighed,  median  grade  values  of  likelihood 
and  criticality  were  calculated  and  rounded  off  to  the  nearest  second  digit. 
Next,  the  variation  in  the  distribution  of  frequency  of  responses  was  rated  at 

4 = all  respondents  were  unanimous  in  grades 

3 = over  half  of  grades  fell  in  a single  score  box 

2 = one-quarter  to  one-half  of  scores  in  one  box 

1 = less  than  one -quarter  of  scores  in  any  one  box  of  the  questionnaire 

ifius,  the  mean  index  of  response  variation  was  set  at  2.5.  bach  raw  mean 
grade  entry  was  then  multiplied  by  its  respective  variation  index  to  give 
scores  of  likelihood  and  criticality  to  each  flaw.  Finally,  the  product  of 
the  likelihood  score,  --a  probabilistic  term--,  times  the  criticality  score 
--an  impact  severity  term--,  was  calculated  to  give  an  index  of  the  effects. 
This  index  of  effects  of  flaws  and  defects,  shown  in  the  left -most  column  of 
Table  3 was  purposely  formulated  to  have  a range  from  0 to  100,  100  being  the 
index  for  a very  frequent  flaw  whose  effects  upon  strength  would  be  most 
crucial  as  illustrated  at  the  end  of  the  table.  In  conclusion,  questionnaire 
1 delineated  48  flaws  t.hat  may  occur  in  graphite/ epoxy  structures,  a qualita- 
tive index  of  their  effects,  and  preliminary  indication  of  the  likelihood  of 
their  occurrence,  right-most  column  of  Table  3,  and  wound  up  with  281  scores 
in  the  "frequent,"  X,  category,  249  in  the  "intermediate,"  x,  category,  and 
203  in  the  "infrequent,"  0,  category. 

Turning  our  attention  now  to  questionnaire  2 and  remembering  that  its 
purpose  was  to  obtain  quantitative,  numerical  estimates  of  the  frequency  of 
occurrence  of  the  worst-effect  flaws  reported  in  questionnaire  1,  we  will 
describe  the  degree  of  industry's  opinion  consensus  in  regards  to  these 
likelihoods  of  flaws  and  defects. 

ASSESSMENT:  THh  FREQUENCY  OF  CRITICAL  FIJVW 
OCCURRENCE  IN  GRAPHITE/ EPOXY 

To  make  the  second  questionnaire  more  manageable,  the  47  flaw  types 
emerging  from  questionnaire  1 were  pared  down  to  34  by  eliminating  those  that 
scored  less  than  10  in  the  index  of  effects,  and  by  omitting  those  defects  or 
flaws  that  were  clearly  correctable  design  or  stress  errors.  It  was  thus 
hoped  that  the  probabilities  of  the  apparently  more  critical  flaws,  defects 
and  imperfections  that  occur  during  processing,  manufacturing  and  assembly  of 
aircraft  components  made  from  graphite/ epoxy  would  be  defined  in  this  ques- 
tionnaire, and  would  lay  the  groimdwork  for  future  investigations  on  the 
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wiCi. unnat  :or.,  Icxise  disbondir.^ 

X 

Irtcmal  delamination,  l-listor 

X 

iVersited  hole 

X 

.'S 

Itole  e.xit  side  broken  fibers,  breakout 

X 

' z 

Tearbut  or  pull  - throui;h  in  countersinks 

P 

— 

Prepret;  variabilities  exceedinp  preset  levels 

A 

Resin-star\'ed  bearnp  surface 

0 

14 

Resin-rich  er  fiber-starved  areas 

X 

i n 

Lxcessive  pores  itv,  voids 

X 

1 j 

-cratch,  fiber  breakage,  damage  done  in  ’-.andling 

0 

-I 

Pent,  r.o  tirer  breakage,  aarage  tone  in  iianuling 

A 

-V 
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0 

iidge  delaminat ion , splintering 

X 

iVertoroued  fastener 

0 

** 

Solit  tow,  fiber  separation 

0 

T" 

Edge  notch  or  crack 

ri 

19 

Gimer  notch  or  crack 

0 

13 

M.-.slocated  hole  - .not  required 

0 

;s 

'iislocated  hole  - resin  refilled,  redrilled 

X 

brinkles,  waviness,  miscalliination 

X 

:s 
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X 
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X 

:o 
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0 

:i 
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X 

n 
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n 
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X 

Improper  fastener  seating 

\ 

:i 

Variable  cure,  temperature  inhomogeneities  in  oven 

X 

34 
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Nonuniform  bond  joint  thickness 
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1 
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0 
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30 
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damage  to  be  expected  during  service  lives.  Next,  the  34  flaws  were 
rearranged  into  three  classes  of  likelihood  of  occurrence: 

Most  frequently  experienced  flaws 
Intermediate,  less  frequent  flaws 
Infrequent,  but  still  observable  flaws 

Qaestionnaire  2 displayed  these  rearranged  flaws  aJid  asked  the  recipients 
to  estimate  the  frequency  of  graphite/ epoxy  flaw  occurrence  expected  in  a 
normal  aerospace  production  atmosphere  based  upon  today's  processing  and 
manufacturing  practices.  To  guide  the  respondent's  thinking,  each  flaw  had 
associated  with  it  a range  of  score  boxes  with  percentage  units  per  parameter 
appropriate  to  the  flaw,  with  the  mid-range  box  being  a first  subjective 
assessment  by  the  questioners.  The  questionnaire  and  the  results  are  shown 
in  Figure  2. 


ANALYSIS:  QIARACTERIZATIONS  OF  FLAWS  FOR 
FRACTURE  MEOIANICS  ANALYSES 


The  results  blocked  out  in  Figure  2 bear  out  the  25  century  old  prophecy 
that  "it  is  probable  that  the  improbable  will  occur"  (Agathon  of  Athens, 

417  BC)  and  furthermore  quantifies  it  for  graphite/epoxy.  The  probability  of 
flaw  occurrence  in  Figure  2 were  calculated  by  totalling  the  responses  for 
each  entry,  finding  the  median  and  adjusting  it  by  the  shape  of  the  histo- 
grams of  responses  in  Figures  3a  and  b.  This  concluded  the  surveys,  and  with 
this  data  base  the  analysis  of  the  effects  and  impacts  of  flaws  can  begin. 

One  approach  toward  the  prediction  of  the  consequences  might  be  the 
linear  program  modelling  of  both  the  cost  to  detect  flaws,  o]  ....i,  and  of 
the  structural  effects  of  flaws  in  a single  causal  and  correlative  formula- 
tion. The  objective  function  would  be 


P.(t,k,r,F,a  ,F  ,A. , . 
k o o 4 


..,C,X,A,B, 


subject  to  the  constraints  AX  B, 
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where 


f’  ~ residual  load  that  can  he  sustained  by  the  flawed  component  after  t 
elapsed  time  in  service. 

k = kj^,k2,k2  ....  = alternate  sets  of  processes,  manufacturing  or  non- 
destructive evaluation  practices,  with  cost  of  k^  f cost  of 
k2  f cost  of  k3  / 

r = exponent  characteristics  of  graphite/epoxy  material. 

I-  = stress  with  subscripts  of  F-  indicating  stress  associated  with  flaw. 

a^  = shape  parameter  for  Weiliull  distribution  function  in  the  structural 
degradation  formula 

= scale  parameter  for  Weibull  distribution  function 

A = A where  A = constant  coefficient 

4 o o 

D = effective  compliance 
K = apparent  toughness  or  work  parameter 

C = vector  of  contributions  of  all  flaws  to  the  loss  of  P]^,  with 
Cj(r,F',  ...)  giving  degradation  of  Pj^  caused  by  one  flaw,  X^, 
acting  singly. 

X = index  of  flaws,  Xj,  where  Xj  = intensity  of  flaw  occurrence  = 
number  of  ith  flaws  expected  in  a component  from  specific  manu- 
facturing practice,  expressed  as  of  flaw  intensity  X^,  as  per 
(^estionnaire  No.  2 results. 

i = enimcrant  of  flaw  type,  category,  size  and  location.  1 s i 34 

A = matrix  of  A^j  coefficients  indicating  use  of  Bj  by  Xj^. 

B = vector  of  Bj  constraints  on  several  Xj's. 

B.  = limitations  imposed  by  NDIii  ^ j and  their  sensitivities  and 
thresholds  for  detection  versus  cost  of  inspection  and  repair. 
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This  linear  proi;r;uiiiTiing  approach  is  .'uncnable  to  optinization  for  cost- 
cf feet i vencss , and  allows  an  algorithm  to  be  formulated  for  structural 
accept/re Ject  criteria,  n;uncly  if 

1’^^)  > IIq,  then  accept;  and  if  nfl’jvj  - then  reject 

wliere 

II;  II  = probrfhi 1 i ty  of  event  in  parenthesis;  prespecified  serviceabil- 
ity probability  delimiting  acceptance  or  rejection 

**1\  ~ Probability  that  residual  strength  after  one  economic  life 
exceeds  design  strength 

*'xx  ” probability  that  mreximum  service  load  exceeds  design  load 

CO.NCl.lISlON:  QIAHACRiRlZATlON  Ol’  MAMUl-AClllRING  PLAWS 

By  way  of  conclusion  and  characterization  of  these  introductory  investi- 
gations, the  flaws  were  assigned  to  their  characteristic  stress  field  as  shown 
in  Table  4,  ;ind  sorted  into  six  types  of  stress  fields  associated  with  their 
occurrence : 

I \'pe 

1 


l\ 


St  rc'ss  field 

l.oca  1 i zc‘d , planai'  and  sharp  st  I'ess  giadieiits 
l.oca  1 I ;:c'd , tiirougb  t lie  tbii.kness  stress  gradii.'nts 
Di '.per-'C'd  stress  gradients 

Sui'lace  loca  1 i zed  liigb  stress  com'ent  rat  ions 

\arial)h',  fluctuating  laminate  st  i f I'ik'ss  and  |)ropensit\-  for 
st  met  iiral  instabi  1 it>’ 

'■li  st^  e 1 laneuiis 


In  sumrviry  we  characterized  graphite  epoxy  manufacturing  flaws  by  both 
their  likelihood  of  occurrence  and  by  the  stress  field  disturbances  that  they 
cause.  This  characterization  can  then  pave  the  way  for  further  studies  on 
assessing  the  criticality  of  flaws  so  as  to  eventually  develop  criteria  for 
acceptance  or  rejection. 


> 
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TABLE  4,  CHARACTERIZATION  OF  FLAWS  IN  GRAPHITE  EPOXY  BY  STRESS  FIELD  AND 
PROBABILITY  OF  OCCURRENCE  FOR  THE  PURPOSE  OF  SERVICEABILITY  EVALUATION 


flaw  'lyiic 
Wmbcr 


Iztxl,  planar  (VcrRizod  iiolo 

Mislocalrd  hoIc-rt*sin  rcfllUsI,  roOrllhtl 
CXJt -of- round  hole 
l-iRurc  8 hole 

IxIrc  notch  or  through  crack 
Mi-slocotcil  fwlc  • not  ret^uired 


l:cd,  throijRlj  Tcarout  or  piiU-throuRh  in  countersink 
hicknes.-;  TaIro  deliunitcit ion,  splintering 

s gradients  Improper  fastener  seating 

Countersink  on  wrong  side  of  lamirvite 
Internal  'loluninat  ion,  blister 
Nonuniforui  agglomerations  of  hardner  agents 
over  small  volume 
Nonmiform  bond  joint  thickiiess 
Snvill  external  dclamin.'it ion,  lot)sc  fiber,  or 
disbond  area 

Foreign  particle,  contamination,  inclusion 
Dent,  no  fiber  breakage,  danuigo  done  in 
hamll  ing 

Pills  ami  fiirr  halls 

Misfitting  fKirts  cutt  ing  fibers  in  fillets 
corner  notch  or  crack  (thin  specimen) 

Ply  underlap,  gap 
Ply  overlap 
Tool  impressions 

Resin-rich  or  f ibcr-starv'cd  condition  over 
small  vohane 
Overtort^ui^l  fasteners 


Measure  of  Occurrence 


2-3t  drllletl  holes 
. 00006-. oon  drilled  holes 
1 . dri  1 led  holes 
0.. 1-1.21  drilled  holes 

0.3-21  drilled  Iwles 


.13-21  countersinks 

3.51  cilgc  length 

3.01  fasteners 

.00051  countersinks 

.0001-. 00031  internal  ply  area 

0- .OOll  volimc 

2-91  Iwrxl  area 
.00051  externiil  area 

1- 21  particlcs/ft  Vpl> 

.0001  - .00041  external  area 

.12-1.31  ply  area 
.9-61  per  100  corners 

.001 -.0051  ply  area 
Less  than  1.01  ply  area 
.0051  surface  area 
3.51  ply  surface  area 


III 

1‘cfL'cts  yielding 

iViIe  exit  .side  broken  fibers,  breakout 

less  than  .301  drilled  holes 

disperstnl  stress 

Tearout  or  pull-through  in  countersinks 

.13-23  counters ink.s 

grad ient  s 

Reworked  areas 

Marcelled  fibeis 

Wrinkles,  wjivincss,  mi.scol  1 inu<t  ion 

3.53  visible  surface  areas 

Internal  delaminat ion,  loose  fibers. 

.00053  oxternul  area 

disbonding 

Mislocated  cocured  a.sscmblios  in  sjime  tool 

2.03  cocurod  elements 

V'inble  cure,  tempernturc  inliomogcnl  t Ics 

0.53  r^sln  volume 

in  oven 

Crossly  nonuniform  agglomerations  of  hardener 

.0013  VC  lime 

agents 

excessive  porosity,  voids 

.0033  volume 

Ply  tindcrlap,  gap 

.0053  ply  area 

Ply  ovTrlap 

loss  tlwn  1.03  p!v  area 

Resin-rtch  or  i Ihcr-starvcil  areas 

3.53  ply  surface  aiea 

IV 

S<n  f ;ice-  local  ir.cd , 

Ible  exit  side  bix)kc-n  fibers,  breakout 

i.ess  than  303  drilled  holes 

high  stress 

Improper  fastener  .icating 

3.03  fasteners 

c<  neent  i at  ion 

Internal  dclianliwit  Ion,  loose  fibers, 

.00053  extetnal  atca 

vl  i sborwl  ing 

IV*nt , no  fiber  breakage,  djinuige  done  ir, 

! 

.0001 -,00043  external  area 

hur.Jl  ing 

Pil Is  and  fu:z  balls 

Misfitting  parts  .uttirig  fibers  in  fillets, 

. 12-1.33  ply  jvea 

i 

pool  seating 
i'orncr  notch  or  crack 

..3-6.0  per  100  corners 

Tool  |mpro;islons 

,0053  surface  area 

iXiter  ply  sofiuration 

.Vratch,  fiber  breakage,  d.'insage  dofic  In 

.0063  outer  ply  area 

handling 

l.ovvor  stiffness,  Prepreg  var luhll  1 1 les  exccetMng  prc.sot  levels 
asyninctry  Miivel  led  fibers 

Wrinkles,  waviness,  miscol  I Inuit  Ion 
l.xternal  d>M;un!nat  ions , If^oso  fibers, 
dis!xind  ing 
Misorirntcil  ply 

Vari;<nIo  cure  timpeniturc  inlwwwgenlt les 
ir  oven 

Missing  ply  or  pi ie.s 
Excessive  (»oroHlty,  voids 
Ply  overlap 

Rcsin-rlch  oi  fiber  srurvctl  .nrcas 
(Xjtet  ply  ficpnratlnn 


*.51  prqjrcg  vohine 


,00051  external  area 

.05-81  dcsignatcil  plies 
.051  rosin  volifse 

«08-.6l  dealgiuited  piles 
,0031  VO  lime 
Less  than  1.01  ply  area 
3.5*  ply  surface  area 
,0061  outer  ply  area 
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CATASTROPHIC  CRACKING  IN  DLI’CHITT)  URANIUM  PI;NT;TRAT()RS 


S.  (i.  l ishman  aiul  (!.  R.  (.'rowc 
Naval  Surface  Weapons  Center 
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INTRODUCTION 


Heavy  metal  alloys  are  of  great  military  interest  as  a result  of  their 
excellent  penetration  capability.  Of  the  materials  under  consideration, 
depleted  uranium  alloys  arc  among  those  with  the  greatest  promise  based  on 
effectiveness,  cost,  and  availability  criteria.  Taich  of  the  three  services 
(Army,  Navy,  and  Air  force)  has  at  least  one  program  in  which  a depleted 
uranium  alloy  is  the  prime  candidate  for  the  penctrator  material. 

One  of  the  military  requirements  of  munitions  is  a sufficiently  long 
shelf  life.  Standard  military  environmental  tests  arc  carried  out  as  a 
matter  of  course  on  every  new  munition  prior  to  its  introduction  to  service. 
Such  test  ; were  designed  for  munitions  constructed  of  steel,  brass,  or  other 
materials  not  susceptible  to  severe  atmospheric  attack.  However,  with  the 
introduction  into  inventories  of  materials,  which  are  susceptible  to 
atmospheric  corrosion  such  as  depleted  uranium,  more  comprehensive  environ- 
mental tests  must  be  carried  out. 

In  order  to  determine  if  the  l)U-2  wt"  alloy  used  for  the  DU-2 
penetrator  is  susceptible  to  stress  corrosion  cracking  (SGC)  during  long- 
term storage  in  a moist  atmosphere,  DU-2  penetrators  from  two  of  three 
procurement  batches  were  subjected  to  moist  air  at  IbO'^F  and  95-percent 
relative  humidity  for  varying  lengths  of  time.  Severe  cracking  of  the 
penetrators  from  one  of  the  lots  resulted  from  these  treatment,  indicating 
the  presence  of  a potential  stress  corrosion  cracking  problem  in  this 
particular  alloy.  A series  of  projectile  ballistic  limit  tests  were 
conducted  on  the  uncracked  penetrators  following  the  temperature  and 
humidity  (TUM)  treatment.  The  observation  that  the  projectile  ballistic 
limits  are  nearly  the  same  for  all  the  uncracked  penetrators,  independent 
of  r and  H treatment,  was  interpreted  to  mean  that  the  rate  of  crack 
propagation  is  much  faster  than  that  of  crack  initiation.  The  fact  that 
only  one  of  the  two  batches  investigated  cracked  during  the  T and  11 
treatment  indicated  that  there  was  some  metallurgical  difference  between  the 
batches.  It  was  the  purpose  of  the  present  program  to  investigate  the 
mechanism  of  SCC  in  DU- 2 penetrators  and  to  ascertain  the  reason  for  the 
difference  in  behavior  between  the  batches  of  penetrators  when  subjected  to 
moist-air  environments. 


FORMULATION 


In  order  to  accelerate  the  SCC  process,  20  specimens,  as  received,  were 
placed  under  a controlled  environment  of  160°F  - 2°F  and  95^o  relative 
humidity  - 2%.  This  treatment  was  sufficient  to  promote  corrosion  cracking 
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in  all  specimens.  A detailed  chemical  analysis  before  and  after  the 
temperature-humidity  treatment  was  carried  out  and  the  results  for  typical 
specimens  are  ^iven  in  Table  1. 

Met  a 1 lo^jraph i c samples  were  ground  using  standard  techniques  with  final 
polishing  of  ()  iim  iliamond,  1 pm  diamond  and  0.5  pm  Al20-^  on  nylon,  billiard 
cloth,  and  microcloth  covered  wheels,  respectively.  Specimens  for  the 
optical  microscope  were  viewed  both  in  the  etched  and  unetched  condition. 

A 50;5()  nitric  acid:  acetic  acid  submersion  etch  was  used.  Scanning  electron 
microscopy  and  X-ray  dispersive  analysis  was  carried  out  on  a Cambridge 
M.\RK  2A  SbM.  The  phase  structure  of  the  alloy  was  ascertained  with  a 
Phillips  X-ray  diffractometer. 


ASSbSSMHN'r 


A macrosection  of  a typical  specimen  exhibiting  corrosion  cracks  is 
shown  in  Fig.  1.  The  specimens  possessed  a large  number  of  longitudinal 
stringers  distributed  throughout  the  component.  Corrosion  cracks  were 
intimately  associated  with  the  stringers  and  propagated  from  stringer  to 
stringer  along  the  specimen.  An  optical  microscopic  examination  confirmed 
jl  that  the  stringers  were  composed  of  bulky,  internally  cracked  inclusions, 

I as  siiown  in  Fig.  2.  During  a hot  rolling  process,  the  more  ductile  matrix 

pulled  away  from  the  inclusions  leaving  voids  between  the  two  phases.  This 
results  in  regions  of  potentially  high  localized  internal  stresses  and  low 
mechanical  strengths  which  provide  easy  propagation  paths  for  corrosion 
cracks  through  the  specimens. 

The  two  most  probable  sources  of  tensile  stress  sufficiently  high  to 
result  in  crack  propagation  may  act  independently  or  in  combination.  These 
are  internal  stresses  due  to  fabrication  and  stresses  due  to  corrosion 
product  wedging.  Ihe  internal  stress  profile  of  a DU-2  penetrator  has 
been  measured  by  the  Sachs  boring-out  method.  As  shown  in  Fig.  3,  high 
tensile  stresses  in  the  tangential  directions  are  present  on  the  surface  of 
the  penetrator. 

A product  of  the  uranium-water  reaction  is  cathodically  reduced  hydrogen 
and  uranium  dioxide. 


IJ  + 2M2O  UO2  + 2H2 


i 

I 


The  corrosion  oxide  is  considerably  less  dense  than  the  uranium  metal  and 
as  a result  the  subsequent  "wedging"  of  corrosion  product  places  the  region 
of  the  crack  tip  under  a state  of  tensile  stress  which  increases  the 
solubility  of  hydrogen  there.  This  is  a thermodynamic  effect,  with  its 
origin  in  the  material  dilatation  under  elastic  stress  and  the  positive 
volume  change  that  accompanies  the  entrance  of  hydrogen  interstitials  in 
the  metal  lattice.  A mechanism  is  provided,  therefore,  for  an  increased 
concentration  of  hydrogen  in  the  vicinity  of  a corrosion  crack  tip  with  a 
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TABLh  1 


TYPICAL  CHEMICAL  ANALYSIS  OF  U-Mo  ALLOY  (wt.%) 


Ti 

-- 

0.001 

A1 

0.005 

Si 

0.014 

P 

-- 

<0.002 

Fe 

-- 

0.002 

NL 

-- 

0.001 

Cu 

-- 

0 . 006 

Mo 

-- 

2.85 

C 

0.016 

0 

0.005 

N 

-- 

<0.0005 

H 

. . 

0.0001 

H 

-- 

0.0022 

U 

-- 

Bal. 

before  T and  H 
after  T and  H 
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I i K • 1-  l.onjji  tud  i n.i  1 section  of  II  2 wt  . -"o 
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"ig.  2.  Inclusions  within  corrosion  cracking  specimen.  800X 
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concomitant  embrittlement  of  the  uranium  matrix.  That  this  does  indeed 
occur,  is  shown  by  the  fact  that  the  hydrogen  content  of  the  alloy  increased 
from  1 ppm  by  weight  prior  to  the  40  day  temperature-humidity  treatment  to 
22-20  ppm  afterwards.  As  the  solubility  of  hydrogen  in  ct  uranium  is  less 
than  0.5  ppm  at  room  temperature,  hydride  precipitates  nucleate  ahead  of  the 
corrosion  crack  forming  a path  of  easy  crack  propagation.  Such  a zone  of 
UII3  precipitates  extending  approximately  20  pm  from  a corrosion  crack  is 
illustrated  in  Fig  4.  As  the  crack  extends,  new  surface  area  of  the  metal 
is  exposed  and  the  corrosion  and  embrittlement  process  repeats  in  steps. 

UHj  particles  by  themselves  do  not  provide  sites  of  nucleation  for 
corrosion  cracks.  In  many  cases  hydride  precipitates  near  the  surface  of 
the  samples,  such  as  those  shown  at  the  grain  boundaries  in  Figure  5,  were 
observed.  In  none  was  a crack  initiating  at  these  locations.  U-2  wt.-%  Mo 
alloys  are  usually  not  very  susceptible  to  corrosion  cracking  in  moist  air. 

No  cracking  was  observed  in  specimens  without  the  presence  of  the  stringer 
inclusions . 

As  previously  mentioned,  cracks  have  difficulty  nucleating  in  media 
where  the  metal  uniformly  corrodes  at  high  rates.  In  the  present  case, 
when  a stringer  of  inclusions  intersects  the  surface  of  the  metal,  a 
natural  crevice  is  present  which  is  subject  to  high  tangential  tensile 
stresses  and  which  provides  a site  for  a corrosion  pit  rapidly  forms,  as 
shown  in  Fig.  6.  This  occurs  because  of  the  more  active  nature  of  the 
metal  at  the  base  of  the  crevice  than  at  its  sides.  Corrosion  attack  in 
the  crevice  with  subsequent  absorbtion  of  embrittling  nascent  hydrogen  and 
formation  of  low  density  corrosion  products  produces  a state  of  very  high 
tensile  stress  causing  crack  propagation  from  the  base  of  the  corrosion  pit. 

Figure  7 shows  a high  magnification  SEM  photomicrograph  of  a typical 
inclusion.  No  discernable  composition  difference  between  the  bulk  of  the 
inclusions  and  the  matrix  material  was  detected  by  X-ray  dispersive  analysis; 
however  light  elements  such  as  oxygen  and  nitrogen  are  not  detectable  with 
this  technique.  The  most  likely  identify  of  the  inclusions  are  uranium 
oxides  and/or  nitrides  formed  during  the  melting  and  casting  of  the  ingots 
as  a result  of  an  insufficient  vacuum.  Subsequent  working  of  the  material 
results  in  the  formation  of  stringer  inclusions.  In  isolated  instances. 

X-ray  dispersive  analysis  revealed  the  presence  of  sulphur,  iron,  and 
magnesium  segregated  in  the  inclusions.  These  elements  were,  however, 
observed  only  in  widely  distributed  areas. 

CONCLUSIONS 

Components  of  a uranium-molybdenum  alloy  not  usually  susceptible  to 
corrosion  cracking  in  moist  air  were  found  to  have  a severe  cracking  problem. 
Metal lographic  examination  indicated  that  stringers  of  blocky  shaped, 
internally  cracked  inclusions  were  responsible.  The  inclusions,  when 
intersecting  the  surface  of  the  components,  served  to  provide  a site  for 
accelerated  corrosion  attack,  either  due  to  crevice  or  galvanic  corrosion 
effects.  Cathodically  produced  hydrogen  diffusing  into  the  metal  at  these 
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sites  caused  tlic  foj'mation  of  hydride  prcc  iji  i tates  which  resulted  in  alloy 
embrittlement.  Tensile  stresses  responsible  for  crack  propajjation  were 
provided  by  internal  fabrication  stresses  and/or  by  corrosion  products  of 
lower  density  than  the  matrix  alloy  producing  a wedging  effect  and 
subsequent  crack  propagation. 
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INTRODUCTION 


Specialized  mechanical  design  appl icatiOTis  suggest  that  ceramic  materi- 
als might  prove  to  be  superior  design  choices  as  compared  to  conventional 
metallic  alloys.  lilevated  temperature  environments  and  wear-prone  mechanisms 
are  two  of  these  applications.  The  current  popularity  of  developmental  ef- 
forts to  produce  fully-dense  ceramic  bodies,  as  reported  in  the  ceramic  lit- 
erature, attests  to  the  promise  of  these  solids.  At  least  two  difficulties 
will  remain  even  though  such  bodies  are  successfully  fabricated-- low  fracture 
resistance  and  fabrication  difficulties  encountered  in  machining  complex 
structural  shapes.  Metal- infi Itrated , porous  ceramics  have  been  demonstrated 
to  possess  strengtii  response  levels  superior  to  those  of  fully-dense  bodies. 
Infiltrated  solids  can  often  be  fabricated  in  a rough  form  close  to  finish 
dimensions  and  are  comparatively  facile  to  machine.  Structural  shapes  have 
been  fabricated  and  their  production  processes  discussed[ 1 ] . Successful 
infiltration  of  a porous  body  implies  interconnected  pores;  however,  some 
porosity  is  not  impregnated  by  the  molten  metal  and  residual  porosity  exists 
in  such  materials .usual ly  less  than  5.0°o  of  the  total  volume.  The  residual 
IHirosity,  coupled  with  cycling  thermal  and  mechanical  loads,  leads  to  pore 
(or  crack)  growth  and  structural  failure  is  produced  by  catastrophic  crack 
extension.  I'he  design  of  a successful  infiltrated  body,  then,  must  include 
a prediction  and  maximization  of  fracture  resistance  based  upon  the  thermo- 
mechanical response  of  the  composite's  constituents  and  the  distribution  of 
these  constituents. 

Certain  chemical  effects  must  be  considered  for  a successful  ceramic- 
metal  body.  i'he  molten  metal  must  wet  the  ceramic  pore  surfaces;  moreover, 
it  has  been  found  that  the  best  infiltrants  should  form  an  intermediate  layer 
of  reaction  in  the  pore[2].  Tlie  usefulness  of  the  infiltrant  is  limited  by 
its  relatively  low  melting  point;  conversely,  ease  of  infiltration  is  en- 
hanced by  lowered  melting  point.  Given  these  material  constraints,  the  frac- 
ture resistance  of  the  resultant  composite  body  will  be  determined  by  the 
metal's  thermo-elastic  and  thermo-plastic  response,  by  the  spatial  distribu- 
tion of  the  metal  (the  average  pore  diameter  and  interpore  spacing),  and  by 
the  thermoelastic  response  of  the  ceramic  matrix,  assuming  that  the  latter 
never  achieves  a state  of  phenomenological  plasticity.  These  quantities 
should  make  possible  a predictive  design  analysis  of  the  mechanical  response 
(fracture  resistance)  expectations  inherent  in  the  composite. 
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FORMULATION 


There  are  two  competing  phenomena  occurring  to  effect  the  fracture  re- 
sistance of  a metal-infiltrated  ceramic  as  its  temperature  is  increased. 

The  first  effect  is  the  generation  of  tresselated  stress  fields  around  the 
pcres  as  the  temperature  increase  produces  different  strains  in  the  metal 
pore  than  in  the  ceramic  matrix:  the  second  is  the  degradation  of  mechanical 
strength  of  the  metallic  phase,  possibly  extreme  if  its  metallurgical  state 
is  not  stable.  Simplifying  the  complex  interconnected  pore  structure  to  iso- 
lated porosity  of  spherical  shape,  we  find  from  previous  studies [3]  that 
large,  localized  components  of  compressive  normal  stress  are  generated  in  the 
radial  sense  from  the  pore  center  in  the  brittle  matrix.  These  stresses 
would  not  only  reduce  the  tensile  components  present  in  a Mode  I [4]  crack 
extension  process  for  a fully  dense  solid,  but  are  even  more  advantageous 
than  the  concentrated  stresses  that  would  surround  empty  pores.  If  an  aver- 
age interpore  spacing  X is  present,  and  the  thermal  expansion  misfit  stresses 
act  appreciably  only  to  a distance  of  four  average  pore  radii,  4a,  then  the 
difference  in  strain  energy  release  rate,  AG,  obtained  relative  to  a fully 
dense  matrix,  is  approximately: 


AG 


2 p^(4a)V(l+v  ) 
E ^ 


(1) 
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(a  -a. jAT 
^ m 1 

1+v  l-2v. 

m . 1 


2E  E. 
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Here,  ct  = linear  coefficient  of  thermal  expansion,  AT  at  the  change  in 
temperature,  v poisson  ratio,  and  E the  modulus  of  elasticity.  The  subscript 
m refers  to  the  ceramic  matrix,  and  i to  the  infiltrant. 

More  important  than  the  increase  in  fracture  resistance  expected  from 
equation  (IJ,  however,  is  the  eventual  weakening  effect  brought  about  by  t..e 
thermal ly- induced  strength  degradation  of  the  metallic  infiltrant.  As  long 
as  the  infiltrant  can  maintain  the  elastic  stresses  that  give  rise  to  equa- 
te :i  (1),  linear  strengthening,  as  reflected  in  loads,  with  increasing  tem- 
perature can  be  expected.  When  the  sharp-notch  stress  fields,  however,  ex- 
ceed the  yield  stress  of  the  infiltrant  in  pores  nearest  the  crack  tip,  de- 
: artures  from  linearity  in  fracture  resistance  will  ensue.  When  all  pores 
oithin  an  average  interpore  spacing  have  stress  states  equal  to  the  equiva- 
■rit  vield  stress  of  the  infiltrant,  further  strengthening  cannot  be  expected 
. . the  infiltrant  possesses  a high  degree  of  work  hardening. 

• location  of  the  elastic-plastic  interface  ahead  of  a sharp  crack, 
[dane  of  the  crack,  is  given  by(5]: 
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where  o is  the  yield  strength  of  the  material  and  Kj  is  the  Mode  I stress 
intensity  factor  pertinent  to  the  structural  shape,  crack  geometry,  and  load- 
ing details.  Equation  (3)  refers  to  plane  strain  constraints,  certainly  true 
for  the  infiltrant  held  in  the  pores.  The  maximum  value  for  the  plastic  zone 
radius  will  occur  for  Kj  ->■  the  critical  value  of  stress  intensity  or 
fracture  toughness.  Wlien  this  radius  value  reaches  the  interpore  spacing  A, 
fracture  resistance  will  have  reached  a plateau  value. 

Two  metal-infiltrated  composites  were  available  for  this  study.  One  was 
a 2024  aluminum  alloy  infiltrated  commercial  graphite  described  elsewhere[2] . 
i'he  other  was  a react  ion- sintered  Si^N^  similarly  infiltrated.  Both  mate- 
rials were  prepared  by  Amos  J.  Shaler  Associates,  Park  Avenue,  State  College, 
PA,  10801.  The  aluminum  alloy  can  be  presumed  to  be  overaged,  as  the  com- 
posite samples  were  air  cooled  after  infiltration.  Bulk  mechanical  response 
quantities  are  available  in  the  literature  for  such  alloy  forms[6]  and  the 
temperature  dependence  of  the  aluminum  yield  stress  is  given  in  Table  1. 


Yield  Stress  (ksij 

47 

45 

36 

19 

9 

6 

4 

Temperature (“C) 

24 

100 

150 

205 

260 

315 

370 

Table  I.  Yield  strength  levels  and  temperature  for  2024-T7 

(overaged)  Aluminum 


Infiltrated  pore  sizes  and  dispersion  were  directly  measured  on  plane  pol- 
ished sections  at  500X  magnification.  The  average  infiltrated  pore  diameter 
was  4.1  X 10"^  inches  for  the  SijN^  and  2.8  x 10-3  inches  for  the  graphite: 
the  interpore  separations  averaged  2.2  x 10-3  inches  for  Si^N^  and  2.8  x 10"3 
inches  for  the  graphite.  Typical  photomicrographs  are  shown  in  Figure  (1) 
below.  It  should  be  possible,  via  equation  (3),  to  predict  upper  limits  to 
the  fracture  toughness  for  both  materials. 

ASSESSMENT 


The  results  of  testing  for  fracture  resistance  are  given  in  Figure  (2) 
below.  The  fracture  toughness  measurements  were  made  on  beams  subjected  to 
4-point  l)end  loading.  The  test  samples  had  a cross-section  0.25  inches 
square  and  a span  of  2.0  inches  between  the  outer  most  bearing  points.  The 
innermost  bearing  points  were  0.5  inches  from  the  outermost,  bearing  a 0.08 
inch  deep  notched  constant  moment  center  span  of  1.0  inches.  Notch  radii 
were  finite,  less  than  10-4  inches  for  graphite,  10*3  inches  for  the  SijN^. 
The  samples  were  placed  in  a loading  jig  with  thermocouple  attached,  lowered 
into  the  thermal  jacket  already  at  temperature,  and  tested  when  the  sample 
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Figure  2.  Measured  Fracture  Toughness  (Kj^^)  Values  and  Infiltrant  Yield 
Strength  vs.  Temperature  for  Two  Infiltrated  Ceramics. 
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reached  the  desired  temperature.  Fracture  toughness  values  were  calculated 
using  maximum  load  values  and  specimen  geometry  measures  in  a suitable  stress 
intensity  factor  formula  for  the  configuration[7] . 


Applying  equation  (3)  to  the  experimentally  determined  Kj(3  values,  and 
using  tensile  yield  strength  data  for  the  infiltrant  (Table  1),  we  find  plas- 
tic zone  sizes  to  be  0.0031  and  0.002  inches  for  the  graphite  and  Si3N4, 
respectively  at  the  maximum  values  for  the  two  materials.  These  values 
agree  closely  with  the  measured  values  of  0.0028  and  0.0022  inches  for  graph- 
ite and  SijN^.  Clearly,  then,  the  maximum  fracture  resistance  will  occur 
when  a complete  pore  sample,  included  within  an  average  interpore  spacing 
ahead  of  the  crack  tip,  carries  the  maximum  elastic  stress  (yield  stress) 
for  the  infiltrant.  It  should  be  noted  that  previous  attempts [2]  to  explain 
the  fracture  resistance  at  room  temperature,  without  using  fracture  mechanics 
concepts,  were  unsuccessful. 

In  summary,  then,  it  appears  that  knowledge  of  the  filled  pore  spatial 
distribution  in  a metal  infiltrated  porous  ceramic,  as  well  as  characteriza- 
tion of  the  metallic  alloy  mechanical  response  at  elevated  temperatures,  will 
suffice  to  predict  the  maximum  expected  fracture  toughness  of  the  composite. 

Suitable  alloys  can  be  chosen  to  suit  application  demands,  provided  that  the 
molten  metal  wets  the  ceramic.  The  above  treatment  is  rather  brief  and  not 
complete,  however.  The  task  still  remains  for  the  fracture  mechanics  analyst 
to  provide  the  materials  engineer  with  a more  complete  thermo-elastic  stress 
analysis  of  sharp  flaws  imbedded  in  multiphase  media. 

CONCLUSIONS 

With  the  preceding  analysis  as  a guide  to  future  design  of  metal-infil- 
trared  ceramics,  it  only  remains  for  engineers  to  find  applications  for 
which  the  adoption  of  these  materials  represent  not  only  a technological, 
but  also  an  economic,  improvement  over  existing  design  options.  New  material 
fabrication  processes,  including  ultrasonical ly-aided  infiltration,  are 
currently  being  investigated  to  realize  the  technological  potential  of  these 
solids  by  amelionating  economic  difficulties. 
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